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Abstract 

Steel catenary risers are increasingly used for offshore oil and gas production due to their 

suitability for deep and ultra-deepwater installation, in terms of structural capacity and 

capital expenditure requirements. However, the fatigue performance of welded 

connections is a key concern for steel catenary risers due to the extreme dynamic loading 

associated with the offshore environment. This thesis presents the development of novel 

experimental and computational methods for characterisation of the fatigue performance 

of welded X100, a next-generation, high-strength steel for lightweight steel catenary 

risers. Particular focus is given to the through-process effects of welding on the 

inhomogeneity of cyclic plasticity and fatigue response across the parent material weld 

metal and heat affected zone. A key aim is to develop dislocation mechanics constitutive 

material models for the complex, microstructure-driven variations of stress-strain 

response within X100 welded joints. This provides a significant step towards a process-

structure-property predictive methodology for fatigue of welded connections which will 

facilitate the design of high-performance steel catenary risers. 

An extensive experimental programme is conducted, including a full-scale girth welding 

trial on X100, physical-thermal simulation of heat affected zone, microstructural analysis 

and mechanical characterisation of X100 parent material, weld metal and simulated heat 

affected zone. The hardness, monotonic strength and cyclic plasticity response of the 

parent material and simulated heat affected zone materials are shown to vary significantly 

as a result of microstructural transformation during the simulated welding process. The 

differences in fatigue life between the parent material, simulated heat affected zone and 

weld metal indicate that yield strength and cyclic softening behaviour are predominant 

factors in the variation of fatigue performance among the materials. X100 is shown to 

exhibit superior fatigue performance to the current state of the art offshore riser steel, X80. 

A significant reduction in fatigue life is shown for welded specimens and specimens with 

softened microstructural regions within the gauge length, indicating susceptibility to 

failure due to heat affected zone softening for matched or over-matched X100 welds. 



A new two-stage cyclic damage evolution model is developed to capture the 

experimentally observed damage evolution for X100 and to predict fatigue life. The model 

is calibrated and validated against fatigue test data from the experimental programme and 

is implemented within a non-linear kinematic-isotropic hardening Abaqus user material 

subroutine for multiaxial application. The subroutine is applied within a hierarchical 

global-local modelling methodology for dynamic fatigue analysis of a steel catenary riser 

girth weld, where the interdependency between fatigue damage-induced material 

degradation and cyclic plasticity at the weld is shown for a range of load cases. 

A novel damage-coupled dislocation mechanics based constitutive model is developed for 

the fatigue analysis of X100 welds. The model is implemented to capture the variation in 

cyclic deformation behaviour between the parent material and simulated heat affected 

zone materials based on the initial microstructure, determined during the experimental 

programme, and the evolution of microstructural characteristics. Bainitic block size and 

lath width are shown to be the key microstructural features contributing to the 

experimentally observed differences in monotonic and cyclic deformation behaviour 

between the parent material and simulated heat affected zone materials. The physically-

based constitutive model represents a method for microstructure-based modelling of the 

continuous gradient in cyclic plasticity and fatigue response across a full girth weld due 

to welding-induced effects on microstructure. This provides the key building block for 

process-structure-property fatigue design of next-generation welded steel structures. 
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1 Introduction 

 

 

1.1 Background and precedence for work 

In December 2015 the Paris Agreement, which is the largest concerted effort to limit 

global greenhouse gas emissions, was adopted by 196 countries. The agreement aims to 

keep the global temperature rise this century well below 2°C above pre-industrial levels 

and to pursue efforts to limit the temperature increase to 1.5°C. The burning of fossil fuels 

is the single greatest source of greenhouse gas emissions, therefore, significant efforts are 

being made to reduce the consumption of carbon-intensive fuels such as coal and move to 

cleaner alternatives such as renewable energy or natural gas. Despite the worldwide efforts 

to reduce greenhouse gas emissions, in 2017 oil and gas accounted for 54% of total 

primary energy demand (TPED) and according to the International Energy Agency’s 2018 

World Energy Outlook projections [1], shown in Figure 1.1, the demand is set to increase 

24% by 2040 primarily due to the transport, aviation and petrochemical sectors, where 

clean viable alternatives are not currently available. Ireland’s energy mix is particularly 

dependent on oil and gas, which provided 76% of total primary energy in 2018 [2] and are 

projected to account for 87% of total primary energy by 2030 if the current national energy 

efficiency and renewable energy action plans are implemented according to the 

Sustainable Energy Authority of Ireland [3]. 

Today’s record level of offshore oil and gas production is forecast to increase 30% by 

2040 [4] to cater for the increasing global demand, with the majority of the new capacity 

coming from deepwater (125 m to 1,500 m depth) and ultra-deepwater (deeper than 1,500 

m) developments. Due to the transition to production in greater water depths and the recent 

volatility in commodity prices, offshore projects have become focused on simplified, 

standardised and often downsized solutions to remain competitive. Subsea riser and 
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pipeline infrastructure is often the most costly component of an offshore project [5]. 

Production risers are used to conduct oil, gas or injection fluids between the wellhead and 

an offshore production facility. Flexible marine pipe is currently the most common 

solution for production risers; however, its viability in ultra-deepwater is limited due to 

its high cost and low-pressure capacity. Due to these technical challenges, currently, the 

deepest installed flexible riser is at a depth of 1,900 m, with an internal diameter of 7.5 

inches [6]. Rigid steel risers such as steel catenary risers (SCRs), hybrid risers or top 

tensioned risers are viable alternatives, which can withstand the pressure loads associated 

with extreme water depth and large riser diameters, typically require less capital 

expenditure and offer a greater service life than flexible risers. SCRs are a particularly 

attractive solution due to their relatively low fabrication costs and ease of installation. Due 

to their suitability for deepwater production, rigid steel risers account for the majority of 

planned offshore riser installations up to 2026 [7]. 

 

Figure 1.1. The historical and projected world total primary energy demand in units of megatonnes 

of oil equivalent. From [1]. 

Fatigue performance is a key factor in the design of rigid steel risers. Recent deepwater 

projects have predominately used floating production systems such as floating production 

storage and offloading vessels, semi-submersibles, spar platforms or tension leg 
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platforms, as shown in Figure 1.2. The risers typically experience plastic deformation and 

fatigue loading during the installation process due to the large deformations associated 

with pipe reeling and laying. In-service fatigue loading occurs due to the motion of 

floating production systems, vortex-induced vibrations, and cyclic pressurisations. Rigid 

steel risers are typically constructed from 12 m long high-strength low-alloy steel pipe 

sections due to their relatively low cost and excellent weldability. The pipe sections may 

be joined by girth welding onshore or offshore depending on the installation method. The 

geometrical discontinuities and defects associated with welded connections, such as 

misalignment or lack of fusion, and welding-induced degradation of the microstructure 

cause stress concentrations which may result in localised plasticity, and are therefore 

usually the determining factors in the fatigue performance of rigid steel risers. The need 

for further research on the fatigue behaviour of welded connections in high-strength rigid 

steel risers was identified in the 2010 European report on the Fatigue behaviour of high-

strength steel-welded joints in offshore and marine systems (FATHOMS) [8]. 

 

Figure 1.2. A schematic image highlighting milestone projects in deepwater and ultra-deepwater 

offshore production, with the depth and date of first production highlighted. From [9]. 

With the ongoing technological developments in line pipe steels, welding technology, and 

consumables there is a drive towards the use of higher strength steels for deepwater and 

ultra-deepwater rigid steel risers. The advantages attainable through the use of higher-
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strength steels include cost-effective exploitation of new resources and reductions in 

structural weight, transportation, and installation costs.  

The motivation of this work is the development of a more detailed assessment approach 

with respect to fatigue in rigid steel riser welds, thus eliminating the requirement for over-

conservative factors of safety. By implementing a more efficient design methodology, it 

will be possible to fully exploit the weight reduction and increased capacity facilitated by 

the development of higher strength steels. 

The focus of this work is on the experimental characterisation and computational 

modelling of fatigue in welded SCRs. The effect of weld geometry and welding-induced 

degradation of microstructure on fatigue performance are considered. There is a particular 

focus on the fatigue performance of the candidate next-generation riser steel X100Q 

through an extensive experimental program and subsequent modelling of the observed 

behaviour. 

This chapter discusses the historical development of offshore risers, the challenge of 

fatigue in offshore oil and gas production and summarises the key obstacles which must 

be overcome to allow for specification of next-generation line pipe steels for SCRs. 

Following this, the aims and objectives of this thesis presented with an overview of the 

thesis layout and the scope of each chapter. 

1.2 The development of offshore risers 

Offshore oil and gas production first took place in the Gulf of Mexico during the 1940s at 

sea depths of less than 10 m. Initially, land-based production methods were used from 

repurposed barges or piers, with the risers consisting of conventional steel pipe. This 

remained the most common solution for risers until offshore production moved to depths 

beyond the viable range of fixed platform production facilities. Flexible marine pipe was 

developed during the early 1970s to withstand the dynamic loading associated with 

compliant or floating platforms. Flexible marine pipe is constructed from a series of 

helically-wound, interlocking steel wires and polymer layers, as shown in Figure 1.3(a), 

which provide axial and torsional strength with pressure resistance and high bending 
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flexibility. In 1978 the first flexible marine riser was installed at a depth of 124 m in the 

Enchova field off the coast of Brazil [10]. Since then flexible risers have been specified 

in offshore projects around the world to such an extent that today over 80% of production 

risers are constructed using flexible marine pipe. 

The concept of SCRs became viable during the late 1980s and early 1990s, as offshore 

production continued to move into deeper waters, thus reducing the flexibility 

requirements of risers. SCRs typically consist of a steel pipe conforming to the American 

Petroleum Institute (API) 5L line pipe standard [11], which is externally coated with 

epoxy for corrosion protection, then covered with a polymer foam in an injection 

moulding process to provide thermal insulation for flow assurance, as shown in Figure 

1.3(b). The first installation of SCRs took place in the Gulf of Mexico in 1994, where 12-

inch X52 SCRs with a wall thickness of 17 mm were used to link the Auger tension-leg 

platform to export pipelines on the seabed 872 m below [12]. In 1997 the SCR concept 

was extended to semi-submersible floating production systems when a 10-inch X60 SCR 

with a 20.6 mm wall thickness was installed to a depth of 910 m at the P-18 platform in 

the Marlim field off the coast of Brazil [13].  

 

Figure 1.3 Typical cross-section views of (a) a flexible marine riser and (b) an SCR. Adapted from 

[14] and [15] respectively. 

A summary of the historical developments in the API 5L series of line pipe steels is shown 

in Figure 1.4(a). Some of the key evolutions in alloy design and steel processing for line 

pipe are as follows [16]: 



Chapter 1: Introduction 

 

6 

 

• Early steel grades from X46 to X56 consist of a primarily ferritic-pearlitic 

microstructure. Normalising is the standard heat treatment for these grades, and 

carbon content of up to 0.24% is permissible [11]. 

• Grades X60 to X70 also consist of a primarily ferritic-pearlitic microstructure. 

Improvements in mechanical performance are achieved by reducing the maximum 

allowable carbon content to between 0.12 and 0.18% and microalloying with 

niobium and vanadium. Thermo-mechanically controlled processing (TMCP) or 

quenching and tempering (Q&T) heat treatments may be used to achieve higher 

cooling rates.  

• Grade X80 steel consists of a ferritic-bainitic or bainitic microstructure. Changes 

to the chemical composition typically include the addition of titanium to the 

microalloying agents. TMCP or Q&T heat treatments may be used. 

• Grade X100 steel consists of a primarily bainitic microstructure. The maximum 

allowable carbon content is reduced to between 0.16% and 0.1% and copper is 

typically added as a microalloying agent. TMCP or Q&T heat treatments may be 

used. 

• Grade X120 steel consists of a bainitic-martensitic microstructure. The maximum 

allowable carbon content is further reduced to 0.1%. Nickel and boron may also 

be added as microalloying agents. Heat treatment is carried out through TMCP. 

An illustration of the material cost savings and weight reductions which are directly 

attainable via wall-thickness reduction through the specification of steel strength grades 

higher than X65 for offshore risers is shown in Figure 1.4(b). 
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Figure 1.4 (a) The historical development of API 5L line pipe steels and (b) an example of the cost 

and weight savings (normalised against X65) attainable through the specification of higher-

strength steels for SCRs. Adapted from [17]. 

Despite the significant developments made over the past 60 years in the production of line 

pipe steels, the majority of current SCRs are constructed using API 5L X65 or X70 line 

pipe steel [17], and for applications where higher ductility is desired or shallow waters, 

X52 or X56 are still specified [5]. Some of the primary reasons for which the line pipe 

steels specified for SCRs have not kept pace with material development are as follows: 

• There is a limited number of suppliers worldwide for steel grades and weld 

consumables above grade X70. 

• Few contractors have experience in welding grades above X70. X80 has recently 

been used in a number of onshore gas pipeline projects, but it has yet to be 

specified extensively in the offshore context. To date, X100 pipeline has only been 

installed in a small number of onshore gas pipeline demonstration and operational 

trial projects ([18]–[22]), with a total installed length of under 20 km. 

• Strength grades above X70 are less suitable for use with S-lay or reel-lay 

installation methods due to the lower ductility levels they typically exhibit. 

• There is limited data available on fatigue and fracture performance for strength 

grades above X70, particularly for welded connections.  
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Fatigue is the primary challenge in SCR design, in particular obtaining suitable fatigue 

performance at welded connections is of utmost concern for SCRs [23]. However, due to 

the uncertainties associated with the performance of welded connections, among other 

factors, SCR designs usually require a fatigue life of at least ten times the anticipated 

service life ([24], [25]). Pipe end misalignment, due to ovality or deviations in wall 

thickness, is a key limitation to the fatigue performance of welds [26], which may be 

alleviated by pipe end sorting and counter-boring [27]. Close control of the welding 

process is also required to achieve high integrity welds and ensure that the mechanical 

performance of the weld and heat affected zone (HAZ) remain within acceptable levels 

[28]. In some cases post-weld treatments, such as peening [8] or grinding of the weld [27], 

may be desirable to improve fatigue performance. The aforementioned processes must 

occur on-line with non-destructive examination of the weld and coating of the joint. These 

requirements must be balanced with the necessity to minimise both the exposure of the 

SCR to cyclic deformation as a result of vessel motion during installation and the time-

dependent operational costs associated with the pipe laying process. Some of the 

manufacturing and installation techniques which have been implemented to deliver high-

quality SCR welds while minimising the time required to pipe lay include prefabrication 

of SCR sections onshore or on a separate production line offshore, and pre-welding of 

entire SCR sections onshore, which may be laid using towed or reeled installation. 

The consequences of a single through-wall crack in an SCR may be catastrophic due to 

the lack of redundancy in the typical riser design. The potential fallout from such a 

scenario is highlighted by the 2010 Deepwater Horizon disaster, where eleven deaths 

occurred; the latest estimate of the total cost relating to containment, clean-up and fines 

for this disaster is over $65bn [29]. In 2002 a through-wall fatigue crack in the seam weld 

HAZ of the Enbridge pipeline in Minnesota, shown in Figure 1.5(a), resulted in rupture of 

the pipeline and the release of approximately one million litres of crude oil [30]. An 

example of a fatigue failure which occurred during reeled installation of an X70 SCR is 

shown in Figure 1.5(b). Analysis of the failure revealed that cracking occurred in a 

softened region of the HAZ [31].  
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Figure 1.5 (a) Fatigue failure in the seam weld HAZ of the Enbridge X52 crude oil pipeline and 

(b) fatigue failure in a softened region of girth weld HAZ in an X70 SCR during reeled installation 

girth. From [30] and [31] respectively. 

1.3 Aims and objectives 

The aim of this work is to experimentally characterise and model the constitutive and 

fatigue behaviour of SCR welds, with particular focus performance of the parent material 

(PM) and HAZ regions for the candidate next-generation SCR material X100Q. By 

contributing to the body of knowledge on the fatigue behaviour of this material, this work 

takes steps towards the development of a process-structure-property-performance 

framework for the analysis of SCR welds, as shown in Figure 1.6. This will directly 

contribute to addressing some of the challenges for uptake of higher strength line pipe 

steels in the offshore industry.  
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Figure 1.6 Flowchart of project framework, highlighting the relationships between key tasks in 

the experimental and modelling programmes. 

The primary objectives of this work are as follows: 

1. Design and completion of an instrumented girth welding trial on X100Q to capture 

the thermal and strain history in the vicinity of the weld and to provide PM and 

cross-weld (CW) samples for experimental characterisation. 

2. Completion of a physical-thermal simulation programme to create test specimens 

with microstructures representative of HAZ regions for constitutive and fatigue 

characterisation. 

3. Mechanical characterisation of X100Q PM, weld metal (WM), CW and simulated 

HAZ through hardness, tensile and fatigue testing.  

4. Microstructural analysis of X100Q PM, WM, CW and simulated HAZ through 

optical microscopy, scanning electron microscopy (SEM) and electron backscatter 

diffraction (EBSD).  
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5. Dynamic global-local finite element analysis of SCRs to identify the location of 

fatigue hot-spots and the associated loading histories. 

6. Calibration and validation of a rate-independent non-linear kinematic-isotropic 

hardening plasticity model for X100Q PM, including the effect of damage-induced 

degradation on constitutive response. 

7. Development of a new two-stage low cycle fatigue model to predict damage 

accumulation and fatigue life for X100Q PM. 

8. Development of a novel damage-coupled dislocation mechanics based constitutive 

model to predict the experimentally observed variation of constitutive response 

with microstructure. 

1.4 Overview of thesis 

Chapter 2 presents a review of the literature most relevant to this work, including an 

overview on welding of SCRs, the experimental characterisation of SCR welds and 

physical-thermal simulation of HAZ. A number of the established modelling techniques 

to describe fatigue loading are also presented, in terms of constitutive behaviour, damage 

accumulation and life prediction. 

Chapter 3 describes a global-local finite element analysis methodology for welded SCRs. 

This methodology includes dynamic global SCR analysis using the Flexcom finite 

element solver. The global load history obtained for a fatigue hot-spot is then applied to a 

local Abaqus model, which focuses on the failure susceptible girth weld region and 

accounts for the geometrical discontinuities of the weld and the different mechanical 

properties of the PM, WM and HAZ. The performance of two ultra-deepwater free-

hanging SCR designs are considered, with the effect of construction using X60 or X100 

steel examined in each case. 

Chapter 4 presents the completion of a full-scale girth welding trial on X100Q using an 

automated process representative of SCR welding. The thermal and strain history in the 

vicinity of the weld are captured using a thermocouple and strain gauge array. A parallel 

programme of Gleeble thermomechanical simulation is implemented to develop 

microstructurally uniform simulated HAZ test specimens using thermal cycles 
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representative of fine-grained HAZ (FGHAZ) and intercritical HAZ (ICHAZ). The 

microstructure of the PM, simulated HAZ and a CW section extracted from the girth weld 

are analysed using optical microscopy, SEM and EBSD. The PM, simulated HAZ, CW 

and pure WM specimens, extracted from the girth weld, are characterised using a 

programme of nanoindentation, tensile and fatigue testing.  

Chapter 5 is concerned with modelling the cyclic elastic-plastic-damage behaviour of 

X100Q. A new two-stage continuum damage model is described to capture the early-life 

fatigue damage accumulation which is shown in the experimental fatigue results of 

Chapter 4. To incorporate the effect of early-life fatigue damage on constitutive response, 

it is necessary to demarcate the experimentally observed cyclic softening behaviour into 

microstructurally-induced and damage-induced softening. An automated constitutive 

parameter optimisation process is developed, which accounts for the effect of damage-

induced degradation. The damage model is implemented in a user material subroutine for 

multiaxial application, within the hierarchical global-local modelling methodology 

(described in Chapter 3) for dynamic fatigue analysis of an SCR girth weld. 

Chapter 6 describes the application of a physically-based cyclic viscoplasticity model to 

capture the effect of microstructural evolution on constitutive response. The model 

incorporates the influence of microstructural boundaries, dislocations and precipitates on 

yield strength and cyclic response. The influence of damage-induced softening is 

incorporated using the early-life fatigue damage model described in Chapter 5. The model 

is applied to predict the constitutive responses of X100Q PM and simulated HAZ, shown 

in Chapter 4, based on measured microstructural parameters and precipitate volume 

fractions and dimensions obtained from MatCalc simulations. The effect of key 

microstructural parameters on the constitutive responses of the three weld zone materials 

is discussed. 

In Chapter 7, the key conclusions of this thesis are presented and recommendations for 

future work are discussed. 
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2 Literature Review 

 

 

2.1 Introduction 

In order to develop a more detailed assessment approach with regards to fatigue in welded 

steel catenary risers (SCRs), and thus fully exploit the potential of next-generation 

materials, a comprehensive body of relevant experimental data is required for both 

calibration of models and validation of model predictions. In particular, a more detailed 

understanding of the process-structure-property relationships for fatigue of heat affected 

zone (HAZ) microstructures is required, due to the sensitivity to fatigue failure which is 

typically exhibited in this region for SCRs ([1]–[4]). 

This chapter presents an overview on the background of the experimental characterisation 

and computational modelling techniques used and developed in this thesis, and a review 

of the current literature relevant to fatigue of welded SCRs, with particular emphasis on 

the performance of X100 line pipe steel. A discussion on the mechanism of fatigue and a 

review of the fatigue models implemented and built upon in this thesis and models relevant 

to this work is presented in Section 2.2. Issues relating to the installation and welding of 

SCRs are discussed in Section 2.3, with a review of experimental welding trials on X100 

and other high-strength line pipe steels. A review of experimental characterisation 

techniques for SCR welds is presented in Section 2.4, including discussion on hardness, 

tensile, and fatigue testing and physical-thermal simulation of HAZ for mechanical 

characterisation. A review of modelling methodologies for SCRs, including global 

dynamic modelling and modelling of cyclic plastic material behaviour, both 

phenomenological and physically-based approaches, are given in Section 2.5. Finally, the 

key areas in which this thesis contributes to the literature, in terms of experimental 

characterisation and modelling of fatigue in welded SCRs, are highlighted in Section 2.6. 
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2.2 Fatigue 

2.2.1 Introduction 

The phenomenon of fatigue was first documented in 1829 by Wilhelm Albert, who 

reported on the occurrence of failures in mining conveyor chains at loads well below their 

rated capacity. In 1837 Albert published the first known set of fatigue test results [5], 

which were obtained using a custom-built rig to cyclically load conveyor chains to a 

constant value until failure occurred. The Versailles rail accident of 1842 is the earliest 

record of catastrophic fatigue failure, where the fracture of a locomotive axle caused train 

derailment and a fire where over 60 people lost their lives. Research on the topic of fatigue 

accelerated following this tragedy, with the Scottish engineer William Rankine reporting 

the detrimental effect of stress concentrations such as shoulders or keyways on railway 

axles in 1842 [6]. Between 1860 and 1870 the German engineer August Wöhler conducted 

a systematic investigation into the fatigue failure of railway axles. Using the results of this 

seminal work, Wöhler showed the effects of peak stress, stress amplitude on fatigue and 

described the concepts of finite and infinite life [7]. 

Today, fatigue is recognised as the predominant cause of failure for structures or 

components which are subjected to cyclic loads. The annual cost of fatigue failure to the 

economy is estimated to be 3% of gross national product for the United States, with a 

similar value expected for other industrial nations [8]. The issue of fatigue is particularly 

pertinent to offshore structures, which are continuously subjected to environmental 

loading from waves, wind and sea current. In fact, a majority of the failures in offshore 

structures may be attributed to fatigue [9]. 

2.2.2 Mechanism of fatigue 

The mechanism of fatigue failure may be divided into three stages: crack nucleation, crack 

propagation and final fracture. A nucleated fatigue crack is assumed to be the smallest 

size crack which can be experimentally measured. For pure single crystals under plastic 

deformation, fatigue crack nucleation has been shown to occur as a result of slip-induced 

surface roughness. Slip is concentrated within persistent slip bands (PSBs), which form in 
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regions predisposed to slip because of their dislocation substructure. Under monotonic 

loading, this process results in slip step formation resembling a staircase, the magnitude 

and direction of which is related to the Burgers vector, as shown in Figure 2.1(a). 

However, under load reversal, the crystal slip is not fully reversed [10] as a result of 

dislocation annihilation and immobilisation, amongst other mechanisms. For cyclic 

loading, this slip irreversibility results in the formation of sharp intrusions and extrusions 

at the free surface, which act as stress concentrations and sites for crack nucleation [11], 

as shown in Figure 2.1(b). 

For commercial polycrystalline alloys, such as line pipe steels the effect of stress 

concentrations at inclusions, defects and grain boundaries is predominant over slip-

induced surface roughness in fatigue crack nucleation. For example, fatigue cracks may 

nucleate at (i) a surface grain, (ii) a surface grain boundary, (iii) a surface void or inclusion, 

(iv) an internal void or inclusion, (v) grain boundary voids or (vi) grain boundary triple 

points, as shown schematically in Figure 2.1(c) [12]. 

 

Figure 2.1 Schematic image of slip bands in a pure single crystal under (a) monotonic loading, (b) 

cyclic loading and (c) typical sites for fatigue crack nucleation in commercial alloys adapted from 

[12]. 

The effect of inclusions on fatigue nucleation in AISI 4340 low-alloy steel is illustrated in 

the fatigue test data shown in Figure 2.2 [13]. The quantity and size of inclusions in the 
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vacuum-melted material are significantly reduced compared to the air-melted material, 

due to the absence of inclusions formed by absorption of gaseous elements from the air. 

Therefore, the number of sites for fatigue crack nucleation is reduced, increasing fatigue 

life. The variation in performance between the vacuum-melted longitudinal and transverse 

specimens is thought to be due to the difference in orientation of elongated inclusions as 

a result of the rolling process, with the longitudinal specimens having the more favourable 

inclusion orientation with respect to the applied loading. 

 

Figure 2.2 The effect of non-metallic inclusions on fatigue life in AISI 4340 low-alloy steel. From 

[13]. 

Once a fatigue crack has been nucleated, the crack propagation process begins with further 

cyclic loading. Fatigue crack propagation can be subdivided into two regimes: the short 

crack regime (or Stage I) and the long crack regime (or Stage II) [14]. During the short 

crack regime, the rate of crack growth is discontinuous due to the retardation of crack 

growth by microstructural boundaries, and crack growth tends to follow the plane of 

maximum shear stress. As the crack length becomes significantly larger than the grain 

size, the influence of microstructural barriers on crack growth becomes negligible, and the 

direction of growth becomes perpendicular to the maximum principal stress. 

The long crack growth regime (Stage II) begins when the crack growth rate is stable and 

may be predicted using linear elastic fracture mechanics under the assumption that the 

localised plastic deformation at the crack tip is small relative to crack length. Paris’ law 
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[15] is a simple but effective methodology to predict fatigue crack growth in the long 

crack regime, where the fatigue crack growth rate is given by: 

 
𝑑𝑎

𝑑𝑁
= 𝐶(∆𝐾)𝑚 (2.1) 

where 
𝑑𝑎

𝑑𝑁
 is crack growth rate, 𝐶 and 𝑚 are constants, and ∆𝐾 is stress intensity factor 

range, which is defined as: 

 ∆𝐾 = ∆𝜎𝑌√𝜋𝑎 (2.2) 

where ∆𝜎 is stress range and 𝑌 is a geometry factor. A schematic image relating the short 

and long crack growth regimes to fatigue crack growth rate, for a crack originating at the 

free surface, is shown in Figure 2.3 [12]. 

 

Figure 2.3 Schematic image illustrating (a) the transition from small to long crack growth regimes 

and (b) the associated evolution in crack growth rate. Adapted from [12]. 
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Following a period of stable crack growth in the long crack growth regime, unstable crack 

growth occurs due to the coalescence of cracks across the load the bearing cross-section, 

leading to final fracture. 

2.2.3 Uniaxial fatigue criteria 

Although the mechanism of fatigue failure is composed of several interdependent 

phenomena at the microscale, as described above, the most common methods of fatigue 

design do not consider crack nucleation and propagation processes but focus on the 

applied loading and the number of loading cycles until final failure by using a total life 

approach. Fatigue failures are typically categorised as being within the high-cycle fatigue 

(HCF) regime, for nominally elastic loading, or the low-cycle fatigue (LCF) regime, for 

nominally plastic loading. For fully reversed loading in the HCF regime, fatigue life 

typically follows a log-log relationship with stress amplitude, which is most often 

described using the Basquin equation [16]: 

 
∆𝜎

2
= 𝜎f

′(2𝑁f)
𝑏 (2.3) 

where ∆𝜎 is stress range, 𝜎f
′ is the fatigue strength coefficient, 𝑏 is the fatigue strength 

exponent and 𝑁f is the number of cycles to failure. However, this relationship will 

typically overestimate fatigue life for loading within the LCF regime, due to the non-linear 

stress associated with plastic loading and the influence of plastic strain on the fatigue 

mechanism. Therefore, a similar relationship between plastic strain amplitude and fatigue 

life was developed by Coffin and Manson ([17],[18]) to predict fatigue life in the LCF 

regime, and is given as: 

 
∆휀pl

2
= 휀f

′(2𝑁f)
𝑐 (2.4) 

where ∆휀pl is plastic strain range, 휀f
′ is the fatigue ductility coefficient and 𝑐 is the fatigue 

ductility exponent. The transition life, 𝑁t, is the fatigue life which marks the transition 

from the LCF regime to the HCF regime (typically in the order of 104 cycles for steel), 
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and can be determined by substitution of Hooke’s law into the Basquin equation, and 

setting the elastic strain amplitude equal to the plastic strain amplitude (i.e. 
𝜎f

′

𝐸
(2𝑁t)𝑏 =

휀f
′(2𝑁t)𝑐), as follows: 

 2𝑁t = (
휀f

′𝐸

𝜎f
′ )

1
𝑏−𝑐

 (2.5) 

The expected loading for many real-word applications falls between the nominally elastic 

or plastic categories, and thus falls within a mixed LCF-HCF regime, as shown in Figure 

2.4 [12]. A total strain–life relationship to predict failure in the mixed regime may be 

derived by substitution of Hooke’s law to express elastic strain range in the Basquin 

relation and combining it with the Coffin-Manson relation, as follows: 

 
∆휀

2
=

∆휀el

2
+

∆휀pl

2
=

𝜎f
′

𝐸
(2𝑁f)

𝑏 + 휀f
′(2𝑁f)

𝑐 (2.6) 

where ∆휀 is total strain range and ∆휀el is elastic strain range. 

 

Figure 2.4 Elastic, plastic and total strain amplitude versus reversals to failure for ASTM A-516 

low alloy steel. Adapted from [12]. 
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However, the Basquin and Coffin-Manson fatigue criteria only consider fully reversed 

uniaxial loading and do no address the influence of mean stress, which was first 

documented by Wöhler [9]. Gerber first proposed a parabolic relationship between the 

influence of mean stress and stress amplitude on fatigue life, which is defined as [19]: 

 
𝜎a

𝜎e
+ (

𝜎m

𝜎u
)

2

= 1 (2.7) 

where 𝜎a is stress amplitude, 𝜎e is the endurance limit, 𝜎m is mean stress and 𝜎u is the 

ultimate tensile strength. Goodman developed a similar relationship between mean stress 

and stress amplitude, although a linear dependence on mean stress was proposed, which 

generally provides conservative life predictions with respect to the Gerber parabola, and 

is given as [20]: 

 
𝜎a

𝜎e
+

𝜎m

𝜎u
= 1 (2.8) 

The application of a combined Goodman-Basquin equation for fatigue analysis of SCRs 

is presented in Chapter 3. Söderberg also proposed a linear relationship between mean 

stress and stress amplitude, however, dependency on yield strength was suggested [21]: 

 
𝜎a

𝜎e
+

𝜎m

𝜎y
= 1 (2.9) 

where 𝜎y is yield strength. The relationship between stress amplitude and mean stress 

predicted by the Gerber, Goodman and Söderberg equations are plotted on a Haigh 

diagram with experimental data for X90 bainitic line pipe steel in Figure 2.5 [22]. The 

performance of the X90 material is equal to or better than the least conservative constant 

life model across a range of mean stresses. 
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Figure 2.5 The constant life curve predictions of the Gerber, Goodman and Söderberg relations 

with experimental data for X90 line pipe steel. From [22]. 

The Smith-Watson-Topper (SWT) model is a development of the combined Basquin and 

Coffin Manson model, shown in Equation (2.6), which accounts for the influence of mean 

stress. The model has been validated across the LCF and HCF regimes for a range of 

materials, and is given as follows [23]: 

 𝑆𝑊𝑇 = 𝜎max

∆휀

2
=

(𝜎f
′)2

𝐸
(2𝑁f)

2𝑏 + 𝜎f
′휀f

′(2𝑁f)
𝑏+𝑐 (2.10) 

where 𝑆𝑊𝑇 is the Smith-Watson–Topper fatigue indicator parameter (FIP), 𝜎max is the 

maximum stress, and 𝐸 is the elastic modulus. 

2.2.4 Multiaxial fatigue criteria 

The aforementioned fatigue models are uniaxial, and therefore only applicable to 

laboratory tests, or real-world applications where the loading outside the principal plane 

is negligible. However, for the majority of engineering applications loading is multiaxial 

in nature, and the assumptions of uniaxial loading are not applicable. To address this 

shortcoming, Sines developed a relationship between octahedral stress amplitude and 

mean hydrostatic stress for a constant life, based on the results of an extensive multiaxial 

fatigue test programme [24]: 
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1

3
√(𝜎1a − 𝜎2a)2 + (𝜎2a − 𝜎3a)2 + (𝜎1a − 𝜎3a)2 ≤ 𝐴 − 𝜂𝜎H,mean (2.11) 

where 𝜎1a, 𝜎2a, and 𝜎3a are principal stress amplitudes, 𝐴 is the failure octahedral shear 

stress and 𝜂 determines the influence of normal stress a for constant life and 𝜎H,mean is 

the mean hydrostatic stress. Brown and Miller proposed an FIP for the analysis of 

combined tension and torsional loading which considers the influence of cyclic shear and 

normal strain on the plane of maximum shear [25] on fatigue life. The critical plane (CP) 

approach was developed following on from the work of Brown and Miller, based on the 

observation that fatigue cracks initiate and grow on certain planes within a material, where 

the crack growth and orientation depend on the normal stresses and/or shear stresses and 

strains on these planes [26]. The planes on which most fatigue damage occurs are called 

the critical planes. The SWT FIP is implemented multiaxially, using the CP method, for 

fatigue analysis of SCRs in Chapter 5 of this thesis. Whereas the Brown and Miller and 

SWT FIPs are suitable for the analysis of in-phase loading, Fatemi and Socie (FS) 

proposed an FIP which is suited to the analysis of both in-and out-of-phase combined 

tension and torsional loading by including the maximum shear strain amplitude and the 

maximum normal stress on the maximum shear strain amplitude as follows [27]: 

 𝐹𝑆 =
∆𝛾max

2
(1 + 𝑘

𝜎max

𝜎y
) =

𝜏f
′

𝐺
(2𝑁f)

𝑏𝛾 + 𝛾f
′(2𝑁f)

𝑐𝛾 (2.12) 

where ∆𝛾max is the maximum shear strain range, 𝑘 is the normal stress sensitivity 

parameter, which may be approximated as 0.3, 𝜎max is the maximum normal stress, 𝐺 is 

the shear modulus. The in the absence of appropriate experimental data, the fatigue shear 

stress coefficient, 𝜏f
′, and exponent, 𝑏𝛾, may approximated as 𝜎f

′/√3 and 𝑏, and the shear 

fatigue ductility coefficient, 𝛾f
′, and exponent, 𝑐𝛾, may be approximated as √3𝜎f

′ and 𝑐 

[28]. 

Liu proposed a virtual strain energy (VSE) multiaxial fatigue model, which considers the 

virtual strain energy on a plane as the product of the stress range and total strain range. 

The VSE fatigue model is implemented using the critical plane method, with failure 
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expected to occur on the plane with the maximum level of VSE. The model considers both 

tensile and shear failure modes, with the tensile VSE defined as [29]: 

 Δ𝑊I = [(Δ𝜎Δ휀)max + (Δ𝜏Δ𝛾)] (
2

1 − 𝑅
) (2.13) 

where the stress ratio, 𝑅, is included to capture the influence mean stress and is defined 

as: 

 𝑅 =  
𝜎max − Δ𝜎𝑛

𝜎max
 (2.14) 

the shear VSE is defined as: 

 Δ𝑊II = [(Δ𝜎Δ휀) + (Δ𝜏Δ𝛾)max] (
𝜎f

′

𝜎f
′ − 𝜎mean

) (2.15) 

Golos presented a total strain energy density (TSED) model for fatigue [30], which 

considers the influence of non-linear hardening and Masing behaviour. The model was 

subsequently implemented in the multiaxial form [31], where the total cyclic strain energy 

density, Δ𝑊t, is given as follows: 

 Δ𝑊t =  Δ𝑊e+
+  Δ𝑊p (2.16) 

where Δ𝑊e+
is the tensile elastic cyclic strain energy density, which is defined as: 

 Δ𝑊e+
=

1

2𝐸
[(𝐼1

max)2 − 2(1 + 𝜈)𝐼2
max] (2.17) 

where 𝐼1
max and 𝐼2

max are the maximum cyclic values of the first and second invariants of 

the stress tensor, respectively. The plastic cyclic strain energy density, Δ𝑊p is defined as: 
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Δ𝑊p =

2(1 − 𝑛∗)(2𝐾∗)−1/𝑛∗

1 + 𝑛∗
(Δ𝜎∗)(1+𝑛∗)/𝑛∗

+ 2(2𝐾∗)−1/𝑛∗
𝛿𝜎0(Δ𝜎∗)1/𝑛∗

 

(2.18) 

where 𝑛∗ is the cyclic strain-hardening exponent, which is fitted to translated cyclic stress-

strain master curve, to account for the effect of Masing behaviour, 𝐾∗ is a strength 

coefficient, Δ𝜎∗is the translated stress range and 𝛿𝜎0 accounts for the effect of cyclic 

hardening or softening, and is given by: 

 𝛿𝜎0 = Δ𝜎 − Δ𝜎∗ = Δ𝜎 − 2𝐾∗(Δ휀pl)
𝑛∗

 (2.19) 

where the effective stress range, Δ𝜎, is defined as: 

 Δ𝜎 = [
3

2
(𝑆𝑖𝑗,max − 𝑆𝑖𝑗,min) ∙ (𝑆𝑖𝑗,max − 𝑆𝑖𝑗,min)]

1/2

 (2.20) 

The total, tensile elastic and plastic strain energy densities are illustrated schematically on 

a hysteresis loop in Figure 2.6 [30], and a comparison between the multiaxial cyclic strain 

energy density model predictions and test data for strain-controlled proportional biaxial 

loading of St 5 medium carbon steel is shown in Figure 2.7. 
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Figure 2.6 Schematic illustration of total, tensile elastic and plastic cyclic strain energy densities 

on a stress-strain hysteresis loop. Adapted from [30]. 

 

Figure 2.7 Comparison between the multiaxial cyclic strain energy density model predictions and 

the fatigue lives obtained for strain-controlled proportional biaxial loading of St 5 medium carbon 

steel specimens [31]. 

2.2.5 Fatigue damage evolution 

The previous fatigue analysis criteria are applicable to fatigue life prediction, based on the 

assumption of constant amplitude loading. However, in reality, fatigue is a process of 

damage accumulation, as a result of irregular loading cycles. Therefore, in order to 

accurately quantify the state of damage in a component or remaining life, one must 
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consider the varying contributions of loading cycles to damage. To address this issue 

Palmgren [32] and Miner [33] proposed the linear damage accumulation rule, based on 

the assumption that the damage contribution of a loading cycle, 𝑖, may be approximated 

as the inverse of the life predicted for constant amplitude load of its magnitude (i.e. 𝐷𝑖 =

1

𝑁f,𝑖
). The Palmgren-Miner rule may be used in conjunction with a wide variety of life 

prediction methods, such as the stress-based, strain-based or energy-based approaches 

discussed above; due to this versatility it is still the most commonly used fatigue damage 

accumulation rule, and is specified for fatigue calculations in offshore riser design codes 

([34],[35]): 

 𝐷 = ∑
𝑛𝑖

𝑁f,𝑖

𝑚

𝑖=1

 (2.21) 

where 𝑚 is the number of unique fatigue loads experienced, 𝑛𝑖 is the number of cycles 

experienced at the fatigue load 𝑖, and 𝑁f,𝑖 is the predicted number of cycles to failure at 

the fatigue load 𝑖. A weakness of this approach is the fact that damage accumulation is 

most often a non-linear process, as a result of the complex physical phenomena which 

take place at the microscale during fatigue. 

More recently, damage mechanics methodologies have been applied to model non-linear 

fatigue damage accumulation, based on the framework proposed for creep damage by 

Kachanov [36]. Chaboche and Lesne [37] presented a stress-based uniaxial non-linear 

continuous damage (NLCD) model, where the damage increment is given as: 

 
𝛿𝐷

𝛿𝑁
= [1 − (1 − 𝐷)𝛽+1]

𝛼
[

𝜎max − 𝜎

𝑀0(1 − 𝑏2𝜎)(1 − 𝐷)
]

𝛽

 (2.22) 

where 𝛽 and 𝑀0 are material constants, which are determined from fatigue tests [38], 𝜎 is 

mean stress and 𝑏2 is a parameter controlling the influence of mean stress. The parameter 

𝛼 is given by: 
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 𝛼 = 1 − 𝑎 ⟨
𝜎max − 𝜎𝑙(�̅�)

𝜎u − 𝜎max
⟩      (2.23) 

where 𝑎 is a material parameter determined from fatigue tests [38], and 𝜎𝑙(�̅�) is the fatigue 

limit, which is based on Goodman’s linear relation and given by: 

 𝜎𝑙(�̅�) = 𝜎𝑙0 +  𝜎(1 − 𝑏1𝜎𝑙0)     (2.24) 

where 𝜎l0 is the fatigue limit for fully reversed loading conditions and 𝑏1 is a parameter 

controlling the influence of mean hydrostatic stress. The model was extended to the 

multiaxial form (presented in Chapter 5) by incorporating the Sines criterion and the effect 

of mean hydrostatic stress [39], and has been implemented in damage-coupled finite 

element analyses of multiaxial fatigue in notched specimens by Zhang and co-workers 

[40]. Lemaitre and Desmorat developed the plastic strain-based, strain energy density 

(SED), damage mechanics model for fatigue, where the damage increment is given as 

[41]: 

 
𝛿𝐷

𝛿𝑁
= [

𝜎max

2𝐸𝑆(1 − 𝐷)2
]

𝑠

∆𝑝 if 𝑝 > 𝑝D (2.25) 

where 𝑆 and 𝑠 are fatigue damage accumulation constants. The accumulated plastic strain 

at the initiation of damage accumulation, 𝑝D, is given by: 

 𝑝D = 휀pD (
𝜎u − 𝜎y

𝜎max + 𝜎min

2 − 𝜎y

)

𝑚

 (2.26) 

where 휀pD is the plastic strain damage threshold in pure tension, which is obtained from a 

tensile test and 𝑚 is the damage initiation exponent. The plastic strain-based damage 

model has been implemented by Lemaitre for the analysis of HCF [42], by the addition of 

a second damage evolution term to model damage as a result of microscale plasticity under 

nominally elastic loading. Shen and co-workers [43] applied the Lemaitre and NLCD 

fatigue damage models with a damage-coupled non-linear kinematic hardening 
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constitutive model for the analysis of multiaxial fatigue in notched specimens and 

torsional fatigue in shafts. Gautam et al. [44] derived a continuum damage evolution law, 

based on the thermodynamic formulation described by Krajcinovic and Lemaitre [45], 

which was used to predicted LCF damage evolution for AISI 1020 steel. However, this 

methodology requires the number of cycles to failure as an input, and therefore is not 

suitable for life prediction. O’Hara and co-workers [46] recently applied a similar 

methodology to the analysis of high-temperature LCF in MarBN steel, which incorporated 

the Chaboche damage evolution law [37] and Coffin-Manson life prediction. The 

application of a modified Lemaitre model in conjunction with the NCLD and damage-

coupled non-linear kinematic-isotropic plasticity model for fatigue analysis of X100 is 

presented in Chapter 5 of this thesis. The multiaxial fatigue criteria described in this 

section are compared in Table 2.1. 

Table 2.1 Summary of the multiaxial fatigue criteria described in this section. 

Model 
Loading 

regime 

Damage 

accumulation 
Comment 

SWT Elastic-Plastic No Used with the CP approach 

Sines Elastic No  

Brown and Miller Elastic-Plastic No 
In-phase mixed-mode loading, used with CP 

approach 

FS Elastic-Plastic No 
In- and out-of-phase mixed-mode loading, 

used with the CP approach 

NLCD Elastic Yes  

SED Elastic-Plastic Yes 
Additional term for elastic damage may be 

added 

VSE Elastic-Plastic No Separate tensile and shear failure criteria 

TSED Elastic-Plastic No 
Considers the influence of non-linear 

hardening 
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2.3 Welding of SCRs 

2.3.1 Introduction 

S-lay and J-lay, illustrated in Figure 2.8(a) and (b) respectively, are the most widely used 

installation methods for subsea pipelines and SCRs. The installation methods derive their 

names from the characteristic riser profile, between the installation vessel and seabed, 

associated with each method. S-lay installation is advantageous for shallow water 

applications, in order to limit the riser curvature at the sag bend. S-lay vessels typically 

contain several on-line and off-line welding stations as well as an inspection station and 

coating station, in order to maximise productivity. To further increase the efficiency of 

installation the riser is typically constructed from prefabricated “double-joint” sections, 

24 m in length, which have been welded, inspected and coated onshore or off-line on the 

installation vessel. The J-lay installation method is advantageous for deep or ultra-

deepwater applications, as the length of suspended riser is reduced in comparison to the 

S-lay method. However, due to the difficulties associated with vertical integration of 

production stations, J-lay vessels usually only have one on-line welding, coating and 

inspection station, and therefore a reduced welding throughput. To compensate for this 

issue, the additional on-deck space associated with J-lay vessels is usually employed to 

manufacture and store longer “triple-joint” or “quad-joint” sections, which are used during 

J-lay installation where possible. 
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Figure 2.8 Schematic images of the (a) S-lay and (b) J-lay SCR installation methods, with the 

primary modes of loading at key locations highlighted. Adapted from [47]. 

2.3.2 SCR welding processes 

The productivity of SCR girth welding is governed by the speed of the root pass [48]. For 

pipe sections with a diameter typical of SCRs, the root pass is generally deposited using a 

single-sided, unbacked welding process. Gas tungsten arc welding (GTAW) [49], or the 

more recently developed, surface tension transfer (STT) gas metal arc welding (GMAW) 

are two processes which are capable of completing high integrity unbacked root passes. 

Use of the STT process is particularly advantageous in the offshore context, as the root 

pass completion rate is up to four times faster than for GTAW [50]. A schematic image 

illustrating the mechanism of weld deposition for the STT process is shown in Figure 

2.9(a). A short circuit between the wire electrode and the workpiece occurs when the wire 

feed rate exceeds the wire burnoff rate, and the wire comes into contact with the 

workpiece. This results in a rapid rise in welding current, causing resistive heating of the 

wire, which then melts and is pulled into the weld pool by surface tension. An arc is then 

re-established between the wire electrode and the workpiece, which preheats the wire prior 

to the next short circuit event. Spray transfer GMAW is a more effective method of weld 

metal deposition for the fill and cap passes [48], and is the standard process used in the 

fabrication of SCRs. During spray transfer GMAW, the wire electrode melts into small 

droplets with a diameter less than that of the wire; the droplets are continually transferred 

to the workpiece by electromagnetic forces. The mechanism of weld deposition for the 
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spray GMAW process is shown in Figure 2.9(b). The STT and GMAW processes are 

implemented for welding of X100Q in Chapter 4 of this thesis. 

 

Figure 2.9 A schematic image illustrating the mechanism of weld deposition for (a) STT welding 

and (b) GMAW. Adapted from [51]. 

2.3.3 Weld microstructures 

The balance of strength, toughness and weldability which is required for X100 pipeline 

steel is achieved through using a hierarchical bainitic microstructure. The hierarchical 

microstructure consists of prior austenite grains which are divided into bundles of blocks 

with the same habit plane, known as packets, with each block being subdivided into 

bainitic laths of a similar orientation [52]. A schematic image depicting the bainitic 

hierarchical microstructure is shown in Figure 2.10, along with an electron backscatter 

diffraction map and transmission electron microscopy (TEM) micrograph for X90 

pipeline steel simulated coarse-grained HAZ (CGHAZ), with the key microstructural 

features labelled. 
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Figure 2.10 (a) Schematic image of the bainitic hierarchical microstructure, (b) a labelled EBSD 

map and (c) a TEM micrograph of X90 simulated CGHAZ. Adapted from [53] and [54] 

respectively. 

However, retaining the mechanical performance of the parent material (PM) at welded 

connections is a significant challenge due to the microstructural transformations which 

take place in the HAZ as a result of welding thermal cycles. The HAZ is typically 

categorised into four sub-regions based on the position of the peak temperature 

experienced during a thermal cycle on the iron-carbon phase diagram, which is illustrated 

for a single-pass X100Q weld in Figure 2.11. The subcritical HAZ (SCHAZ) consists of 

over-tempered PM and occurs where the peak temperature ranges from approximately 

600°C to 725°C (Ac1). There is little visible change in microstructure in this region; 

however, the mechanical performance may deteriorate due to changes in the dislocation 

substructure. The ICHAZ occurs at peak temperatures between Ac1 and 850°C (Ac3), 

where there is partial transformation to austenite. A reduction in the definition of PAGBs, 

the formation of spheroidised carbides and coarsening of the internal packet, block and 

lath microstructural features are associated with this region. The fine-grained HAZ 

(FGHAZ) occurs where the PM is fully transformed to austenite at peak temperatures from 
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Ac3 to approximately 1,150°C. This region is associated with a reduction in PAGB size, 

as a result of the rapid recrystallisation which occurs on cooling. Finally, the coarse-

grained HAZ (CGHAZ) occurs where the peak temperature is from approximately 

1,150°C to the melting temperature. The PAGB, packet and block sizes in the CGHAZ 

are increased relative to the PM [55]. 

The microstructure and mechanical properties of the HAZ can be controlled to a large 

extent through microalloying [56], careful control of the welding process and post-weld 

heat treatment (PWHT). However, it is desirable to avoid the requirement for PWHT 

during offshore welding, where the efficiency of the pipe laying process is of utmost 

importance. Process-structure-property characterisation of the HAZ is a key step in 

predicting the fatigue performance of high strength SCR welds. 

 

Figure 2.11 The relationship between peak temperature and HAZ microstructure via the 

carbon phase diagram for a single-pass X100Q weld. Adapted from [57]. 

2.3.4 Effects of chemical composition 

Chemical composition is a fundamental aspect in achieving the required balance of 

mechanical properties, weldability and cost for high strength pipeline steels. Traditionally 

the strength of steels was enhanced by increasing the content of carbon and other alloying 
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elements. However, this approach increases the tendency of the material to form 

martensite regions which are detrimental to mechanical performance in the HAZ, known 

as hardenability. Thus, the weldability of the material is reduced via a reduction in the 

allowable welding process window to maintain suitable mechanical performance and 

avoid cold cracking. A number of formulae have been developed to quantify the influence 

of alloying elements on hardenability [58]. The accepted practice is to normalise the 

influence of each element on hardenability against that of carbon, in order to determine a 

carbon equivalent (𝐶𝐸) value, which can be used to compare the weldability of a wide 

range of alloys. 

Dearden and O’Neill developed [59] the 𝐶𝐸IIW formula which was adopted by the 

International Institute of Welding (IIW) and is specified in the API 5L standard [60] as an 

acceptance criteria for steels with a carbon content greater than 0.12%: 

 𝐶𝐸IIW = C +
Mn

6
+

Cr + Mo + V

5
+

Ni + Cu

15
 (2.27) 

where the symbols for the chemical elements represent mass fraction in percent. Ito and 

Besso proposed the 𝐶𝐸PCM formula [61] which is more suited to determine the 

hardenability of leaner steel alloys, and is specified in the API 5L standard as an 

acceptance criteria for steels with carbon content less than 0.12%: 

 𝐶𝐸PCM = C +
Si

30
+

Mn + Cu + Cr

20
+

Ni

60
+

Mo

15
+

V

10
+ 5B (2.28) 

The BS EN 1011-2 standard [62] specifies the use of a 𝐶𝐸𝑇 carbon equivalent formula to 

determine suitable welding process parameters for the avoidance of cold cracking in  steels 

with a carbon content between 0.05% and 0.32%. This methodology was followed to 

determine suitable process parameters for the X100Q girth weld described in Chapter 4. 
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2.3.5 X100 welding trials 

Welding trials are an essential process to accumulate the necessary body of knowledge 

and experience, with regards to the suitability of welding processes, parameters and 

consumables for onshore or offshore SCR production welding. In a recent review on 

welding of high-strength line pipe steels, Sharma et al. [63] identified a gap in the literature 

relating to published work on X90, X100 and X120. The majority of X100 welding trials 

to date have focussed on large diameter seam welded pipe sections, typical of onshore gas 

pipelines. 

For example, Thewlis [64] conducted a programme of submerged arc welding (SAW) 

trials on X100 to determine the effect of weld metal composition and process parameters 

on the mechanical performance of X100 seam welds. The optimum performance was 

obtained using Mo-B-Ti alloyed weld metal, with a 𝐶𝐸PCM value of between 0.22 and 

0.25%, with more highly alloyed weld metals exhibiting a significant reduction in 

toughness.  

Hudson [65] conducted an extensive programme of instrumented welding trials on X100, 

to determine suitable weld metal compositions and process parameters for narrow gap 

pulsed GMAW (PGMAW) girth welding and flux-cored arc (FCAW) repair welds of 

X100 onshore gas pipelines. A novel method of measuring the thermal history of 

individual weld beads using thermocouples internally drilled into solidified weld passes 

and externally plunged into molten weld metal was developed in this work. The required 

strength and toughness were achieved in the weld metal (WM) and HAZ using a variety 

of weld metal chemical compositions. However, it was noted that mechanical performance 

of the low alloy weld metal was sensitive to the welding process parameters, meaning a 

high degree of control is necessary to achieve a weld with the required combinations of 

properties. This work formed the basis for the first installation of X100 steel in a gas 

transmission line.  

Liratzis [66] continued the work of Hudson by conducting a series of instrumented 

welding trials to investigate the effect of shielding gas composition, weld metal 

composition and welding parameters on the high productivity dual tandem PGMAW 
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process for welding of X100 gas transmission lines. The first dual tandem PGMAW 

double jointing procedure for X100 pipeline girth welds was developed as part of this 

work. Katsina [67] developed a methodology to characterise the influence of multiple 

welding thermal cycles on HAZ toughness for X100 tandem PGMAW welds by using an 

array of thermocouples drilled adjacent to the pipe bevel.  

In the context of offshore X100 pipelines, unbacked girth welding trials on X100, using 

FCAW and laser hybrid GMAW (LH) processes, were conducted as part of the 

experimental programme for the FATHOMS report [4]. Welding was conducted on pipe 

sections typical of subsea trunklines in the 1G position, as shown in Figure 2.12, to 

simulate offshore or onshore prefabrication of “jointer” pipe sections. The laser hybrid 

GMAW process was shown to be more productive and achieve a superior weld root profile 

than the FCAW process. De Freitas conducted a series of instrumented GMAW bead on 

plate [68] and butt welds [69] on X100 to determine the influence of preheat temperature 

and cooling rate on the microstructure and mechanical properties of the weld metal and 

HAZ. 

 

Figure 2.12 Schematic image of the standard pipe welding positions according to the American 

welding society. 

2.4 Experimental characterisation of SCR welds 

2.4.1 Introduction 

Experimental characterisation of SCR welds is required to verify the quality of 

construction and ensure the validity of assumptions used during the design process. This 
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section provides an overview of the experimental characterisation techniques for SCR 

welds which relate to the experimental programme of this work, presented in Chapter 4 of 

this thesis. 

2.4.2 Hardness 

Hardness testing is an efficient method of material characterisation due to its low cost, 

high speed and non-destructive nature. Hardness testing of welds is specified in offshore 

pipeline standards ([34],[60],[70]) in view of the well-known relationships which exist 

linking hardness to strength ([71],[72]) and susceptibility to stress corrosion cracking [73]. 

Hardness is generally characterised using a hardness or microhardness test, where a load 

is applied using a Vickers square-based pyramidal indenter and the hardness is given as 

the load divided by the surface area of the indentation, in units of kgf/mm2. 

The cross-weld hardness traces for X100 presented in the FATHOMS report [4] and by 

Johnson and co-workers [74] demonstrate the susceptibility to HAZ softening, which is 

typical for lean high-strength low-alloy (HSLA) steels [75]. The extent of this softening, 

which occurs as a result of microstructural degradation, typically increases with yield 

strength, as shown in Figure 2.13. De Freitas [68] examined the effect of preheat 

temperature on X100 cross-weld hardness traces and found that variation of hardness 

reduced with an increase in preheat temperature. 
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Figure 2.13 A comparison of cross-weld hardness traces for X100 and X60, highlighting the 

reduction of hardness in the HAZ. Adapted from [74]. 

Nanoindentation is another hardness measurement technique, in which the load-

displacement response of the indenter tip is recorded, allowing for measurement of a wide 

variety of mechanical properties, such as indentation hardness, elastic, plastic or visco-

plastic responses [76], from a small material sample. Nanoindentation testing is typically 

conducted using a three-sided pyramidal Berkovich tip as shown in Figure 2.14(a), which 

has the same area to depth ratio as the Vickers square-based pyramidal indenter tip. 

However, the indentation hardness values are calculated using the Oliver and Pharr 

method [77], which defines the indentation hardness based on the indenter tip contact area, 

as opposed to Vickers hardness, which uses the indent surface area for determination of 

hardness: 

 𝐻IT =
𝑃max

𝐴(ℎc)
 (2.29) 

where 𝐻IT is indentation hardness, 𝑃max is the maximum applied load for an indent and 

𝐴(ℎc) is the indentor tip contact area, which is a function of the contact depth at maximum 

load, ℎc, as labelled in Figure 2.14(b). 
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Figure 2.14 (a) Schematic diagram of a Berkovich indenter tip and (b) a schematic diagram of an 

indent cross-section highlighting sink-in behaviour. Adapted from [78]. 

The contact depth at maximum load for materials which exhibit sink-in behaviour, which 

has been related to materials with a low 𝐸/𝜎y ratio and exhibit work hardening [79], is 

determined by subtracting the sink-in depth, ℎs, from the maximum displacement for an 

indent, labelled ℎmax in Figure 2.14(b). The sink-in depth is given by: 

 ℎs = 𝜖
𝑃max

𝑆
 (2.30) 

where 𝜖 is a constant with a value 0.72 for a Berkovich tip and 𝑆 is the contact stiffness, 

𝛿𝑃

𝛿ℎ
, which is obtained from the slope of the upper portion of the unloading curve for an 

indent. The indenter tip contact area is calculated as a function of the contact depth at 

maximum load: 

 𝐴(ℎc) = 𝐶0ℎc
2 + 𝐶1ℎc + 𝐶2ℎc

1/2
+ 𝐶3ℎc

1/4
+ ⋯ + 𝐶8ℎc

1/128
 (2.31) 

where the value of 𝐶0 is derived as 24.5 for a perfect Berkovich indenter geometry, based 

on the dimensions shown in Figure 2.14(a), and the constants 𝐶1 to 𝐶8 are calibrated to 

account for deviations from the perfect geometry, as a result of manufacturing 

imperfections or wear, and are calibrated based on the results of indentations conducted 

on a standard fused silica specimen. 
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Choi et al. [80] used nanoindentation to characterise the hardness of individual ferrite and 

bainite phases in X100, then applied a rule of mixtures approach to accurately predict 

macroscale hardness values. Seok and co-workers [81] used nanoindentation to estimate 

the Hall-Petch strengthening coefficient of ferritic-pearlitic X70 steel. Recently the 

technique has also been used to Pham and co-workers [82] to quantify the evolution of 

mechanical properties in SS400 structural steel welds subjected to strain-controlled 

fatigue testing. 

2.4.3 Tensile testing 

Tensile strength is one of the primary acceptance criteria in the API 5L standard [60] for 

line pipe steels, where steels are named in accordance with their minimum yield strength. 

Minimum and maximum values of tensile and yield strength and a maximum yield/tensile 

ratio, to allow a safety margin for stress-based design, are stipulated for each material 

grade. API 1104 standard [70] typically requires four cross-weld tensile specimens for the 

qualification of girth welds. Failure is permitted to occur in the PM, WM or fusion zone 

provided that the tensile strength is above the minimum value stipulated for the PM. 

Hudson and co-workers [65] conducted an extensive tensile test programme on welded 

X100 sections representative of onshore gas pipeline, including pure WM and CW tests 

for a range of welding consumables and PM tests. The WM and CW tensile performance 

exceeded the standard requirements in the majority of cases, and the failure location for 

CW specimens was primarily in the PM. Gianetto et al. [83] showed the effect of through-

thickness position in the weld and specimen geometry on tensile response for X100 WM, 

with the softer response shown by specimens biased to the outer diameter being attributed 

to the tempering effect of subsequent passes.  

Sutton and co-workers [84] used the uniform stress and virtual fields methods to estimate 

the stress-strain response of individual weld zones from digital image correlation 

displacement data for X100 CW tensile test. The softest response was found to be in the 

HAZ, which was the location of failure. A similar methodology was implemented by 

Touboul et al. [85] for P91 CW tensile tests, where an isotropic hardening constitutive 

model was fitted to the response of the primary weld zones. 
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2.4.4 Fatigue testing 

Fabrication and fatigue testing of SCR welds are required prior to offshore installation in 

order to ensure the accuracy of the fatigue life prediction methodologies used during the 

design process and to assess the influence of new materials, welding processes and in-

service environments on fatigue performance. Buitrago and co-workers [1] conducted a 

series of full-scale fatigue tests on welded SCR sections constructed from X52 to X70 

strength grade steel. Testing was conducted using a resonant translational bending (RTB) 

rig, with the girth weld positioned mid-span on the simply supported SCR section, as 

shown in Figure 2.15. The full-scale specimens were tested both internally pressurised 

with water, to provide a mean tensile stress and aid in fatigue crack, and in an 

unpressurised condition. The location of failure was predominantly at the weld root; 

however, for thicker wall sections (25 mm or greater), failure tended to occur at the weld 

cap toe. This has been attributed to the influence of compressive residual stress at the weld 

root, which is resultant from subsequent weld passes. It was noted that internal 

pressurisation had no significant influence on fatigue life and that the fatigue crack size at 

failure was very small and unlikely to be detected for in-service SCRs. Maddox et al. [2] 

also conducted full-scale RTB fatigue testing of SCR girth welds on grade X52 to X80 

steel. The full-scale specimens were preloaded in tension to control the influence of axial 

mean stress. The critical location for failure was also determined to be the weld root. Both 

Buitrago and Maddox found that when accounting for the stress concentration factor 

determined at the failure location, the fatigue test data did not support the existence of an 

endurance limit between 107 and 108 cycles. In subsequent work, Maddox and co-workers 

[3] examined the influence of variable amplitude RTB fatigue loading on SCR weld 

fatigue life. The Palmgren-Miner rule was shown to provide conservative estimates for all 

but two tests and predict life within a factor of 1.6 for all weld failures as a result of 

variable amplitude loading. 
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Figure 2.15 RTB testing of a full-scale SCR girth weld. From [3]. 

Maddox et al. [3] also tested CW coupon specimens, which were fabricated from the full-

scale girth welds, and found that the fatigue performance matched that of the full-scale 

specimens for stress amplitudes above 110 MPa. The same failure location was noted for 

the coupon specimens, at the weld root. The most comprehensive fatigue test programme 

on welded X100 is presented in the FATHOMS report [4]. Fatigue testing of CW coupon 

specimens manufactured from full-scale welded joints, manufactured using both FCAW 

and LH processes, was conducted to determine the influence of welding process, post-

weld treatment (PWT), environment and mean stress on fatigue performance. Once again, 

the weld root was shown to be the critical location for fatigue failure. Therefore, the 

specimens manufactured using the LH process and treated using ultrasonic peening 

exhibited markedly improved fatigue performance over the FCAW specimens. A higher 

mean stress was shown to be detrimental to fatigue performance, and tests conducted in 

simulated seawater (SW), with standard cathodic protection, showed a slight deterioration 

in fatigue performance with respect to the specimens tested in air. The key X100 CW 

fatigue test results presented in the FATHOMS report are shown in Figure 2.16. 
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Figure 2.16 The stress amplitude-life relationship exhibited by X100 CW specimens tested at load 

ratios of (a) R = 0.1 and (b) R = 0.5. Adapted from [4]. 

Although SCRs are nominally designed for loading within the elastic regime, large plastic 

deformations occur in the installation process and in-service localised plasticity may occur 

at stress concentrations such as welded connections or damaged regions. Poberezhnyi and 

co-workers [86] studied the influence of the plastic deformations associated with S-lay 

and J-lay installation methods on the subsequent fatigue performance of 0G92S steel 

(equivalent to X65) PM and CW specimens. No significant reduction in fatigue 

performance was shown for PM specimens; however, the fatigue performance of CW 

specimens was reduced by over 25% on average. The S-lay installation method was shown 

to be most detrimental to fatigue performance. Li et al. [87] analysed the LCF performance 

of two X80 pipeline steels. Cyclic softening behaviour was exhibited in each case, which 

was attributed to the formation of dislocation cells from dislocation lines. This 

phenomenon was confirmed using TEM analysis for each material. 

2.4.5 Physical-thermal simulation of HAZ 

The small size and continuously graded nature of the HAZ presents a challenge for 

mechanical characterisation via conventional test methods. Although hardness 

measurements are an effective indicator of the variation in mechanical properties across 

the weld, the manufacture of test specimens is required to ascertain tensile and fatigue 

failure behaviour. It is possible to manufacture miniature test specimens from the HAZ 
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[88], but there are issues associated with the influence of microstructural inhomogeneity 

in the specimen and the size effect. Nippes and Savage [89] developed physical-thermal 

simulation, which is an experimental technique for the creation of homogeneous simulated 

HAZ specimens via controlled heating and cooling cycles. This technique forms the basis 

of operation for the Gleeble thermal simulator, and allows for the manufacture of standard 

test specimens, with a microstructure representative of a region of interest within the HAZ. 

Physical-thermal simulation has been used extensively in the literature for characterisation 

of X100 HAZ. For example, Ringinen et al [90] demonstrated the effectiveness of 

physical-thermal simulation for the evaluation of HAZ mechanical properties by 

comparing the microstructure and impact strength of X100 simulated HAZ with 

specimens extracted from a weld. Guiying and co-workers [91] investigated the influence 

of peak temperature and welding heat input on the impact strength and tensile 

performance, shown in Figure 2.17, of X100 HAZ. Katsina [67] used physical-thermal 

simulation to replicate experimentally measured thermal cycles from the HAZ of an X100 

multipass weld, to determine the thermal histories leading to a reduction of toughness in 

the HAZ. 

 

Figure 2.17 The influence of peak temperature and welding heat input on the tensile performance 

of X100 simulated HAZ. 25 kJ/mm heat input results are shown in black and 40 kJ/mm heat input 

results are shown in red. Adapted from [91]. 

Recently this technique has been implemented for characterisation of the cyclic behaviour 

of HAZ. Nishikawa and co-workers [92] characterised the relationship between the cyclic 
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and monotonic tensile properties of simulated CGHAZ and FGHAZ for a low carbon steel 

using strain-controlled incremental step tests. Aleksić et al. [93] compared the strain-

controlled fatigue performance of the PM to that of simulated CGHAZ for a HSLA 

structural steel from the same strength class as X100. However, the influence of 

microstructural inhomogeneity within the specimen gauge length was not sufficiently 

addressed. This topic is discussed in more detail in Chapter 4.  

2.5 Modelling of SCRs 

2.5.1 Introduction 

In order to accurately model the cyclic deformation and fatigue behaviour of welded 

SCRs, it is necessary to both predict the global dynamic loading, resulting from waves, 

currents and vortex-induced vibrations (VIVs) amongst other phenomena, via global 

modelling and to implement a constitutive model which is capable of accurately 

representing the cyclic evolution of macroscale variables at a local level, such as stress 

and plastic strain range, which also play a key role in the implementation of fatigue 

damage models, as described in Section 2.2. This section provides a background in 

relation to global modelling of SCRs and a review on fundamental aspects of the 

phenomenological constitutive models implemented for analysis of SCRs in Chapters 3 

and 5, and the physically-based constitutive model implemented in Chapter 6 of this 

thesis. 

2.5.2 Global modelling of SCRs 

In conjunction with the development and installation of the first flexible marine risers in 

the late 1970s and 1980s, a number of finite element codes for offshore structural analysis 

were developed, including Flexcom [94], RIFLEX [94] and OrcaFlex [95], to address the 

unique challenges associated with the analysis of flexible risers, namely, low bending 

stiffness and large non-linear displacements and rotations in three-dimensions. Flexcom 

initially developed a two-dimensional hybrid beam-column element to accommodate the 

low bending stiffness associated with flexible risers, where axial force was solved 

independently of axial strain and the stress-strain compatibility relationship was applied 
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outside of the virtual work statement by mean of a Lagrangian constraint [96]. This 

approach was later extended to three-dimensional analysis [97], and an extra Lagrangian 

constraint on torque was subsequently added, leading to a fourteen degree of freedom 

hybrid finite element with two end nodes, where the axial force and torque are added to 

the usual form of a three-dimensional beam element [98]. Although initially developed 

for the analysis of flexible risers, this analysis methodology is applicable to SCRs, 

mooring lines, umbilicals and various other offshore structures. 

The typical analysis process for offshore risers consists of three stages; static analysis, 

modal analysis, dynamic analysis and VIV analysis. During static analysis the static 

equilibrium position of the riser, as a result of top displacement static loads, is determined. 

Modal analysis is then used to calculate the natural frequencies and mode shapes of the 

riser. Dynamic analysis may be conducted using time domain (for systems exhibiting non-

linear behaviour) or frequency domain (for essentially linear behaviour) methodologies. 

The static equilibrium position forms the basis for dynamic analysis, where typically a 

non-linear analysis is conducted which incorporates the effect of wave, wind and current 

loading on the riser by using a production vessel response amplitude operator and 

Morison’s equation [99]. VIV analysis is used to predict loading on the riser based on the 

results of the modal and dynamic analyses. Flexcom has the ability to predict fatigue life 

based on the results of these analyses, by using S-N curves with the Palmgren-Miner linear 

damage accumulation rule. The suitability of the riser design parameters may be 

determined by checking the results for a series of analyses, conducted using metocean 

conditions relevant to the production zone following the API RP 2MET recommended 

practice [100], against the stress limit states set out in the API 2RD recommended practice 

[35], the fatigue factors of safety contained in the API RP 1111 recommended practice 

[101] or the DNV-RP-F204 recommended practice [102]. 

However, this modelling methodology is incapable of determining the local non-linear 

behaviour which may be present at critical locations on the riser, such as, at welded 

connections, damaged regions or regions of contact. Global-local modelling is a 

computationally efficient way to determine the complex behaviour at a region of interest 

for large structures, such as SCRs. For example, Hu and co-workers [103] implemented 
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global-local modelling of an SCR in Abaqus by using a hybrid beam element model to 

capture the global response, and solid three dimensional elements to capture the local 

plastic behaviour of the SCR in the touchdown zone and O’Halloran and co-workers [104] 

used a Flexcom global model in conjunction with an Abaqus local model for modelling 

of fretting fatigue and wear in flexible risers. A global-local modelling approach for 

fatigue analysis of SCR welds, incorporating the Flexcom and Abaqus finite element 

solvers, is presented in Chapters 3 and 5 of this thesis. 

2.5.3 Phenomenological modelling of cyclic deformation 

The elastic-perfectly plastic constitutive model assumes that a material exhibits no 

hardening or softening with further deformation after yield, as shown in Figure 2.18 (i.e. 

that the yield surface remains constant). This assumption accurately describes the 

monotonic behaviour of many low alloy steels, as shown for X100Q weld metal in Chapter 

4. This material model is implemented for the analysis of SCR girth welds in Chapter 3. 

The von Mises yield function for elastic-perfectly plastic behaviour is given in multiaxial 

form by: 

 𝑓 = (
3

2
(𝝈′) ∶ (𝝈′))

1/2

− 𝑘 (2.32) 

where 𝝈′ is the deviatoric stress tensor and 𝑘 is the cyclic yield strength 

 

Figure 2.18 The von Mises yield surface and monotonic stress-strain response for elastic-perfectly 

plastic material behaviour. Adapted from [105]. 
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However, many materials exhibit considerable strain hardening or cyclic 

hardening/softening behaviour, which must be accounted for to accurately predict the 

constitutive response. The Chaboche time-independent non-linear kinematic-isotropic 

hardening (NLKIH) plasticity model [106] is a widely accepted framework to capture this 

behaviour and has been implemented to model the constitutive behaviour of a wide variety 

of materials, such as structural steels [107] and CoCr alloys [108]. The multiaxial form of 

the von Mises yield function for NLKIH plasticity is given as: 

 𝑓 = (
3

2
(𝝈′ − 𝝌′) ∶ (𝝈′ − 𝝌′))

1/2

− 𝑘 − 𝑅 (2.33) 

where 𝝌′ is the kinematic back-stress tensor and 𝑅 is the isotropic hardening/softening 

stress. Kinematic hardening describes a translation of the yield surface during plastic 

loading, such that on load reversal yield will occur at a lower nominal stress, resulting in 

a phenomenon known as the Bauschinger effect, as shown in Figure 2.19. This 

phenomenon is modelled by the inclusion of the kinematic back-stress term in the yield 

function. Non-linear evolution of kinematic back-stress is given by the Armstrong-

Frederick model [109] in multiaxial form as: 

 �̇� =
2

3
𝐶�̇�pl − 𝛾𝝌�̇� (2.34) 

where 𝐶 is the kinematic hardening modulus, 𝛾 is a recall parameter, �̇�pl is the plastic 

strain rate tensor and �̇� is the effective plastic strain rate. 
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Figure 2.19 The von Mises yield surface and monotonic stress-strain response for non-linear 

kinematic hardening material behaviour. Adapted from [105]. 

Isotropic hardening describes an expansion of the yield surface during plastic loading, 

which results in a larger region of elastic behaviour upon load reversal, as shown in Figure 

2.20. Isotropic hardening is modelled by incorporating a isotropic hardening stress in the 

yield function, whose evolution is given by Chaboche as [106]: 

 �̇� = 𝐵(𝑄 − 𝑅)�̇� (2.35) 

where �̇� is the isotropic hardening rate, 𝐵 is a parameter determining the rate of hardening 

and 𝑄 is the saturation stress. 

 

Figure 2.20 The von Mises yield surface and monotonic stress-strain response for non-linear 

isotropic hardening material behaviour. Adapted from [105]. 
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The response given by combined non-linear kinematic and isotropic hardening (NLKIH), 

incorporating the Bauschinger effect with an expanding yield surface, is shown in Figure 

2.21. A damage-coupled implementation of the Chaboche NLKIH plasticity model is 

presented in Chapter 5. 

 

Figure 2.21 The evolution in von Mises yield surface and cyclic stress-strain response for NLKIH 

material behaviour. Adapted from [105]. 

2.5.4 Physically-based modelling of cyclic deformation 

Physically-based constitutive modelling of metals provides a methodology to predict the 

mechanical response of a material based on known physical constants and measurable 

microstructural characteristics. The predictive nature of this methodology is particularly 

suited to the modelling of HAZ when used in conjunction with microstructural 

measurements or a microstructure evolution model. The methodology is predicated on the 

mechanism of plastic deformation via dislocation glide, first described by Volterra [110]. 

Thus, the mobile dislocation density may be related to the inelastic slip rate using 

Orowan’s equation [111]: 
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 �̇� = �⃗�𝑏𝑣 (2.36) 

where �⃗� is mobile dislocation density, 𝑏 is the magnitude of the Burger’s vector and 𝑣 is 

dislocation glide velocity, which is given in terms of Gibbs free energy,  𝛥𝐺, as [112]: 

 𝑣 = �̅� exp (−
𝛥𝐺

𝑘B𝑇
) (2.37) 

where �̅� is a constant, 𝑘B is Boltzmann’s constant, and 𝑇 is absolute temperature. Taylor 

[113] proposed that strain hardening occurs due to the retardation of dislocation motion 

via the increase of repulsive interactions between dislocation stress fields as dislocation 

density increases with plastic strain. The well-known Taylor relationship between 

dislocation density and strain hardening behaviour was derived based on this theory and 

was shown to successfully predict non-linear tensile strain hardening response for a range 

of metals.  

Building on this theory, the dislocation mechanics approach models strengthening due to 

the presence, creation, retardation and immobilisation of dislocations, and softening due 

to the remobilisation or annihilation of dislocations. Bergström ([114], [115]), and 

Mecking and Kocks ([116], [117]) developed dislocation evolution models to capture the 

effect of these processes on dislocation density, and thus constitutive response, using a 

material average basis. The Kocks-Mecking model gives the evolution of dislocation 

density, 𝜌, with inelastic strain, 휀in, as: 

 
𝑑𝜌

𝑑휀in
= 𝑀(𝑘1√𝜌 − 𝑘2𝜌) (2.38) 

where 𝑘1 and 𝑘2 are material constants to quantify the dislocation creation and 

annihilation processes, respectively. However, this methodology is not suitable for 

application to hierarchical microstructures, such as bainite, due to the influence of 

microstructural boundaries on the dislocation evolution processes. To address this issue, 

He et al. [118] added two terms to the Kocks-Mecking model, in order to account for the 

effect of bainitic lath width and the inhomogeneous distribution of dislocations across lath 
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boundaries and interiors on dislocation evolution. The methodology was demonstrated to 

successfully predict dislocation density evolution and strain hardening response for a 

range of bainitic steels, as shown in Figure 2.22. 

 

Figure 2.22 A comparison between the experimental and predicted (a) dislocation density 

evolution and (b) strain hardening response, using the modified Kocks-Mecking model of He et 

al. From [118]. 

Estrin et al. [119] used the Orowan equation [111], coupled with a volume fraction 

approach to model the inhomogeneous dislocation density evolution across 

microstructural cell walls and cell interiors as follows: 

 𝜌 = 𝑓𝜌w + (1 − 𝑓)𝜌c (2.39) 

where 𝑓 is the volume fraction of cell walls, 𝜌w is the cell wall dislocation density and 𝜌c 

is the cell interior dislocation density. Roters and co-workers [120] implemented a similar 

methodology, but used a probability model based on dislocation sign and the number of 

slip systems, to model dislocation density evolution. This methodology was extended to 

model the hierarchical martensitic microstructure for creep of 9Cr powerplant steels by 

Magnusson and Sandström [121].  

Barrett et al. [53] developed a dislocation-mechanics based cyclic viscoplastic modelling 

framework, based on a modified hyperbolic sine flow rule, which encompasses dislocation 

evolution based on the work of Roters et al. [120] and Hosseini et al. [122]. The framework 

includes the strengthening effect of inhomogeneous precipitate distribution, high-angle 



Chapter 2: Literature Review 

56 

 

boundaries (HABs) and low-angle boundaries (LABs), and the softening effect of lath 

coarsening via dislocation annihilation. In following work, Barrett et al. [123] developed 

a physically-based yield strength model, which included the effect of Peierls stress, LABs 

HABs, precipitates and solid solutions on yield stress. The physically-based cyclic 

viscoplastic and yield strength models of Barret et al. ([53], [123]) are described in detail 

in Chapter 6 of this thesis, where their combined implementation is presented including 

the influence of fatigue damage. 

2.6 Conclusions 

There is a significant body of work in the literature in relation to experimental 

characterisation and modelling of fatigue. A number of multiaxial fatigue damage models 

have been developed and implemented with constitutive models to predict fatigue life, 

non-linear damage accumulation and the associated material degradation in both the LCF 

and HCF regimes. However, early-life fatigue damage and its effect on cyclic response 

have not been considered. 

While there are a number of published welding trials for X100 steel, these are limited to 

large diameter thin-walled sections and predominantly focused on welding processes 

relevant to onshore gas pipelines. At present, the published fatigue test data for X100 

primarily relates to fatigue crack growth in hydrogen environments, in anticipation of the 

use of X100 for hydrogen gas pipelines. Load-controlled fatigue testing of X100 has only 

been presented for CW specimens in one study, and there is an absence of strain-controlled 

fatigue test data for X100 PM. Physical-thermal simulation of X100 HAZ has been 

conducted for characterisation of microstructure, hardness, tensile strength and toughness 

for various welding processes; however, this methodology has not been implemented for 

fatigue characterisation of HAZ regions. 

Global-local modelling has been implemented for the analysis of offshore structures by a 

number of researchers, but the fatigue performance of welded connections, considering 

the effects of weld geometry and inhomogeneous material properties, has not been 

investigated using this methodology. Physically-based modelling has been used for 

prediction of tensile response and evolution of dislocation density in bainitic steels, and 
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for prediction of cyclic and creep response at high temperature. A key step towards a more 

physically-based fatigue analysis framework for SCR welded connections is the 

implementation of this methodology for prediction of cyclic response in the HAZ. 

At present gaps in the literature exist in relation to: 

• Experimental welding trials on X100, using a pipe section and welding process 

representative of SCR fabrication. 

• Characterisation of the fatigue performance of X100 welds via strain and load-

controlled testing of PM, WM and CW specimens. 

• Fatigue characterisation of simulated HAZ regions. 

• Modelling of early-life fatigue damage and the related degradation of material 

performance.  

• Modelling of fatigue in SCR welds considering the effect of weld geometry, 

inhomogeneous material properties and dynamic global loading. 

• Physically-based modelling of the cyclic response of the material within welded 

connections.  

The contribution of the following chapters attempts to address these gaps. 
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3 Global and Local Fatigue Analysis of SCR Girth 

Welds 

 

3.1 Introduction 

The girth welds of steel catenary risers (SCRs) are susceptible to fatigue due to dynamic 

in-service loading, the geometrical discontinuity of the weld profile, the mismatch in 

microstructure and mechanical properties across the weld and the potential for weld 

defects such as misalignment and lack of fusion or penetration [1]. However, there is a 

lack of reported work on detailed analysis of fatigue in SCR welds considering key aspects 

such as weld geometry and inhomogeneous material properties. 

This chapter presents a global-local finite element analysis methodology for accurate and 

efficient assessment of the loading at a fatigue hot-spot, such as a welded joint on a large-

scale SCR system, due to in-service conditions. The Flexcom offshore dynamic structural 

analysis software package [2] is used to predict the global response for two free-hanging 

SCR designs, with different wall thickness, at a wide range of wave amplitudes. The 

dynamic loading obtained at a fatigue hot-spot, determined during global analysis, 

provides stress boundary conditions for an Abaqus local submodel, which focuses on the 

failure susceptible region of a girth weld. The local analyses explicitly account for the 

notch effect of the weld by modelling a representative girth weld geometry for each SCR 

design. Material properties corresponding to two line pipe steel grades are considered in 

the local analyses; the current-generation SCR material, X60, and the candidate next-

generation SCR material, X100. Distinct elastic-plastic material properties and fatigue 

failure parameters are specified for the parent material (PM), heat affected zone (HAZ) 

and weld metal (WM) regions in order to investigate the influence of microstructural 

inhomogeneity on the girth weld fatigue performance.  
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The fatigue loading determined at key points in the weld from the local analyses is used 

in conjunction with an uncoupled life prediction methodology to determine the weld 

fatigue life across a range of wave amplitudes. 

3.2 Methodology 

3.2.1 Overview 

A key objective of the present work is to link the dynamic loading, predicted via a global 

Flexcom SCR model, to a local Abaqus axisymmetric pipe model, in order to quantify the 

effect of the global loads on the local welded joint behaviour. This methodology allows 

for the identification and demonstration of fatigue critical weld zones, viz. whether HAZ 

is critical for X60 and X100 thick- and thin-walled cases.  

3.2.2 Global riser model 

Global dynamic analyses are conducted on two SCR models using the Flexcom offshore 

dynamic structural analysis FE software package, developed by Wood. The global SCR 

models consist of a floating production, storage and offloading (FPSO) vessel from which 

a free-hanging SCR with a total length of 4,298 m is suspended, with its end lying on the 

seabed at a depth of 3,000 m as shown in Figure 3.1. The SCR is connected to the FSPO 

by means of a flex joint and an I-tube, while the seabed end of the SCR is fixed in position 

by a pinned boundary condition. The SCR is modelled as a plain pipe without weld 

profiles, with an outer diameter (OD) of 406.4 mm in the global analyses. Two different 

pipe sections, a 15 mm wall thickness (WT) thin-walled pipe and a 25 mm WT thick-

walled pipe, are considered to investigate the effect of WT. The elastic material properties 

and riser dimensions used for both global SCR models are shown in Table 3.1. This ultra-

deepwater case study is chosen as being representative of the current frontier in offshore 

oil and gas production [3] where the use of SCRs with floating production facilities is 

most advantageous in terms of capital expenditure requirements and lead time before 

production. For example, the deepest offshore oil and gas production is currently from 

Shell’s Stones field in the Gulf of Mexico at a depth of 2,926 m.  
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Table 3.1 The elastic material properties and pipe dimensions used for global analyses of the SCR 

models in Flexcom. 

Model E (GPa) ν OD (mm) WT (mm) 

1 200 0.3 406.4 25 

2 200 0.3 406.4 15 

 

During global analyses in Flexcom, the SCRs are modelled using two-noded hybrid beam-

column elements with 14 degrees of freedom, which were developed by O’Brien and co-

workers [4] and are specifically designed to accommodate the low bending stiffness and 

arbitrarily large 3D non-linear displacements and rotations of offshore risers. For element 

refinement purposes, the global SCR models are subdivided into three zones, the seabed 

zone (550 m), the touchdown zone (200 m) and the riser column (3,548 m) as labelled in 

Figure 3.1. A total of 705 elements are used in each of the global SCR models. Refined 

1.5 m elements are used to capture the high gradients in results variables at the touchdown 

zone, while the element size is varied between 1.5 and 7.5 m in the seabed zone and riser 

column. For both SCR configurations, the flex joint is modelled as a linear 0.5 m beam 

element with a mass of 102 kg and a rotational stiffness of 21.6 kNm/°, and the final 

element connecting the SCR to the FPSO is modelled as a rigid I-tube of length 1 m. 

 

Figure 3.1 Schematic image of the global SCR model, with the three zones of element refinement 

highlighted. 
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The SCR–seabed interaction is modelled as a beam on elastic foundation, with a seabed 

stiffness of 143.4 kN/m2. Representative seabed properties obtained from the Flexcom 

Examples Manual [5] are assigned, with friction coefficients of 0.2 and 0.4 and friction 

stiffnesses of 45 N/m2 and 90 N/m2 assigned in the longitudinal and transverse directions, 

respectively. Similarly, representative flex joint and I-tube properties were used for the 

analyses. The SCR is modelled as containing crude oil with a density of 870 kg/m3 at a 

mean waterline pressure of 18 MPa, while the seawater density is assumed to be 1,025 

kg/m3.  

The dynamic global analyses are conducted for both SCR models using regular Airy 

waves, at wave amplitudes ranging from 1 to 10 m. This wide range of wave amplitudes 

corresponds to a variety of loading conditions, from everyday wave loading (1 to 3 m) to 

1,000-year storms (up to 10 m) at offshore production zones throughout the globe. A 

piecewise linear time-independent current model is specified in all analyses. A velocity of 

0.3 m/s is specified from the waterline to a sea depth of 55 m, which then decreases 

linearly to 0.15 m/s at a depth of 100 m and remains constant to the seabed. The wave 

loading on the SCR due to the heaving motion of the FPSO vessel is determined using the 

response amplitude operator for the vessel and the loading on the SCR due to subsea 

currents is determined using Morison’s equation. 

3.2.3 Local girth weld model 

The detailed local girth weld models are based on an axisymmetric geometry and loading 

assumption, including only axial stress and pressure loading components; the justification 

for this is addressed in Section 3.4. The pipe axial stress, 𝜎z, internal pressure, 𝑃i, and 

hydrostatic pressure, 𝑃h, loading for the local girth weld model are obtained from the 

fatigue hot-spot determined during global analyses on the SCR model. The axial stress at 

this location is applied to the local girth weld model as a uniform pressure acting in the 

longitudinal direction across the wall at one end, while the model is axially constrained at 

the opposite end, as shown in Figure 3.2. The internal pressure obtained from the global 

model is applied along the inner surface of the local girth weld model, while the external 

hydrostatic pressure at this location is applied over the outer surface. 
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The local analyses are conducted using material properties representative of two high-

strength low-alloy line pipe steels, X60 and X100 [6]. The elastic-perfectly plastic 

material model is implemented, with separate material properties assigned to the three 

primary weld zones, PM, HAZ and WM, as labelled in Figure 3.2. The weld geometries 

are based on SCR girth welds presented in the FATHOMS report [7] and the width of the 

HAZ is assumed as 3 mm; in general agreement with the experimental observations 

described in Chapter 4. 

 

Figure 3.2 Section views of the thin- and thick-walled local girth weld models. The width of the 

HAZ is 3 mm in both cases. 

CAX8R axisymmetric, eight-node, reduced integration, quadratic elements are used for 

the local girth weld models. A suitable mesh for each of the local girth weld models was 

confirmed through mesh convergence studies with respect to the maximum axial stress 

predicted at the weld root, as labelled in Figure 3.2, for a 2 m wave amplitude using X60 

material properties. The results of the mesh convergence study are shown in Figure 3.3. 

Convergence was achieved using a mesh of 7,747 elements on the thick-walled pipe and 
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16,740 elements on the thin-walled pipe. For each model, the elements are biased towards 

the junction of the PM, HAZ and WM, at the weld root, as shown in Figure 3.4. The mesh 

is biased towards this region to accurately capture stress concentrations and the effect of 

inhomogeneous material properties. 

 

Figure 3.3 Results of the mesh convergence study conducted for both local girth weld models at a 

2 m wave amplitude using X60 material properties. 

 

Figure 3.4 Detail view of the converged mesh for (a) the thin-walled pipe and (b) the thick-walled 

pipe models. 
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3.2.4 Fatigue life prediction 

The modified Goodman relation shown in Equation (3.1) is used to assess the allowable 

combinations of mean and alternating stress, such that a component can be expected to 

survive a given fatigue life which is determined by the fatigue limit of the material. 

 
𝜎a = 𝜎e (1 −

𝜎m

𝜎u
) (3.1) 

where 𝜎a and 𝜎m are the stress amplitude and mean stress of loading, respectively, 𝜎u is 

the ultimate tensile strength and 𝜎e is the fatigue limit for a given number of cycles to 

failure. The Basquin equation for high-cycle fatigue (HCF) loading provides a relationship 

between stress range at zero mean stress, ∆𝜎|𝜎m=0, and number of cycles to failure, 𝑁f, as 

follows: 

 ∆𝜎|𝜎m=0 = 𝜎f
′𝑁f

−𝑏 (3.2) 

where ∆𝜎 is the alternating stress range, 𝜎f
′ is the fatigue strength coefficient and 𝑏 is the 

fatigue strength exponent. The fatigue limit, 𝜎e, for a given total life, 𝑁f, can be calculated 

as half of ∆𝜎|𝜎m=0. Hence, by combining the Goodman curve with the Basquin equation, 

a Goodman–Basquin equation relating fatigue life to stress range and mean stress can be 

derived as follows: 

 

𝑁f = [
∆𝜎

𝜎f
′ (1 −

𝜎m

𝜎u
)

]

1
𝑏

 (3.3) 

The Goodman–Basquin relation is used in this work to estimate the fatigue life at the most 

highly stressed locations in the PM, WM and HAZ for the thick-walled pipe at locations 

A, B and C as labelled in Figure 3.1. Although this relation does not account for multiaxial 

effects, it has been successfully implemented to estimate life where the loading is 

predominately uniaxial by Sweeney et al. [8]. As axial stress is dominant in the hang-off 

zone, this methodology is deemed suitable for preliminary analysis. 
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The material properties used during analyses of the local girth weld model are shown in 

Table 3.2. The PM, WM and HAZ elastic moduli for X60 and X100 are assumed as those 

reported for X60 girth welds by Netto et al. [9]. The X60 elastic-plastic material properties 

were reported by Zhang et al. [10], where the tensile strength of the PM was determined 

by means of a standard tensile test and the tensile strength of the WM and HAZ were 

determined using the microshear test method. The X100 PM and WM tensile strengths 

were measured by Ishikawa et al. [11] using a standard tensile test, while the HAZ tensile 

strength was estimated from the results of hardness tests using the well-documented 

empirical relation developed by Cahoon [12], as follows: 

 
𝜎u =

𝐻V

3.1
(

𝑛

0.217
)

𝑛

𝑔 (3.4) 

where 𝐻V is Vickers hardness, 𝑛 is the strain hardening coefficient and 𝑔 is acceleration 

due to gravity. 

Table 3.2 The elastic-plastic material parameters used during local analyses. 

Material Weld zone E (GPa) ν 𝝈𝐲 (MPa) 

X60 

PM 199.7 0.3 500.2 

HAZ 195.9 0.3 440.1 

WM 202.4 0.3 500.1 

X100 

PM 199.7 0.3 719.5 

HAZ 195.9 0.3 681 

WM 202.4 0.3 826.5 

 

The fatigue parameters used for X60 and X100 are shown in Table 3.3. The fatigue 

ductility coefficient and the fatigue strength exponent for each of the X60 and X100 weld 

zones were obtained by the universal slopes method, where 𝜎f
′ = 1.9𝜎u and 𝑏 = −0.12, 

as described by Manson [13] and Cruzado et al. [14]. 
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Table 3.3 The fatigue parameters used during the local girth weld fatigue analyses. 

Material Weld zone 𝝈𝐮 (MPa) 𝝈𝐟
′  (MPa) 𝒃 𝒏 

X60 

PM 556.5 1057.4 -0.12 - 

HAZ 504.5 958.6 -0.12 - 

WM 576.9 1096.1 -0.12 - 

X100 

PM 828.5 1574.2 -0.12 - 

HAZ 778 1478.2 -0.12 0.058 

WM 888.5 1688.2 -0.12 - 

3.3 Results 

3.3.1 Global riser model 

The global dynamic analyses predicted a fatigue hot-spot in the hang-off zone just below 

the FPSO, for both SCR models, as highlighted in Figure 3.5. This region experiences the 

highest stress range and mean stress during global analyses, with axial stress being 

predominant, as shown in Figure 3.6. Hence, the local analyses are applied to model girth 

weld fatigue in this region of the SCR and for simplicity, it is assumed that the dominant 

uniaxial (axial) load can be applied in terms of maximum and minimum cyclic values, for 

a given wave amplitude, from the global analyses to the local axisymmetric pipe model. 

 

Figure 3.5 The location of the fatigue hot-spot in the hang-off zone determined during global 

analyses. 



Chapter 3: Global and Local Fatigue Analysis of SCR Girth Welds 

79 

 

The envelopes of axial stress and hoop stress along the thin-walled SCR model at a 2 m 

wave amplitude are shown in Figure 3.6. The alternating axial stress is primarily due to 

the heaving motion of the FPSO in response to wave loading. The high level of mean axial 

stress in the hang-off zone is due to the self-weight of the large SCR section which is 

suspended below. The hoop stress is greatest towards the waterline due to the effect of 

hydrostatic stress at greater water depths; however, the hoop stress remains essentially 

constant along the SCR during the global analyses. 

The envelope of resultant bending moment along the SCR for the same global analysis is 

shown in Figure 3.7. The touchdown zone is the location of maximum mean and 

alternating bending moment due to the cyclic contact interactions between the SCR and 

seabed in the touchdown zone, primarily as a result of the heaving motion of the FPSO. 

The resultant bending moment dramatically reduces along the riser length from the 

touchdown zone to the hang-off zone, where there is a local increase due to the 

discontinuity in stiffness at the transition between the SCR and the flex joint. 

 

Figure 3.6 The envelopes of axial (𝜎z) and hoop (𝜎h) stress along the SCR length for the thin-

walled model at a wave amplitude of 2 m. 



Chapter 3: Global and Local Fatigue Analysis of SCR Girth Welds 

80 

 

 

Figure 3.7 The envelope of resultant bending moment along the length of the SCR for the thin-

walled model at a wave amplitude of 2 m. 

The hang-off zone was determined to be a fatigue hot-spot for both SCR models due to 

the effect of the aforementioned loading modes. The maximum axial stress increases 

linearly with increasing wave amplitude at this hot-spot for both the thin- and thick-walled 

SCR models, as shown in Figure 3.8. The maximum axial stress is seen to be consistently 

higher by approximately 12% in the thin-walled pipe. 

The maximum resultant bending moment at the fatigue hot-spot increases significantly 

with wave amplitude as shown in Figure 3.9. This moment is greater in the thick-walled 

pipe model for lower wave amplitudes due to higher weight and stiffness, except for the 

highest wave amplitude, due to the increased dynamic excitation of the lighter riser 

section. 
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Figure 3.8 The maximum axial stress predicted at the fatigue hot spot location during global 

analysis for both thin-and thick-walled SCR models. 

 

Figure 3.9 The maximum bending moment predicted at the fatigue hot spot during global analysis 

for both thin-and thick-walled SCR models. 

3.3.2 Local girth weld model 

Contour plots of the maximum axial stress distribution for the thick-walled pipe using 

both X60 and X100 material properties at a 2 m wave amplitude are presented in Figure 

3.10. It has been established that yielding occurs on the inner surface of the riser, in the 

HAZ at the weld root for X60, but yielding is not predicted at any of the wave amplitudes 

analysed for X100. Thus, the X100 girth weld model is effectively elastic and an axial 

stress concentration factor (SCF) of 1.61 is predicted for the thick-walled pipe from the 
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results based on the ratio of the peak axial stress in the HAZ at the weld root to the uniform 

axial stress away from the weld. 

 

Figure 3.10 Contour plots of the maximum axial stress distribution at a 2 m wave amplitude for 

the thick-walled pipe using both X60 and X100 material properties. 

Contour plots of the maximum axial stress distribution for the thin-walled pipe at a 2 m 

wave amplitude are presented in Figure 3.11 for X60 and X100. HAZ yielding is predicted 

on the inner surface of the riser at the weld root, in all load cases analysed for both X60 

and X100. To compare with the SCF of the thick-walled pipe, an additional analysis was 

conducted on the thin-walled pipe at a lower applied axial stress, such that yielding did 

not occur. A significant axial SCF of 4.48 was predicted at the HAZ in the weld root of 

the thin-walled pipe. This higher SCF is strongly influenced by the weld root penetration 

(see Figure 3.2). 

The predicted critical location on the thick-walled pipe is in the HAZ adjacent to the weld 

root, as labelled point A in Figure 3.12. The evolution of local axial stress predicted at this 

location and contour plots showing the evolution of maximum axial stress distribution for 

X60 at an 8 m wave amplitude are shown in Figure 3.13. The maximum value and largest 

range of axial stress occurs within the first two loading cycles. During subsequent cycles 

the maximum axial stress and axial stress range reduce to a constant level, resulting in 

elastic shakedown due to stress redistribution away from the weld root. 
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Figure 3.11 Contour plots of the maximum axial stress distribution for a 2 m wave amplitude on 

the thin-walled pipe using both X60 and X100 material properties. 

 

Figure 3.12 Contour plot of the maximum cyclic von Mises stress (𝜎vM) on the thick-walled X60 

pipe at a 2 m wave amplitude, highlighting points A (HAZ), B (PM) and C (WM). 
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Figure 3.13 (a) The predicted evolution in local axial stress over 20 cycles for the critical location 

labelled point A in Figure 3.12 and (b) contour showing the evolution of maximum axial stress for 

the X60 thick-walled pipe at an 8 m wave amplitude. 

Figure 3.14 shows the fatigue lives predicted using the combined Goodman–Basquin 

equation at locations A, B and C of the thick-walled pipe for X60 and X100 at a range of 

wave amplitudes. Significantly superior fatigue performance is predicted for X100. Under 

normal operating conditions, fatigue failure is not expected within the low-cycle fatigue 

(LCF) regime (less than 105 cycles) in any of the most highly stressed regions of the joint. 

However, the results for X60 show lives in the LCF regime in the HAZ at the weld root 

(point A) for all wave amplitudes, and in the PM adjacent to the weld root (point B) at 

wave amplitudes above 2 m. The life predictions for the X60 model at wave amplitudes 

above 4 m are affected by axial stress redistribution away from points A, B and C as a 

result of localised plasticity, as highlighted in Figure 3.13. A strain-based fatigue 

assessment methodology may be more suitable for life estimation where significant levels 
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of plastic strain are predicted in the local girth weld models. The long-duration high-wave 

amplitude loading scenarios analysed here represent extreme load cases, therefore 

resulting in lower predicted fatigue lives than would be expected for in-service SCRs. 

 

Figure 3.14 The fatigue lives predicted using the combined Goodman–Basquin equation at 

locations A (HAZ), B (PM) and C (WM) for both the X60 and the X100 thick-walled pipes at a 

range of wave amplitudes. 

3.4 Discussion 

The global SCR models analysed in this study are representative of current frontier 

projects in the offshore oil and gas industry, where the use of FPSOs with SCRs or steel 

lazy wave risers is currently the most attractive prospect for the development of remote 

deepwater and ultra-deepwater fields due to their efficiencies in terms of capital costs and 

the time required for field development. For example, at the Stones field [15], the current 

deepest offshore production location, steel lazy wave risers are used to conduct 

hydrocarbons and production fluids between the seabed, at a depth of 2,926 m, and an 

FPSO. The steel lazy wave risers have sections of increased buoyancy added mid-length 

to form an arched bend between the seabed and the waterline; thus reducing the riser 

tension and partially decoupling the motion of the FPSO to the riser interactions as the 

seabed. The risers are connected to the FSPO via the world’s largest buoyant turret 

mooring in order to allow the FPSO to disconnect during extreme weather events. 
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Global dynamic analyses of the SCR models predicted a fatigue hot-spot in the hang-off 

zone of the SCR just below the FPSO. This is an area of the riser well known for its 

susceptibility to fatigue ([16], [17]), particularly for installations from a floating 

production facility in deepwater or ultra-deepwater locations where the riser tension due 

to self–weight is higher. 

The predicted critical location for both thin-walled and thick-walled pipes is in the HAZ 

at the weld root. The thick-walled SCR exhibited superior performance in terms of the 

predicted weld SCF and plasticity and was therefore considered during the fatigue 

analyses.  

The predicted fatigue failure location, in the HAZ at the weld root, is in agreement with 

the most commonly documented failure location from experimental fatigue testing of SCR 

girth welds, as discussed in Chapter 2. The unbacked girth weld is heavily penalised in 

fatigue design codes due to the susceptibility to failure at the weld root as a result of weld 

quality, due to the lack of access for visual inspection as discussed by Maddox and co-

workers [18]. This highlights the importance of a qualified, consistent welding procedure 

for SCR girth welds. The level of control required to obtain a consistent root pass is 

considerably more difficult to attain for welding conducted on an offshore installation 

vessel. Reel-lay installation methods have an inherent advantage in this respect, by 

allowing for better control of the quality and consistency of the welds in the controlled 

environment of an onshore welding workshop. 

Although the local axisymmetric girth weld modelling does not explicitly account for the 

effect of the bending moment loading on the SCR, the bending-induced loading 

contribution was found to be negligible in comparison to the tension and pressure loading 

at the location of interest: the hang-off zone. The predicted bending stress in the hang-off 

zone, which was determined based on the global bending moment results shown in Figure 

3.9, is shown in Figure 3.15. The maximum additional contribution to the direct axial 

stress by the bending moment is less than 8% of the nominal axial stress, even at high 

wave amplitudes. 
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The global-local modelling methodology presented here for the fatigue analysis of SCR 

welds is further developed in Chapter 5 through the implementation of a submodelling 

approach, where the stress boundary conditions obtained during the global Flexcom 

analysis are applied to a 3D full revolution model of an SCR girth weld in Abaqus. The 

3D model then supplies boundary conditions for a more detailed submodel of a region of 

interest on the girth weld. The J2 plasticity model is also implemented in conjunction with 

a novel fatigue model for detailed damage calculations. 

 

Figure 3.15 The maximum bending stress calculated in the hang-off zone of the global SCR 

models based on the results shown in Figure 3.9. 

3.5 Conclusions 

Global dynamic analysis was conducted using Flexcom on two SCR models over a wide 

range of wave amplitudes. The results of the global analyses predicted a fatigue hot-spot 

in the hang-off zone of the SCR for both global models; this is a region known for its 

susceptibility to fatigue failure. 

Axial stress was the dominant component of mean and alternating stress at this fatigue 

hot-spot. The additional effect of bending moment loading in this region was shown to be 

negligible in comparison to the contributions of the other loading modes, therefore 

allowing local axisymmetric modelling of the detailed girth weld geometries for analysis 

in Abaqus. 
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The results of the local analyses revealed the influence of weld geometry on the predicted 

stress concentration factor, and therefore the importance of control over the root during 

welding. Plasticity was predicted in the HAZ, adjacent to the weld root, at the inner surface 

of the SCR for both the thin-walled and thick-walled pipe weld geometries. The X60 

material was found to be susceptible to weld root plasticity in the HAZ for both thick- and 

thin-walled pipes, whereas X100 was shown to be susceptible to yielding only for the thin-

walled pipe, in the HAZ, at the weld root. The geometrical attributes of the girth weld 

were shown to be important, concomitantly with the inhomogeneity in material properties 

caused by the welding process. For all cases, the lowest fatigue lives were predicted in the 

HAZ at the weld root. 

The results of the fatigue analysis conducted on the 25 mm WT girth weld model show 

the superior performance of X100. Under normal operating conditions, the PM, WM and 

HAZ of the thick-walled pipe demonstrated a fatigue life in the HCF regime, which is the 

desired range for SCR design. The predicted results for X60 PM, WM and HAZ show 

markedly lower lives than for X100 at low wave amplitudes but are affected by stress 

redistribution in the weld for higher wave amplitudes. In all cases, for the thick-walled 

pipe, significantly lower fatigue lives are predicted in the HAZ at the weld root, than in 

the PM or WM, respectively. 
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4 Process-Structure-Property Characterisation of an 

X100Q Girth Weld and Simulated HAZ 

 

4.1 Introduction 

The fatigue analysis of a steel catenary riser (SCR) girth weld, considering the effect of 

the local inhomogeneous material properties across the weld, was presented in Chapter 3. 

This chapter presents the experimental programme which was undertaken in this project 

to characterise the microstructure, constitutive behaviour and fatigue performance of 

X100Q welds; thus providing experimental data for the implementation of the more 

detailed analysis methodologies. The experimental methodology and results from a 

representative full-scale SCR girth weld on an X100Q pipe section and the subsequent 

characterisation of the weld. The full-scale pipe section was welded at Glenfield 

Engineering in Kilmallock, Ireland, using an automated surface tension transfer (STT) and 

gas metal arc welding (GMAW) process, to replicate an SCR welding process closely as 

possible. The pipe section is instrumented to capture the thermal and strain history in the 

weld zone throughout the welding process. A parallel programme of Gleeble 

thermomechanical simulation was conducted at Fraunhofer IWM in Freiburg, Germany, 

to generate microstructurally uniform heat affected zone (HAZ) test specimens using 

thermal cycles informed by the girth welding process. 

The key microstructural zones of the girth weld are characterised using a number of 

microscopy techniques, including optical microscopy, scanning electron microscopy 

(SEM), energy-dispersive X-ray spectroscopy (EDX), backscatter electron microscopy 

(BSE) and electron backscatter diffraction (EBSD). Nanoindentation testing is used in 

conjunction with the microscopy techniques to characterise and demarcate the 

inhomogeneous microstructure across the girth weld and simulated HAZ samples. The 

constitutive and fatigue performance of the parent material (PM), weld metal (WM) and 

simulated HAZ are characterised through a programme of tensile tests and strain-
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controlled fatigue tests which are performed at NUI Galway and Fraunhofer IWM. The 

fatigue performance of the weld is investigated via a programme of force-controlled 

fatigue tests which are conducted on both PM and cross-weld (CW) specimens. A number 

of repeat tests are conducted to establish the consistency of the results and comparisons 

are made between the results from tests conducted at NUI Galway and Fraunhofer IWM.  

The microstructure, constitutive response and fatigue performance of PM, WM and 

simulated HAZ specimens are compared. The experimental results obtained during 

microstructural analysis and mechanical testing are used as inputs and data for the 

calibration and validation of the computational constitutive and fatigue models presented 

described in Chapter 5 and Chapter 6, as shown in Figure 4.1. 

 

Figure 4.1 A flowchart illustrating the relationship between the experimental tasks presented in 

this chapter and computational modelling presented in other chapters. 
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4.2 Girth welding 

4.2.1 Parent material and filler metal 

The X100Q material used in the experimental programme is a quenched and tempered 

variant of the API 5L X100 [1] strength class line pipe steel. The material was donated to 

the project by the pipe manufacturer, Eisenbau Krämer (Kreuztal, Germany), in the form 

of two 2 m long, 406.4 mm outer diameter pipe sections with a wall thickness of 25 mm, 

as shown in Figure 4.2. The pipe was manufactured from steel plate supplied by 

ThyssenKrupp Steel (Duisburg, Germany), using the UOE process, by first forming into 

a U-shape, then an O-shape, before the plate edges were welded together using a double 

submerged arc welding process. The pipe was then expanded internally to the required 

form and dimensions before being checked for flaws via ultrasonic and X-ray inspection 

techniques. The steel plate was heat-treated via austenisation at 920°C for seven minutes 

before being quenched with water, then tempered at 600°C for one minute before air 

cooling. The plate and pipe test certificates are shown in Appendix A. The chemical 

composition supplied by ThyssenKrupp Steel for the plate steel is shown in Table 4.1. 

Table 4.1 The chemical composition reported by ThyssenKrupp for the X100Q steel plate (wt. %). 

C Si Mn P S Al B 

0.14 0.21 1.17 0.008 0.001 0.084 0.0025 

Cr Cu Mo N Nb Ni Ti 

0.32 0.01 0.3 0.004 0.027 0.02 0.005 
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Figure 4.2 The as-received X100Q pipe sections manufactured by Eisenbau Krämer. 

In preparation for the experimental girth welding, two 250 mm long pipe rings were cut 

from the as-received pipe and compound bevel was machined on each pipe ring using a 

lathe. Figure 4.3 shows an image of one of the cut and bevelled pipe rings and the 

dimensions of the compound bevel design used are shown in Figure 4.4. Böhler NiCrMo 

2.5-IG 1.2 mm filler wire [2] was chosen for use in the girth weld due to its high strength, 

low-temperature toughness and suitability for use in marine applications. The reported 

chemical composition of NiCrMo 2.5-IG filler wire is shown in Table 4.2 and the 

manufacturer’s datasheet is shown in Appendix A. 

 

Figure 4.3 A cut and bevelled X100Q pipe ring in preparation for girth welding. 
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Table 4.2 The chemical composition of Böhler NiCrMo 2.5-IG filler wire [2] (wt. %). 

C Si Mn Cr Ni Mo 

0.08 0.6 1.4 0.3 2.5 0.4 

4.2.2 Welding instrumentation 

The temperature history in the vicinity of the weld zone was recorded using six OMEGA 

TJ2-CAXL series type K thermocouple probes, with a diameter of 6 mm and length of 

150 mm. The thermocouple probes were inserted via an interference fit into blind holes 

which were drilled into the inner surface of one of the pipe rings. The holes were drilled 

to three unique positions, in terms of the depth through the wall-thickness and the distance 

from the bevel, such that the path for thermal conduction to any probe was not impeded 

and the variation of temperature history through the wall thickness could be captured. A 

dimensioned drawing of the thermocouple array at the pipe bevel is shown in Figure 4.4. 

 

Figure 4.4 (a) Schematic of the X100Q pipe section highlighting the thermocouple array location 

with (b) detail views showing the thermocouple (TC) array and pipe bevel dimensions. 

(Dimensions in mm). 
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Three Micro-Measurements G1267 high-temperature strain gauges, each with a 5 mm 

gauge length and built-in temperature compensation, were used to measure the axial and 

hoop strain in the vicinity of the girth weld. The strain gauges were bonded to the inner 

surface of the pipe ring, adjacent to the thermocouple array and 5 mm from the pipe bevel 

as shown in Figure 4.5, using H-Cement high-temperature ceramic cement. Nichrome V 

lead wire was spot-welded to the strain gauge terminals, which were then coated with H-

Cement and the protruding lead wire was covered using a fibreglass sleeve to prevent a 

short circuit. The H-Cement was then cured following the manufacturer’s instructions, in 

a ten-step process at a range of temperatures between room temperature and 320°C, by 

placing the pipe ring in a furnace.  

A LabVIEW [3] programme was written to process and record the temperature and strain 

data during girth welding. The temperature and strain data were captured and stored on a 

laptop computer at a rate of 5 Hz. The thermocouples were connected to the laptop via a 

National Instruments NI-6211 data acquisition (DAQ) device and the strain gauges were 

connected in quarter bridge configuration using a National Instruments cDAQ-9178 

chassis with a NI-9235 DAQ device. 

 

Figure 4.5 The instrumented X100Q pipe ring section with the thermocouple array and strain 

gauges labelled. 
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4.2.3 Welding parameter identification 

The mechanical properties and quality of a welded joint are primarily influenced by the 

weld geometry, the chemical composition of the PM and filler metal and the thermal 

cycles which occur during the welding process. The weld geometry is essentially 

determined by the pipe wall-thickness and the welding process to be used, whereas the 

detrimental influence of varying chemical composition between the PM and filler metal 

can be minimised by closely matching the chemical composition of the filler metal with 

that of the PM. The thermal cycles which occur during the welding process are highly 

dependent on the welding process, the preheat temperature, the heat input and the weld 

geometry. The cumulative effect of these influencing factors can essentially be described 

by, 𝑡8/5, which is the time taken, for a weld run and its HAZ, to cool from 800°C to 500°C. 

If the 𝑡8/5 time is too short, the hardness and strength of the WM and HAZ will 

significantly exceed that of the PM. This is also likely to reduce the ductility and impact 

toughness of the weld as well as increase the likelihood of cold cracking. Conversely, if 

the 𝑡8/5 time is too long the strength of the WM and HAZ may be detrimentally affected. 

Therefore, the first step in identifying appropriate welding conditions is to determine a 

range of 𝑡8/5 times within which the mechanical performance of the WM and HAZ are 

expected to be sufficiently close to that of the PM. The range of suitable 𝑡8/5 times was 

determined from the curves for Vickers hardness and notch fracture toughness as a 

function of 𝑡8/5, shown in Figure 4.6, which were supplied by the X100Q plate 

manufacturer [4]. A minimum 𝑡8/5 time of 15 s was determined based on the maximum 

allowable HAZ hardness of 350 𝐻𝑉 specified in the API STD 1104 welding standard [5] 

and a maximum 𝑡8/5 of 25 s was determined following the plate manufacturer’s 

recommendations. 
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Figure 4.6 The influence of cooling time on notch fracture toughness and hardness of X100Q HAZ 

for multipass welds, with the determined minimum and maximum values of 𝑡8/5 marked. Adapted 

from [4]. 

Once the appropriate range of 𝑡8/5 times was established, the minimum preheat and 

interpass temperature, 𝑇p, for the avoidance of cold cracking was determined. The preheat 

temperature calculation accounts for the influence of chemical composition, wall-

thickness and the hydrogen content of the weld metal on cold cracking behaviour: 

 𝑇p = 𝑇p𝐶𝐸𝑇 + 𝑇p𝑊𝑇 + 𝑇p𝐻𝐷 + 𝑇p𝑄 (4.1) 

where 𝑇p𝐶𝐸𝑇 is the effect of the carbon equivalent value, 𝑇p𝑊𝑇 is the effect of wall-

thickness, 𝑇p𝐻𝐷 is the effect of the hydrogen content of the filler metal and 𝑇p𝑄 is the effect 

of heat input. The carbon equivalent, 𝐶𝐸𝑇, which is derived from cold cracking 

investigations [6] is calculated for both the PM and filler metal as follows: 

 𝐶𝐸𝑇 = C +
Mn + Mo

10
+

Cr + Cu

20
+

Ni

40
 (4.2) 

The highest 𝐶𝐸𝑇 value calculated, 0.368% for the filler metal, was then used to calculate 

the minimum required preheat and interpass temperature [7]: 
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 𝑇p = 697𝐶𝐸𝑇 + 160 tanh (
𝑊𝑇

35
) + 62𝐻𝐷0.35 + (53𝐶𝐸𝑇 − 32)𝑄 − 328 (4.3) 

where 𝑊𝑇 is wall-thickness and 𝐻𝐷 is the hydrogen content of the weld metal which was 

taken as 4 cm3/100 g. The heat input, 𝑄, is calculated based on the thermal efficiency of 

the welding process, 𝑘, and the arc energy, 𝐸, as follows: 

 𝑄 = 𝑘𝐸 = 𝑘
𝑈𝐼

1000𝑣
 (4.4) 

where 𝑈 is the arc voltage, 𝐼 is the welding current and 𝑣 is the welding torch speed. The 

influence of pipe wall-thickness on the minimum required preheat and interpass 

temperature for this heat input is shown in Figure 4.7. 

 

Figure 4.7 The influence of wall-thickness on the minimum required preheat and interpass 

temperature for a 1.8 kJ/mm heat input. 

The favoured field of heat input and preheat or interpass temperature combinations for the 

X100Q girth weld was calculated by first determining the welding conditions which may 

be susceptible to cold cracking, using Equation (4.3). The determined minimum and 

maximum 𝑡8/5 values were then substituted into the following equation, adapted from the 

BS EN 1011-2:2001 standard [8], for a range of preheat or interpass temperatures: 
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 𝑄 =
𝑡8/5(800 − 𝑇p)(500 − 𝑇p)

(6,700 − 5𝑇p)300𝐹3

 (4.5) 

where 𝐹3 is the shape factor for three-dimensional heat flow, which is given as 0.9 in the 

case of a butt weld [8]. The resulting heat input and preheat or interpass temperature 

combinations were then plotted to obtain the favoured field of welding conditions, which 

was used for the creation of the welding procedure specification shown in Appendix B. 

4.2.4 Welding process 

Girth welding of the X100Q pipe rings was conducted at Glenfield Engineering using a 

Rotoweld 3.0 automated welding station [9]. Prior to welding, the bevel and adjacent 

surfaces inside and outside the pipe rings were ground using an angle grinder to remove 

any contamination from the weld zone. The pipe rings were then tack welded together 

using tungsten inert gas (TIG) welding, to ensure correct alignment and leave a root gap 

of 4 mm as shown in Figure 4.8(a). When secured on the Rotoweld 3.0 welding station, 

the pipe rings were preheated using an oxyacetylene torch to approximately 210°C by 

monitoring the output of the thermocouple array, as shown in Figure 4.8(b).  

The girth weld was completed in the 1G position with the pipe rotating clockwise relative 

to the view shown in Figure 4.9(a). The weld root was completed in one pass using STT 

welding via a Lincoln Electric Invertec STT II power source with 100% CO2 gas 

shielding. Spray transfer GMAW, via a Lincoln Electric IDEALARC CV-400-I constant 

voltage DC power source with 100% CO2 gas shielding, was used to deposit the eleven 

fill passes and two cap passes. The filler metal deposition, torch speed, voltage and 

amperage were monitored during welding using the Rotoweld 3.0 live welding procedure 

display shown in Figure 4.9(b). 
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Figure 4.8 (a) Alignment of the pipe rings by tack welding and (b) preheating the pipe rings on 

the Rotoweld 3.0 welding station using an oxyacetylene torch. 

 

Figure 4.9 (a) Girth welding in progress on the Rotoweld 3.0 welding station and (b) the live 

welding procedure display on the Rotoweld 3.0 welding station. 

The heat input, calculated using Equation (4.4) with an assumed thermal efficiency of 

0.85, and the recorded preheat or interpass temperature for each weld pass are plotted 

against the favourable field of conditions determined prior to welding in Figure 4.10. 

Eleven of the fourteen passes fall within the desired envelope of welding conditions, and 

only the root pass falls within the range where there is a danger of cold cracking. 
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Figure 4.10 A comparison between the experimentally measured welding conditions from the 

X100Q girth weld and the favoured field of welding conditions. 

An image of the completed girth weld is shown in Figure 4.11(a). The weld pass sequence 

which was followed during girth welding is shown in Figure 4.11(b) and a cross-section 

of the completed weld is shown in Figure 4.11(c). 

 

Figure 4.11 (a) The completed girth weld, (b) the weld pass sequence and (c) an etched cross-

section of the completed girth weld. 

The thermal histories recorded adjacent to the weld by TC2 TC4 and TC6, as labelled in 

Figure 4.4, are shown in Figure 4.12(a) and the axial strain history recorded adjacent to 

the weld is shown in Figure 4.12(b). The discontinuities in measured data are due to the 
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requirement for rewinding of the pipe section between passes to prevent tangling of the 

instrumentation lead wires. 

 

Figure 4.12 (a) The thermal histories obtained from thermocouples TC2, TC4 and TC6 as labelled 

in Figure 4.4 and (b) the axial strain history recorded at the inner surface of the pipe section during 

welding. 

4.2.5 Discussion 

The recorded heat input and interpass temperature for all but the root pass and the first 

two fill passes fell within the calculated field of favourable welding conditions for the 

girth weld. It was noted that the average recorded interpass temperature rose through the 

fill and cap passes, which were deposited with a heat input of 2.1 kJ/mm; this has been 

attributed to heat soaking of the pipe section. 
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One of the key challenges during girth welding related to the measurement of thermal 

histories corresponding to the HAZ. The thermocouple locations were designed to be 

located as close as possible to the fusion line and were successful in capturing the thermal 

history for both early and late passes; however, due to the 6 mm probe diameter and HAZ 

width, which was measured as 3 to 4 mm, it was not possible to capture HAZ thermal 

cycles using this instrumentation setup. Another factor potentially affecting the measured 

thermal cycles is that the temperature measured at the thermocouple may be different from 

the surrounding material due to the insulating effect of the thermocouple thickness. 

The hoop strain gauges were damaged during the welding process and therefore hoop 

strain data is not presented here The axial strain on the internal surface of the pipe section 

is tensile as the welding torch approaches the strain gauge location, due to thermal 

expansion of the pipe, and becomes compressive as the torch moves away. The tensile 

axial strain exceeds the yield strain during welding. There is a compressive residual axial 

strain at the weld root due to the repeated uneven shrinkage resultant from the welding 

process. These findings are typical of a multipass girth weld and qualitatively in agreement 

with those shown for X100 girth welds in the FATHOMS report [10] and those found by 

Maddox and co-workers [11] for X52, X65 and X80 girth welds with wall thicknesses 

greater than 15 mm. 

4.3 Physical-thermal simulation of HAZ 

4.3.1 Introduction 

Mechanical characterisation of the HAZ is challenging due to its small size, 

inhomogeneous microstructure and varying mechanical properties, as discussed in 

Chapter 2. Therefore, physical-thermal simulation was conducted in the experimental 

programme in order to manufacture simulated HAZ test specimens. The influence of peak 

temperature and cooling rate on hardness, tensile strength and fatigue performance is 

considered in this work. 
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4.3.2 Identification of HAZ thermal cycles 

Four thermal cycles representative of distinct regions within the HAZ for a single-pass 

weld were chosen for physical-thermal simulation of HAZ. Two thermal cycles with a 

peak temperature above Ac3 of 950°C, corresponding to fine-grained HAZ (FGHAZ), 

were chosen based on the work of Guiying et al. [12], who found that the yield and tensile 

strength of X100 simulated HAZ was lowest from a peak temperature of 950°C, as shown 

in Figure 4.13. Cooling rates of 10°C/s and 30°C/s, spanning the favourable field of 

welding conditions determined for the girth weld in Section 4.2.3, were used for the 

simulated FGHAZ thermal cycles. The remaining two thermal cycles were representative 

of the intercritical heat affected zone (ICHAZ), with a peak temperature between Ac1 and 

Ac3 of 790°C. This peak temperature was chosen based on the results of the first campaign 

of mechanical testing on simulated FGHAZ, which are discussed in Sections 4.6 and 4.7. 

Cooling rates of 5°C/s and 10°C/s were chosen for the simulated ICHAZ thermal cycles, 

based on the cooling rates observed from the experimental girth weld, shown in Section 

4.2. Thermal cycles representative of coarse-grained HAZ (CGHAZ) were not examined 

in this work, as a reduction in tensile and impact strength has not been shown for this 

region in the work of Guiying et al. [12]. 

 

Figure 4.13 The relationship between peak temperature and monotonic strength for X100 

simulated HAZ for two values of heat input [12]. 
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4.3.3 Gleeble thermal simulation 

Thermal simulation of X100Q HAZ was conducted at Fraunhofer IWM using a Gleeble 

3150 thermomechanical simulator, shown in Figure 4.14. Solid cylindrical specimens 120 

mm in length with a 10 mm diameter were manufactured from the longitudinal direction 

of the as-received X100Q material for physical-thermal simulation of HAZ. A 16 mm 

long gauge length of uniform thermal history was calibrated for each thermal cycle by 

using a specimen with three type K thermocouples, one spot-welded at the centre of the 

specimen, a second at an offset of 5 mm from the centre and a third at an offset of 8 mm 

from the centre as shown in Figure 4.15.  

 

Figure 4.14 The Gleeble 3150 thermomechanical simulator at Fraunhofer IWM. 

 

Figure 4.15 A calibration Gleeble specimen with type K thermocouples spot-welded to the centre 

and at offsets of 5 and 8 mm. 
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The specimens were held in the clamp jaws using copper grips under a zero force boundary 

condition, as shown in Figure 4.16. Temperature control was achieved using a closed-loop 

feedback system, based on the output of the central thermocouple. For all thermal cycles, 

the specimens were resistance heated at a rate of 100°C/s to the peak temperature, which 

was maintained for half a second before the specimens were actively cooled to 110°C, at 

which point they were allowed to passively cool. The simulated FGHAZ specimens were 

cooled using air blasting and by conduction through the water-cooled copper grips. 

Conduction and free air cooling were sufficient to achieve the required cooling rates for 

the simulated ICHAZ specimens. An image of an FGHAZ physical-thermal simulation in 

progress is shown in Figure 4.17. 

 

Figure 4.16 An image of the Gleeble 3150 thermomechanical simulator, with the key components 

for heating and cooling of the specimens labelled. 
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Figure 4.17 A Gleeble thermomechanical simulation in progress, near the peak temperature, for a 

simulated FGHAZ thermal cycle. 

A post-simulation Gleeble specimen is shown in Figure 4.18, with a schematic 

representation of the maximum temperature and cooling rate profile along the specimen 

length. Examples of the thermal cycles measured by the central thermocouple for both the 

simulated FGHAZ and simulated ICHAZ Gleeble physical-thermal simulations are shown 

in Figure 4.20. 

 

Figure 4.18 A post-simulation Gleeble specimen, with heat staining visible on the gauge length 

and a schematic representation of the experimental maximum temperature and cooling rate profile. 
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Figure 4.19 Typical thermal cycles measured for simulated FGHAZ and ICHAZ during physical-

thermal simulation. 

4.4 Microstructural analysis 

4.4.1 Optical microscopy 

Optical microscopy was performed at NUI Galway using an Olympus BX51M 

microscope. Microscopy specimens were extracted from the PM, simulated FGHAZ and 

girth weld, then mounted in cylindrical moulds using epoxy resin. To ensure the surface 

for examination is perpendicular to the axis of the mould, once cured, the specimens were 

cut using a Buehler IsoMet low speed saw. The cut surfaces were then prepared on Buehler 

EcoMet 250 Grinder-Polisher, by grinding with silicon carbide paper ranging from P200 

to P1200 grit, then polishing to a mirror finish, using 9 μm and 3 μm diamond suspensions 

and a 0.05 μm fumed silica solution. The specimens were then etched to expose the 

microstructure using Vilella’s reagent. 

The average grain sizes of the PM, 10°C/s and 30°C/s simulated FGHAZ were measured 

from optical micrographs. The micrographs were converted into binary images and edited 

to enhance grain boundaries and fill flaws within grain interiors, as shown in Figure 4.20 

using the image processing software ImageJ [13].  
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Figure 4.20 (a) an optical micrograph of X100Q PM and (b) the optimised binary image used for 

grain size measurements created using ImageJ processing software. 

The optimised binary images were then analysed using a grain size measurement tool for 

MATLAB developed by Lehto et al. [14], which applies the linear intercept length 

method, described in ASTM E1382 [15], in four evenly spaced orientations (0°, 45°, 90°, 

135°) as shown in Figure 4.21. A spacing of 2 μm was used between 0° and 90° intercept 

lines and 2.8 μm between 45° and 135° intercept lines, as recommended by the programme 

developers. Any grains which intersected the boundary of the optimised binary image 

were not used for calculations, measurements smaller than 1 μm were disregarded as noise 

and measurements greater than 100 μm were disregarded as being due to bleeding between 

grain boundaries. 
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Figure 4.21 An optimised binary image of X100Q PM, showing the linear intercept lengths 

determined for the four angles analysed. 

The value of average grain size, 𝑑, obtained using the linear intercept length method, is 

determined as: 

 𝑑 =
1

𝑛
∑ 𝑛𝑖𝑑𝑖

𝑛

𝑖=1

 (4.6) 

where 𝑛 is the total number of linear intercept length measurements and 𝑛𝑖 is the number 

of measurements corresponding to the grain size 𝑑𝑖. The homogeneity of grain size for 

each material was determined using relative grain size dispersion, 
∆𝑑

𝑑
, using the following 

methodology adapted by Lehto and co-workers [14] from Berbenni et al. [16]: 

 
∆𝑑

𝑑
=

𝑑max − 𝑑min

𝑑
=

𝑃99% − 𝑃1%

𝑑
 (4.7) 

where 𝑑max is the grain size associated with a cumulative probability of 99% and 𝑑min is 

the grain size associated with a cumulative probability of 1%. The measured grain size 
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distribution for X100Q PM is shown in Figure 4.22, with a fitted normal probability 

density function. 

 

Figure 4.22 The measured grain size distribution for X100Q PM, with a normal probability density 

function fitted to the experimental data.  

For materials with an inhomogeneous grain structure, the relationship between the average 

grain size and mechanical response may not adhere closely to well known-relationships, 

such as the Hall-Petch equation ([17], [18]). In particular, larger grains are associated with 

a reduced strength level [19], due to the length and number of slip bands within the grain. 

A small number of large grains can substantially influence the mechanical response of a 

material, due to the fact that they may occupy a significant volume of material. To capture 

the influence of grain volume on the mechanical response of a material, a rule of mixtures 

approach is used. The contribution of each grain to the average grain size of the material 

is considered to be proportional to the volume of the grain. Thus, the volume-weighted 

average grain size, 𝑑v, is defined as: 

 𝑑v =
1

𝑉T
∑ 𝑉i𝑑𝑖

𝑛

𝑖=1

 (4.8) 

where 𝑉T is the total volume of material and 𝑉i is the volume of grains corresponding to 

the grain size 𝑑𝑖. To determine the volume-weighted average grain size, the point sampled 
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intercept length method described by Gunderson et al. ([20],[21]) was used in a manner 

similar to the linear intercept length method described in ASTM E1382. Intercept lengths 

were measured in four evenly spaced orientations (0°, 45°, 90°, 135°). However, the 

measurements are carried out from 5,000 random points within the microstructure, and 

the orientation in which the measurement is taken from each point was selected at random, 

as shown in Figure 4.23. Consequently, the grain sizes were measured in proportion to 

their surface area fraction. As all measurements were taken from a two-dimensional 

surface, the surface area fraction was used to estimate the volume fraction based on the 

relationships of stereology ([22],[23]). The average grain size, relative grain size 

dispersion and volume-weighted average grain size values determined for the PM, 10°C/s 

and 30°C/s simulated FGHAZ are shown in Table 4.3. 

 

Figure 4.23 An optimised binary image of X100Q PM, showing the points and intercept lines 

generated using the point-sampled intercept-length method. The green points correspond to grain 

interiors and are used for measurements, the red points correspond to grain boundaries, and are 

not used for measurements. 

Table 4.3 The average grain size, relative grain size dispersion and volume-weighted average grain 

size values determined for the PM, 10°C/s and 30°C/s simulated FGHAZ. 

Material 𝒅 (μm) ∆𝒅/𝒅 𝒅𝐯 (μm) 

PM 18.96 3.23 28.3 

10°C/s FGHAZ 13.6 2.5 18.7 

30°C/s FGHAZ 8.1 2.5 11.1 
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4.4.2 SEM and EDX analysis 

SEM analysis was conducted at NUI Galway using a Hitachi S-4700 SEM with EDX and 

at the University of Limerick using a Hitachi SU-70 SEM. SEM micrographs of an etched 

and gold-plated X100Q PM specimen, highlighting a grain boundary, regions of bainite, 

granular bainite and retained austenite (RA), are shown in Figure 4.24. 

 

Figure 4.24 (a) An SEM micrograph of X100Q PM with a grain boundary highlighted and (b) a 

close-up view of the area surrounding the grain with microstructural features labelled. 

During the microstructural analysis of X100Q PM, the presence of a number of internal 

defects, including porosity, voids and inclusions, was noted. Some typical examples of 

these defects are visible in the SEM micrographs of un-etched X100Q PM shown in Figure 

4.25, which were taken at the University of Limerick. 

The observed inclusions were characterised using EDX at NUI Galway and were found 

to be predominantly spherical in form with compositions of type Ca-O or Al-O. Examples 

of Ca-O and Al-O inclusions are shown in the SEM micrographs of Figure 4.26 and the 

chemical composition measured for each inclusion using EDX is shown in Table 4.4. 
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Figure 4.25 SEM micrographs of X100Q PM showing some of the typical internal defects and 

carbides within the microstructure. 

 

Figure 4.26 SEM micrographs of (a) a Ca-O inclusion and (b) an Al-O inclusion in X100Q PM, 

with the locations used for EDX highlighted. 

Table 4.4 The chemical compositions obtained using EDX for the inclusions X100Q PM shown 

in Figure 4.26 (wt. %). 

 C O Mg Al Si K Mn Ca Fe 

Spectrum 1 18.5 38.5 0.7 0.7 1.65 0.31 - 31.6 8.1 

Spectrum 2 9.9 24.8 - 15.32 1.62 - 0.83 - 47.53 
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4.4.3 EBSD analysis 

EBSD scans of X100Q PM, 10°C/s and 30°C/s simulated FGHAZ were taken at the 

University of Limerick using a Hitachi SU-70 SEM equipped with an Oxford EBSD 

detector and HKL Channel 5 software. The scans were conducted at a tilt angle of 70° 

with a step size of 0.4 μm over an area of 120 μm by 120 μm. The scan results were 

processed in MATLAB using the MTEX toolbox. Non-indexed pixels were removed by 

assigning them the orientation of the surrounding pixels, and microstructural boundaries 

were plotted based on misorientation angle. Boundaries with a misorientation between 2° 

and 15° were determined to be low-angle boundaries (LABs) and boundaries with a 

misorientation above 15° were determined to be high-angle boundaries (HABs) [24]. The 

EBSD maps obtained for X100Q PM, 10°C/s and 30°C/s simulated FGHAZ are shown in 

Figure 4.27, Figure 4.28 and Figure 4.29 respectively. The LABs in each map are 

represented by white lines and the HABs are represented by black lines. The 

microstructural transformation to FGHAZ as a result of the physical-thermal simulation 

process is most apparent through the pronounced reduction in prior-austenite grain (PAG) 

size and bainitic block size and the equiaxed appearance of the microstructure compared 

to the PM. 

The microstructural texture of the PM and simulated FGHAZ materials were compared 

by plotting the orientations of 1,000 randomly selected points from the EBSD map on the 

inverse pole figure. The texture is essentially random in each material, however, a slight 

change in texture can be seen in the simulated FGHAZ materials, where the points are 

more uniformly distributed on the inverse pole figure than for the PM.  
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Figure 4.27 An EBSD map of X100Q PM with LABs highlighted in white and HABs highlighted 

in black, and an inverse pole figure showing the orientation of 1,000 randomly selected points 

from the EBSD map. 

 

Figure 4.28 An EBSD map of 10°C/s simulated FGHAZ with LABs highlighted in white and 

HABs highlighted in black, and an inverse pole figure showing the orientation of 1,000 randomly 

selected points from the EBSD map. 
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Figure 4.29 An EBSD map of 30°C/s simulated FGHAZ with LABs highlighted in white and 

HABs highlighted in black, and an inverse pole figure showing the orientation of 1,000 randomly 

selected points from the EBSD map. 

4.5 Nanoindentation testing 

A key advantage to the use of nanoindentation in this work is the ability to capture the 

variation of mechanical properties at high resolution for inhomogeneous materials such as 

HAZ. Nanoindentation testing was conducted to characterise hardness in PM, simulated 

FGHAZ and CW samples at NUI Galway using a Keysight G200 nanoindenter with a 

Berkovich diamond tip, as shown in Figure 4.30. Nanoindentation specimens were 

extracted from the PM, simulated FGHAZ and girth weld, and prepared using the 

methodology described in Section 4.4. The nanoindentation specimens were etched post-

testing to avoid the influence of surface corrosion on the hardness results. Prior to each 

test, the indenter tip height was calibrated against the height of a fused silica specimen 

which is fixed to the specimen holder, and the nanoindentation specimen was set to the 

same height. The nanoindentation test parameters were specified using the “G-Series 

Basic Hardness, Modulus, Tip Cal, Load Control” method in the Keysight Nanosuite 

programme. Test conditions were determined through a convergence study on the effects 

of loading rate and maximum load on the indentation hardness of X100Q PM. The 

measured hardness was found to reduce, and the consistency of the hardness results 
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increased with increasing maximum load. These trends can be attributed to the increasing 

indentation size with load, and therefore the reduced influence of size effect [25] and 

individual material phases ([26], [27]), leading to a bulk response. An appropriate 

maximum load of 850 mN was determined, with a hold time of 10 s and a loading rate of 

6.7 mN/s. Following the recommendations of Shirazi [28], all indentations were 

conducted with a spacing of 150 μm, greater than thirty times the indentation depth. 

 

Figure 4.30 A Labelled image of the Keysight G200 nanoindenter at NUI Galway. 

A labelled image of the CW sample which was used for microstructural and hardness 

characterisation of the girth weld is shown in Figure 4.31(a). Nanoindenation 

characterisation of the girth weld was conducted in the outlined area, which spans the PM, 

HAZ and WM. The indentation hardness values obtained from a single trace through the 

CW sample, with the corresponding weld regions labelled, are shown in Figure 4.31(b). 

The weld regions were identified based on the microstructural morphology observed at 

each indent. There is a consistent level of hardness in the PM, which then decreases to its 

lowest value in the ICHAZ, before increasing through the FGHAZ and coarse-grained 

HAZ (CGHAZ), where there is a sudden reduction in the fusion zone at the WM. 
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Figure 4.31 (a) an etched cross-section of the girth weld, with the area used for nanoindentation 

testing outlined and (b) the indentation hardness values obtained from a trace across the girth weld 

sample, with the identified weld regions labelled. 

An indentation hardness map of the girth weld sample region outlined in Figure 4.31(a) is 

shown in Figure 4.32, with optical micrographs of the primary microstructural regions in 

the girth weld. The trends in hardness variation with microstructure, shown in Figure 

4.31(b), are consistent for all traces in the hardness map. The microstructure in the softest 

region of the girth weld sample corresponds to ICHAZ, where the hardness drops to a low 

of 3 GPa on average. The softening observed here in the ICHAZ is in agreement with the 

HAZ hardness trends shown for numerous lean high-strength low-alloy (HSLA) steels, as 

discussed by Pisarski et al.[29]. The effect of weld geometry on the hardness within the 

characterised region can be seen in the hardness map where the soft ICHAZ region follows 

the bevel angle of the girth weld.  

The optical micrographs show defined prior-austenite grain boundaries (PAGBs) in the 

PM, with a microstructure consisting of lath bainite and granular bainite with small 

amounts of polygonal ferrite. The grain size in the ICHAZ appears unchanged from the 

PM, but the PAGBs are less defined and there is a significant increase in the polygonal 

ferrite constituent, with martensite-retained austenite islands and spheroidised carbides 

visible, indicating partial transformation. The grain size in the FGHAZ is significantly 

reduced from the PM due to the occurrence of complete transformation and 

recrystallisation during welding, with defined PAGBs visible and a microstructure 
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consisting of lath bainite, granular bainite and polygonal ferrite. The grain size in the 

CGHAZ is significantly increased from the PM, with visible PAGBs and a microstructure 

consisting primarily of lath bainite. The final indentation in the CGHAZ and the first two 

indentations in the WM, from the hardness trace shown in Figure 4.31(b), are visible. 

 

Figure 4.32 An indentation hardness map of the CW sample area highlighted in Figure 4.31(a). 

Due to the variance in peak temperature along the Gleeble specimens during physical-

thermal simulation of HAZ, there is an unavoidable region of material at the interface 

between the PM and simulated HAZ which experiences a thermal cycle, with a lower peak 

temperature and cooling rate than the simulated HAZ. For the simulated FGHAZ Gleeble 

specimens, this interface zone (IFZ) experienced a thermal cycle with a peak temperature 

between Ac1 and Ac3, which corresponds to the temperature range for the formation of 
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ICHAZ microstructures. The location of the PM, IFZ and simulated HAZ regions on a 

post-test Gleeble specimen are illustrated in Figure 4.33. 

 

Figure 4.33 A post-test Gleeble specimen, with the PM, IFZ and simulated HAZ regions 

highlighted and the location which was used for nanoindentation characterisation outlined. 

The maximum, minimum and mean values of indentation hardness obtained from two 

traces across a 10°C/s simulated FGHAZ specimen, in the region outlined in Figure 4.33, 

are shown in Figure 4.34, with the identified microstructural regions highlighted and 

optical micrographs of the IFZ and simulated FGHAZ microstructures. The hardness 

levels in both the PM and the calibrated region of simulated FGHAZ are essentially 

uniform. The hardness in the IFZ reduces gradually from the PM value to a minimum 

value of 3.1 GPa, before sharply increasing to 4.7 GPa in the calibrated region of simulated 

FGHAZ.  

The microstructural morphology of the simulated FGHAZ material is representative of 

the girth weld FGHAZ, shown in Figure 4.32. The simulated FGHAZ materials have a 

refined grain size with defined PAGBs and microstructures consisting of lath bainite and 

granular bainite, with some polygonal ferrite. The grain size in the softened IFZ region is 

essentially unchanged from the PM. However, the PAGBs are less structured and defined 

in appearance, and there are large regions of polygonal ferrite, with spheroidised carbides 

and M/A visible, which is indicative of partial transformation, analogous to the ICHAZ 

microstructure shown in Figure 4.32. 
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Figure 4.34 The maximum, minimum and mean values of indentation hardness obtained from two 

traces across a 10°C/s simulated HAZ specimen. The identified microstructural regions are 

labelled with optical micrographs of the IFZ and simulated FGHAZ shown. 

The maximum, minimum and mean values of indentation hardness obtained from two 

traces across a 30°C/s simulated FGHAZ specimen are shown in Figure 4.35, with the 

identified microstructural regions highlighted and optical micrographs of the IFZ and 

simulated FGHAZ microstructures. The hardness follows the same trend exhibited by the 

10°C/s simulated FGHAZ, with the hardness reducing to 3.3 GPa before sharply 

increasing to 4.9 GPa. 

The level of grain refinement in the 30°C/s simulated FGHAZ microstructure is increased 

relative to the 10°C/s simulated FGHAZ. The microstructure also consists of lath bainite 

and granular bainite, with some polygonal ferrite. The IFZ microstructure is essentially 

the same for the 10°C/s and 30°C/s simulated FGHAZ specimens. 
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Figure 4.35 The maximum, minimum and mean values of indentation hardness obtained from two 

traces across a 30°C/s simulated HAZ specimen, with the identified microstructural regions 

labelled and optical micrographs of the IFZ and simulated FGHAZ. 

Typical load-displacement curves obtained from indentations in the PM, girth weld 

ICHAZ, girth weld WM, 10°C/s simulated FGHAZ and 30°C/s simulated FGHAZ are 

shown in Figure 4.36. The mean values of indentation hardness for the PM, girth weld 

ICHAZ, girth weld WM, 10°C/s simulated FGHAZ and 30°C/s simulated FGHAZ are 

presented in Table 4.5. The differences in hardness are consistent with deviations in 

displacement at maximum load for each material. 
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Figure 4.36 Typical nanoindentation load-displacement curves for the PM, ICHAZ, WM, 10°C/s 

and 30°C/s simulated FGHAZ. 

Table 4.5 The mean values of indentation hardness obtained for the PM, ICHAZ, WM, 10°C/s 

and 30°C/s simulated FGHAZ.  

Material 𝑯𝐈𝐓 (GPa) No. of samples 

PM 3.64 245 

ICHAZ 3.01 7 

WM 3.22 40 

10°C/s FGHAZ 4.68 19 

30°C/s FGHAZ 4.92 21 

 

4.6 Tensile testing 

Two campaigns of tensile testing were conducted at Fraunhofer IWM, the first of which 

consisted of testing the X100Q simulated FGHAZ microstructures described in Section 

4.3. Round tensile specimens with a gauge length five times the diameter in accordance 

with the ASTM E8M standard [30], as shown in Figure 4.37(a), were machined from post-

simulation Gleeble specimens. The specimens were tested under strain control, at a strain 

rate of 0.01%/s, using a knife-edged extensometer. 

The tensile engineering stress-strain response obtained for both the 10°C/s and the 30°C/s 

simulated FGHAZ during the initial test campaign are shown in Figure 4.38. For both 
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cases, the location of failure is between the PM and the simulated FGHAZ microstructure 

in the IFZ, as described in Section 4.5. As the softened IFZ was contained within the gauge 

length for this specimen design, a significant concentration of strain occurred in this region 

which led to necking and ultimately to failure. Therefore, the tensile responses shown here 

are highly influenced by the IFZ and cannot be regarded as representative of the simulated 

FGHAZ materials. An image of a post-test 30°C/s simulated FGHAZ specimen is shown 

in Figure 4.39, with the gauge length and primary microstructural regions labelled along 

with an optical micrograph showing a cross-section through the failure location. The 

etched cross-section shows significant elongation of the grains in the necked IFZ region, 

with a high concentration of voids which have coalesced to form an internal crack. 

 

Figure 4.37 Dimensioned drawings of the specimens used in the (a) first and (b) second tensile 

and strain-controlled fatigue testing campaigns (Dimensions in mm). 
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Figure 4.38 The tensile engineering stress-strain response obtained for X100Q simulated FGHAZ 

during the first tensile testing campaign. 

 

Figure 4.39 A post-test 30°C/s simulated FGHAZ specimen from the first tensile testing campaign, 

with the primary microstructural regions labelled an optical micrograph showing a cross-section 

of the failure location. 

The failure location of the post-test 30°C/s simulated FGHAZ specimen, shown in Figure 

4.39, was characterised using nanoindentation testing. The maximum, minimum and mean 

indentation hardness values obtained from traces across the failure location, shown in the 

optical micrograph of Figure 4.39, are shown in Figure 4.40. The trends in hardness, 
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shown for the IFZ in Section 4.5 are apparent, however, the length of the IFZ region is 

slightly increased as a result of plastic strain concentration during tensile deformation. 

 

Figure 4.40 The maximum, minimum and mean values of indentation hardness obtained from 

traces across the failure region of the 30°C/s simulated FGHAZ tensile specimen shown in Figure 

4.39, with the identified microstructural regions labelled and the region shown in the optical 

micrograph outlined. 

X100Q PM cut from the longitudinal direction of the as-received material, simulated 

ICHAZ and simulated FGHAZ, manufactured from the same orientation, were examined 

in the second tensile test campaign. Testing was conducted under the same parameters as 

the first campaign, however, a revised non-standard tensile specimen design in accordance 

with the ASTM E606 standard [31], as shown in Figure 4.37(b), was used to ensure that 

the reduced section, was entirely contained within the calibrated thermally-transformed 

region representing the simulated HAZ. This was key to ensuring that the measured 

response related to the simulated HAZ material and that the failures observed outside this 

region in the first test campaign did not reoccur. 

The tensile engineering stress-strain responses obtained for X100Q PM and simulated 

HAZ materials in the second test campaign are shown in Figure 4.41. The tensile 

properties obtained for X100Q PM, WM and simulated HAZ are shown in Table 4.6. The 

elongation at failure is higher than would be expected for standard tensile specimens due 

to the short gauge length which was necessary for the revised specimen design. The yield 
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strength of the PM is greater than the simulated ICHAZ or FGHAZ, which is attributed to 

the contribution of the LABs within the lath microstructure [32], which are significantly 

depleted in the simulated FGHAZ and effectively absent in the simulated ICHAZ. The 

significantly higher level of strain hardening in the simulated FGHAZ can be attributed to 

the increased density of HABs, as a result of the reduction in grain and block size 

compared to the PM and ICHAZ. The HABs contribute to strain hardening by retarding 

dislocation motion [33]. As expected, the higher cooling rate material gives a stronger 

response for both the simulated ICHAZ and FGHAZ. The WM tensile properties were 

obtained from the first quarter cycle of the strain-controlled fatigue tests which are 

described in the following section. 

 

Figure 4.41 The tensile engineering stress-strain response obtained for X100Q PM and simulated 

HAZ during the second tensile testing campaign, with a detailed view of the low-strain response. 
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Table 4.6 The tensile properties obtained for X100Q PM, WM and simulated HAZ. 

Material 𝝈𝐲 𝟎.𝟏% (MPa) 𝝈𝐮 (MPa) 

PM 835 940 

WM 652 - 

5°C/s ICHAZ 451 860 

10°C/s ICHAZ 460 891 

10°C/s FGHAZ 798 1,258 

30°C/s FGHAZ 821 1,269 

 

4.7 Fatigue testing 

An extensive fatigue testing programme for X100Q PM and WM was conducted at NUI 

Galway using an Instron 8500 servo-hydraulic system with a 100 kN load cell and an 

Instron 8800 controller, shown in Figure 4.42. Fatigue testing of simulated ICHAZ and 

FGHAZ was conducted at Fraunhofer IWM. The majority of the testing was strain-

controlled, although some force-controlled fatigue testing was also carried out, as will be 

discussed in the following sections. 

4.7.1 Strain-controlled testing 

Strain was measured using a knife-edge extensometer fixed to the specimen gauge length 

at both ends by elastic bands and control was achieved using closed-loop feedback via the 

Instron Console and LCF3 programmes. Fully-reversed loading was used during testing, 

with a range of strain amplitudes applied at an average strain rate of 0.2%/s. As rate effects 

are negligible for this material at room temperature, a sinusoidal waveform was used to 

improve machine control. 

Fatigue specimens were manufactured to the dimensions shown in Figure 4.43(a), in 

accordance with the ASTM E606 standard [31]. The X100Q PM specimens were cut from 

the longitudinal direction of the as-received material and the WM specimens were cut 

from the radial direction of the girth weld, such that they consisted entirely of weld metal, 

as shown in Figure 4.44. 
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Figure 4.42 (a) Labelled image of the Instron servohydraulic test rig at NUI Galway with (b) a 

detailed view of the specimen clamping mechanism. 

 

Figure 4.43 (a) The fatigue specimen design used for X100Q PM, WM and CW at NUI Galway 

and (b) the fatigue specimen design used for simulated FGHAZ in the first test campaign at 

Fraunhofer IWM (Dimensions in mm). 
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Figure 4.44 A schematic image highlighting the location from which WM fatigue specimens were 

manufactured from the X100Q girth weld, with a weld metal section cut for specimen manufacture 

shown inset. 

Two campaigns of fatigue testing were conducted for simulated FGHAZ at Fraunhofer 

IWM using the methodology described above. During the first campaign, the specimen 

design shown in Figure 4.43(b) was used. For these tests the gauge length was composed 

of simulated FGHAZ, but similar to the first campaign of tensile testing, IFZ was also 

contained within the reduced section. As a result, cyclic strain concentration occurred 

within the IFZ, which caused further softening of this region and ultimately failure through 

buckling or fracture. Therefore, the fatigue lives which were obtained using this specimen 

design were not considered to be homogeneously representative of simulated FGHAZ 

fatigue performance. Typical examples of the bucking and fracture failures which 

occurred in the IFZ are shown in Figure 4.45. The concentration of cyclic softening in the 

IFZ region for this specimen design can be seen from the results of nanoindentation traces, 

shown in Figure 4.46, which were conducted on untested and tested 10°C/s simulated 

FGHAZ specimens. 
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Figure 4.45 Typical examples of the IFZ failures which occurred during the first simulated HAZ 

fatigue test campaign and a short specimen from the second simulated HAZ test campaign for 

comparison purposes. 

 

Figure 4.46 A comparison between the average indentation hardness values obtained from traces 

across an untested 10°C/s simulated FGHAZ specimen and the indentation hardness values 

obtained from a tested 10°C/s simulated FGHAZ specimen, with softening in the IFZ highlighted. 

Due to the IFZ failures which occurred during the first campaign, the second campaign of 

simulated HAZ testing campaign was conducted at Fraunhofer IWM using a shorter 

specimen design (shown in Figure 4.37(b)) to ensure that fatigue failure occurred within 

the simulated HAZ material. A comparison between the specimens used in the first and 

second campaigns is also shown in Figure 4.45. The strain-controlled fatigue test 

programme for X100Q PM, WM and simulated HAZ is summarised in Table 4.7. 
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Table 4.7 The strain-controlled fatigue test programme for X100Q PM, WM and simulated HAZ. 

Material Strain ratio Strain range (%) No. of tests 

PM -1 

1.2 2 

1.0 4 

0.8 1 

0.7 1 

0.6 1 

WM -1 

1.2 1 

1.0 1 

0.8 1 

0.7 1 

0.6 1 

5°C/s ICHAZ -1 

1.2 1 

1.0 1 

0.8 1 

10°C/s ICHAZ -1 

1.2 1 

1.0 1 

0.8 1 

10°C/s FGHAZ -1 

1.2 1 

1.0 4 

0.8 2 

0.7 1 

0.6 1 

30°C/s FGHAZ -1 

1.2 1 

1.0 5 

0.8 1 

0.7 1 

0.6 1 

 

The stress-strain responses, stress amplitude evolutions and cyclic softening behaviours 

observed for X100Q PM, WM, 5°C/s ICHAZ, 10°C/s ICHAZ, 10°C/s FGHAZ and 30°C/s 

FGHAZ during the strain-controlled fatigue test programme are shown in Figures 4.47 to 

4.59, respectively. The results presented here represent the first strain-controlled fatigue 
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characterisation of X100Q and the first fatigue characterisation of HAZ via physical-

thermal simulation. Continuous yielding behaviour is shown in the first quarter cycle for 

the PM and simulated HAZ materials, however, for WM a yield plateau with elastic-

perfectly plastic behaviour is shown in the first quarter cycle for strain ranges above 0.7%, 

with continuous yielding behaviour shown for subsequent tensile and compressive 

loading.  

Masing behaviour [34] describes when the tensile non-linear portion of the stabilised 

stress-strain responses, across a variety of strain ranges, are coincident. For a material 

exhibiting Masing behaviour, superposition of the stabilised stress-plastic strain response 

for a number of strain ranges results in the upper branches of the hysteresis loops 

coinciding with the cyclic stress-strain curve of the material multiplied by two. The cyclic 

stress-strain curve may be described by the Ramberg-Osgood relationship [35]: 

 
∆𝜎

2
= 𝐾′ (

∆휀pl

2
)

𝑛′

 (4.12) 

where 
∆𝜎

2
 is the half-life cycle stress amplitude, 𝐾′is the cyclic strength coefficient, 

∆ pl

2
 is 

the half-life cycle plastic strain amplitude and 𝑛′ is the cyclic work hardening exponent. 

Non-Masing behaviour is exhibited by the PM, and simulated FGHAZ materials, which 

is indicative of evolution in the bainitic lath microstructure leading to the formation of 

dislocation cell structures [36], while the WM and simulated ICHAZ materials conform 

to Masing behaviour. The influence of microstructural degradation on cyclic response is 

also highlighted by the relationship between the experimental accumulated effective 

plastic strain and cyclic softening stress, where the experimental accumulated, 𝑝exp, is 

determined by the summation of twice the plastic strain range calculated for each cycle, 

Δ휀pl = Δ휀 −
Δ𝜎

𝐸
, as follows: 

 𝑝exp = ∑ 2Δ휀𝑖
pl

𝑁

𝑖=1

 (4.13) 
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Cyclic softening behaviour is exhibited by all materials, with primary softening during the 

early cycles, which is followed by a period of stabilised secondary softening, followed by 

a significant acceleration in softening rate just before final failure. The extent of cyclic 

softening is greatest in the PM and simulated FGHAZ materials, where the saturated 

softening stress is also highly dependent on strain range, again indicative of 

microstructural degradation and dislocation cell formation. Conversely, the extent of 

cyclic softening in the WM and simulated ICHAZ materials is significantly lower than for 

PM and simulated FGHAZ, and the saturated softening stress is effectively independent 

of strain range. 

 

Figure 4.47 The (a) first cycle stress-strain response, (b) half-life cycle stress-strain response, (c) 

evolution of stress amplitude and (d) superposition of the half-life stress-plastic strain response 

for X100Q PM across the tested strain ranges. 
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Figure 4.48 The influence of strain range on cyclic softening behaviour for X100Q PM.  

 

Figure 4.49 The (a) first cycle stress-strain response, (b) half-life cycle stress-strain response, (c) 

evolution of stress amplitude and (d) superposition of the half-life stress-plastic strain response 

for X100Q WM across the tested strain ranges. 
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Figure 4.50 The influence of strain range on cyclic softening behaviour for X100Q WM. 

 

Figure 4.51 The (a) first cycle stress-strain response, (b) half-life cycle stress-strain response, (c) 

evolution of stress amplitude and (d) superposition of the half-life stress-plastic strain response 

for 5°C/s simulated ICHAZ across the tested strain ranges. 
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Figure 4.52 The influence of strain range on cyclic softening behaviour for 5°C/s simulated 

ICHAZ. 

 

Figure 4.53 The (a) first cycle stress-strain response, (b) half-life cycle stress-strain response, (c) 

evolution of stress amplitude and (d) superposition of the half-life stress-plastic strain response 

for 10°C/s simulated ICHAZ across the tested strain ranges. 
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Figure 4.54 The influence of strain range on cyclic softening behaviour for 10°C/s simulated 

ICHAZ. 

 

Figure 4.55 The (a) first cycle stress-strain response, (b) half-life cycle stress-strain response, (c) 

evolution of stress amplitude and (d) superposition of the half-life stress-plastic strain response 

for 10°C/s simulated FGHAZ across the tested strain ranges. 
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Figure 4.56 The influence of strain range on cyclic softening behaviour for 10°C/s simulated 

FGHAZ. 

 

Figure 4.57 The (a) first cycle stress-strain response, (b) half-life cycle stress-strain response, (c) 

evolution of stress amplitude and (d) superposition of the half-life stress-plastic strain response 

for 30°C/s simulated FGHAZ across the tested strain ranges. 
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Figure 4.58 The influence of strain range on cyclic softening behaviour for 30°C/s simulated 

FGHAZ. 

A comparison of the first cycle and half-life cycle stress-strain response for X100Q PM, 

WM simulated ICHAZ and simulated FGHAZ, for a 1.2% strain range test, is shown in 

Figure 4.59 and a comparison between the stress amplitude evolutions and cyclic 

softening behaviours of the materials for the same strain range is shown in Figure 4.60. 

Consistent with the tensile performance discussed in Section 4.6, the simulated FGHAZ 

materials exhibit the highest stress range in the first cycle, with the higher cooling rate 

material giving a slightly stronger response. At the half-life cycle, the stress range of the 

simulated FGHAZ materials is significantly greater than the PM, WM and simulated 

ICHAZ materials, which exhibit an essentially converged saturated stress-strain response 

as a result of cyclic softening. The higher stress amplitude exhibited by the simulated 

FGHAZ materials is attributed to the significantly reduced grain size and bainitic block 

size compared to the PM, as discussed in Section 4.4. In keeping with the tensile results 

shown in Section 4.6, the higher cooling rate simulated ICHAZ and simulated FGHAZ 

materials exhibit a slightly higher stabilised cyclic strength. 

The same trends in cyclic softening are exhibited for all materials, with the majority of 

softening occurring during the early cycles, which is followed by a period of stabilised 

secondary softening until the cycles preceding failure. The extent of cyclic softening is 

greatest in the PM, which is attributed to coarsening of the bainitic lath microstructure via 

LAB dislocation annihilation, a mechanism which is modelled in Chapter 6. The extent of 
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softening in the WM, simulated ICHAZ and simulated FGHAZ reduces proportionally 

with the prevalence of bainitic laths within the microstructure of the materials. 

 

Figure 4.59 A comparison between the (a) first cycle and (b) half-life cycle stress-strain responses 

of X100Q PM, WM and simulated HAZ for a 1.2% strain range test. 
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Figure 4.60 A comparison between (a) the evolutions of stress amplitude and (b) the cyclic 

softening behaviours of X100Q PM, WM and simulated HAZ for a 1.2% strain range test. 

The experimental damage evolution for each fatigue test was determined through the 

degradation of the tensile unloading modulus using the following relation: 

 𝐷 = 1 −
�̃�

𝐸
 (4.14) 

where 𝐸 is the initial elastic modulus and �̃� is the cyclic tensile unloading modulus. 

Similar trends in fatigue damage accumulation were exhibited by X100Q PM, WM and 

simulated HAZ during the strain-controlled fatigue test programme. A low level of 
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damage accumulates rapidly within the early cycles, before reaching a saturated level. 

This early-life fatigue damage then essentially remains constant before a rapid 

accumulation of damage occurred as a result of macro-scale crack growth in the cycles 

preceding failure. A comparison of the experimental damage accumulations determined 

for X100Q PM, WM and simulated HAZ for a 1.2% strain range test is shown in Figure 

4.61. 

 

Figure 4.61 A comparison between the experimental damage accumulations of X100Q PM, WM 

and simulated HAZ for a 1.2% strain range test. 

The strain-life and Coffin-Manson type relationships observed during strain-controlled 

testing of X100Q PM, WM and simulated HAZ are shown in Figure 4.62. The fatigue 

lives obtained during the first test campaign of simulated FGHAZ fatigue testing, where 

failures occulted in the IFZ, are also shown for comparative purposes and labelled as IFZ. 

The simulated FGHAZ materials displayed superior fatigue performance to the PM, WM 

and simulated ICHAZ materials, with the 10°C/s FGHAZ material showing the most 

consistent fatigue performance. The simulated ICHAZ materials exhibit superior fatigue 

performance to the PM and WM. Due to the influence of strain localisation in the IFZ, 

which was located outside the specimen gauge length, as shown in Figure 4.45, the fatigue 

life of the IFZ specimens is approximately two orders of magnitude less than that of the 

PM for the 1% and 0.8% strain range tests. However, the fatigue performance of the IFZ 

specimens is comparable with that of the WM and PM for the 0.6% strain range test, where 
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the effect of strain localisation is reduced. Interestingly, the corresponding Coffin-Manson 

relationships, shown in Figure 4.62(b), illustrate no significant differences between the 

PM, WM and simulated HAZ when the results are plotted in terms of half-life plastic 

strain amplitude. 

 

Figure 4.62 The (a) strain amplitude-life and (b) Coffin-Manson relationships observed for X100Q 

PM, WM, simulated HAZ and IFZ specimens during strain-controlled fatigue testing. 

The relationship between half-life total strain energy density, as discussed in Chapter 2 

and defined by Golos ([37], [38]), and life for X100Q PM, WM and simulated HAZ is 

shown in Figure 4.63. The total strain energy density was determined from the half-life 

stress-strain response for each test using the trapezoidal numerical integration function in 
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MATLAB. The relationship between total strain energy density and life shown by the 

materials illustrates a correlation between constitutive response and life. 

 

Figure 4.63 The relationship between half-life total strain energy density and life observed for 

X100Q PM, WM and simulated HAZ during strain-controlled fatigue testing. 

Examination of the post-test fatigue specimens using BSE and SEM microscopy with 

EDX analysis, as discussed in Section 4.4, revealed the influence of inclusions and voids 

within the material on fatigue crack growth. Fatigue cracks were found to propagate along 

paths with a higher density of voids and inclusions, typically of type Ca-O or Al-O. A 

BSE micrographs showing a cross-section of a post-test PM and simulated FGHAZ 

specimens are shown in Figure 4.64, with detailed SEM micrographs of the voids and 

inclusions within the PM fatigue crack which were identified using EDX. 
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Figure 4.64 A BSE micrographs showing cross-sections of fatigue cracks in a post-test PM and 

simulated FGHAZ specimens, with the identified inclusions types labelled. 

The cyclic stress-strain power law constants for X100Q PM, WM and simulated HAZ, 

which were identified by least-squares optimisation to the half-life response for each 

material using Equation (4.12), are shown in Table 4.8. The Coffin-Manson and Basquin 

fatigue constants, which were also identified based on the half-life stress-strain response 

of the strain-controlled fatigue tests, are shown in Table 4.9. The values of 𝐾′, 휀f
′ and 𝜎f

′ 

identified in this work for X100Q are all lower than the corresponding values presented 

by de Jesus et al. [39] (also shown in Tables 4.8 and 4.9) for S690, another quenched and 

tempered HSLA steel from the same strength class. The inconsistency in the identified 

values is primarily attributed to the influence of cyclic softening behaviour, which was 

not exhibited by S690. 
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Table 4.8 The identified cyclic stress-strain power law constants for X100Q PM, WM and 

simulated HAZ with values from the literature for S690 for comparative purposes. 

Material 𝑲′ (MPa) 𝒏′ (-) 

PM 835 0.054 

S690 [39] 1,283 0.092 

WM 952 0.092 

5°C/s ICHAZ 2,116 0.24 

10°C/s ICHAZ 1,796 0.21 

10°C/s FGHAZ 1,442 0.087 

30°C/s FGHAZ 1,848 0.12 

 

Table 4.9 The identified Coffin-Manson and Basquin constants for X100Q PM, WM and 

simulated HAZ with values from the literature for S690 for comparative purposes. 

Material 𝜺𝐟
′  (-) 𝒄 (-) 𝝈𝐟

′  (MPa) 𝒃 (-) 

PM 0.55 -0.65 849.8 -0.039 

S690 [39] 0.74 -0.81 1,403 -0.087 

WM 0.18 -0.53 809.5 -0.048 

5°C/s ICHAZ 0.20 -0.47 1,370.7 -0.104 

10°C/s ICHAZ 1.29 -0.67 2,252.8 -0.157 

10°C/s FGHAZ 0.55 -0.62 1,657.7 -0.074 

30°C/s FGHAZ 0.39 -0.60 1,968.0 -0.090 

 

4.7.2 Force-controlled testing 

Due to the inhomogeneous strain distribution which was expected in the multi-material 

gauge length of the X100Q CW specimens, it was necessary to use force-controlled testing 

to characterise their fatigue performance. Testing was conducted at NUI Galway, using 

the Instron 8500 test rig described previously. Tests were conducted in accordance with 

the ASTM E466 [40] standard, using fully reversed loading with a sinusoidal waveform 

at a rate of 1 Hz. For comparative purposes, a series of force-controlled tests were also 

conducted on X100Q PM using the same test conditions.  
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X100Q CW fatigue specimens, with dimensions as per Figure 4.43(a) were machined 

from the girth weld described in Section 4.2. The specimens were machined from the 

longitudinal direction of the pipe, such that a weld fusion line passed midway through the 

gauge length at an angle of approximately 13°, as shown in Figure 4.65. The force-

controlled fatigue test programme for X100Q PM and CW is summarised in Table 4.10. 

 

Figure 4.65 A schematic image highlighting the location from which CW fatigue specimens were 

manufactured from the X100Q girth weld, with a CW section cut for specimen manufacture shown 

inset. 

Table 4.10 The force-controlled fatigue test programme for X100Q PM and CW. 

Material Stress ratio Stress range (MPa) No. of tests 

PM -1 

1,200 1 

1,150 1 

1,100 1 

1,020 1 

CW -1 
1,100 1 

900 1 

 

An example of the stress-strain response obtained during force-controlled fatigue testing, 

for the 1,020 MPa stress range test on X100Q PM, is shown in Figure 4.66. A small level 

of strain ratcheting occurs throughout the test and the plastic strain range increases as a 

result of cyclic softening. The strain amplitude increases slightly in the early cycles before 
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reaching an essentially stabilised value until the cycles preceding failure, where the tensile 

strain amplitude increases significantly due to the influence of crack propagation. 

 

Figure 4.66 (a) A comparison between the first cycle, half-life cycle and pre-failure cycle stress-

strain responses and (b) the evolution of strain amplitude for the X100Q PM 1,020 MPa stress 

range test. 

The stress amplitude-life relationships obtained for X100Q PM and CW during force-

controlled fatigue testing are shown in Figure 4.67. The results presented here represent 

the first force-controlled fatigue characterisation of X100Q, therefore a comparison is 

presented against results obtained by Jung et al. [41] for X80 in Figure 4.67. The fatigue 

life of X100Q is on average over twice that of X80 for a given stress amplitude. 

Interestingly, the difference in fatigue performance between X100Q PM and CW at a 

stress range of 1,100 MPa is approximately equal to the difference observed between the 

PM and IFZ for strain-controlled testing, again indicative of the critical nature of material 

inhomogeneity on fatigue performance.  
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Figure 4.67 The stress amplitude-life relationships obtained for X100Q PM and CW during force-

controlled fatigue testing and stress amplitude-life relationship for X80 from [41]. 

4.8 Discussion 

The FGHAZ and ICHAZ materials created in this work via physical-thermal simulation 

used thermal cycles representative of a single-pass welding process. Therefore, the 

microstructure and mechanical properties of the simulated FGHAZ and ICHAZ are not 

directly comparable with those of the HAZ from the multipass girth weld, where the 

reheating effect of subsequent weld passes results in tempering and reaustenisation in the 

HAZ.  

The use of nanoindentation with microstructural analysis techniques for characterisation 

of the simulated HAZ microstructures and the X100Q CW sample has allowed for 

accurate determination of the variation in hardness with microstructure across the weld 

and simulated HAZ specimens. The microstructure at the softest region of the CW sample 

corresponds to ICHAZ. This softened ICHAZ region follows the weld geometry through 

the pipe wall thickness, with an average reduction in hardness of 21% with respect to the 

PM. 

The indentation hardness of the simulated FGHAZ materials is significantly increased 

relative to the PM. Although the microstructures were created with thermal cycles 

corresponding to FGHAZ, the hardness is significantly higher than in the FGHAZ of the 
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CW specimen. This difference in hardness (between simulated FGHAZ and CW FGHAZ) 

is attributed to the tempering effect of subsequent weld passes in the girth weld, which 

was not represented during physical-thermal simulation. 

The peak temperature experienced in the soft IFZ region, which was identified between 

the PM and simulated FGHAZ, during Gleeble thermomechanical simulation is between 

Ac1 and Ac3, which corresponds to the temperature range for the formation of ICHAZ 

microstructures. The microstructural morphology and indentation hardness values of the 

ICHAZ in the CW specimen and the IFZ are also in close agreement, thus the IFZ can be 

regarded as being representative of ICHAZ. Although the IFZ is an artefact of the 

physical-thermal simulation process, its mechanical performance in this context is 

representative to that of the ICHAZ in a single-pass weld. 

The softened IFZ was the location of failure for the first campaign of tensile tests on 

simulated FGHAZ. Therefore, the values of ultimate tensile strength obtained during the 

first tensile test campaign can be inferred as the ultimate tensile strength of the IFZ, which 

is approximately 870 MPa. This value of ultimate tensile strength is bounded by the values 

obtained for 5°C/s and 10°C/s simulated ICHAZ during the second test campaign. 

The differences in tensile performance between the X100Q PM and simulated HAZ 

materials can be linked to the variation in their bainitic block size and lath widths. The 

tensile strength of the simulated FGHAZ materials is increased approximately 34% from 

that of the PM, which is attributed to the strengthening effect of the refined bainitic block 

microstructure. The simulated ICHAZ materials show a reduction of approximately 50% 

in yield strength compared to the PM, however, the difference in tensile strength between 

the materials is just 7%. The difference in yield strength is attributed to the strengthening 

effect of the refined bainitic lath microstructure in the PM, which is degraded under plastic 

deformation via mechanisms which are described in Chapter 6. 

The cyclic deformation behaviour of the materials may also be linked to their 

microstructural characteristics. The simulated FGHAZ materials exhibit a small amount 

of cyclic softening, due to coarsening of the bainitic lath microstructure but maintain the 
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highest cyclic strength due to their refined bainitic block size. The PM exhibits the highest 

level of cyclic softening due to the high strengthening contribution of its refined bainitic 

lath microstructure, which degrades under cyclic loading. The simulated ICHAZ 

specimens maintain a low cyclic strength and exhibit only a small amount of cyclic 

softening due to their coarse bainitic block size and the low prevalence of bainitic lath 

microstructure. Both the PM and simulated FGHAZ materials exhibit non-Masing 

behaviour, indicating the formation of dislocation cells due to lath coarsening, whereas 

the WM and simulated ICHAZ materials conform to Masing behaviour. 

The strain-life fatigue performance of the simulated FGHAZ is superior to that of the PM, 

WM or simulated ICHAZ. This attributed to the high yield strength, high level of strain 

hardening and low level of cyclic softening exhibited by the simulated FGHAZ. As a 

result, the stabilised plastic strain amplitude for a given test is significantly less in the 

simulated FGHAZ than for the other materials. There is a consistent relationship between 

half-life plastic strain amplitude and fatigue life for the PM, WM and simulated HAZ 

materials, particularly for higher strain amplitude tests. This suggests that the differences 

in yield strength and cyclic softening behaviour are the predominant factors in the 

variation of fatigue performance among the materials. 

The superior fatigue performance of X100Q compared to the current state of the art 

offshore riser steel, X80, can be seen from the force-controlled fatigue test results. 

However, the fatigue performance of X100Q CW is significantly reduced from that of the 

PM. This reduction in fatigue performance is comparable to the results obtained for IFZ 

specimens in the first strain-controlled fatigue testing campaign on simulated FGHAZ, 

where fatigue life was also reduced by approximately two orders of magnitude compared 

to the PM due to the influence of material inhomogeneity. The reduced fatigue 

performance of the X100Q CW specimens can essentially be accounted for by considering 

the influence of strain localisation due to the presence of soft ICHAZ microstructural 

regions in the gauge length by using the stabilised cyclic stress-strain curves and Coffin-

Manson relationships obtained for simulated ICHAZ. A stabilised plastic strain amplitude 

of 0.33% can be inferred in the ICHAZ of the CW specimen for the 1,100 MPa stress 
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range test, which gives a fatigue life of approximately 3,000 cycles when substituted into 

the Coffin-Manson relationship for the simulated ICHAZ, which is in the same order of 

magnitude as the experimental life obtained for the CW specimen. 

In-service X100Q welds will inevitably contain softened regions as a result of welding 

thermal cycles, analogous to the IFZ and ICHAZ regions characterised here. The results 

of this work indicate susceptibility to tensile and fatigue failure in the ICHAZ for matched 

or over-matched X100Q welds, due to this strain localisation and the resultant 

inhomogeneous material softening. 

4.9 Conclusions 

The methodology and results from the experimental programme which was completed in 

this work have been presented and discussed in this chapter. The key conclusions of this 

chapter are: 

• Microstructural analysis and nanoindentation characterisation of the girth weld has 

shown a reduction in hardness of up to 21% on average in the ICHAZ, a 

phenomenon which has been documented in the literature for other lean HSLA 

steels. 

• Tensile characterisation of X100Q PM, WM, and simulated HAZ have been 

conducted. The PM exhibits the highest yield strength, however, the simulated 

FGHAZ gives the highest tensile strength due to an increased level of strain 

hardening, which is attributed to the influence of reduced grain and bainitic block 

size. The simulated ICHAZ exhibits an almost 50% reduction in yield strength 

compared to the PM. The higher cooling rate simulated HAZ materials were 

shown to give a slightly stronger response in each case.  

• To the author’s knowledge, the first fatigue characterisation of X100Q PM, and 

WM, and the first use of the physical-thermal simulation technique for fatigue 

characterisation of HAZ sub-regions have been conducted in this work.  

• The PM exhibits non-Masing behaviour and a significant level of cyclic softening, 

which is attributed to bainitic lath coarsening and dislocation annihilation. The 
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simulated FGHAZ exhibits non-Masing and cyclic softening behaviour to a lesser 

extent than the PM due to the reduced prevalence of bainitic laths within the 

microstructure, however, simulated FGHAZ displays the highest cyclic strength, 

which is attributed to the refined grain and bainitic block size. The simulated 

ICHAZ conforms to Masing behaviour and shows the lowest cyclic strength and a 

lower level of cyclic softening than PM or simulated FGHAZ, due to the coarse 

grain and bainitic block size and low prevalence of bainitic lath microstructure.  

• Early-life fatigue damage is shown to occur for PM, simulated ICHAZ, simulated 

FGHAZ and WM materials. 

• The simulated FGHAZ materials display superior fatigue performance to the PM, 

WM and simulated ICHAZ materials due to their higher cyclic strength, and 

therefore lower plastic strain amplitude for a given test. However, the there is a 

consistent relationship between half-life plastic strain amplitude and fatigue life 

for the PM, WM and simulated HAZ materials, particularly at higher strain 

amplitude tests, indicating that the differences in yield strength and cyclic 

softening behaviour are the predominant factors in the variation of fatigue 

performance among the materials.  

• Under force-controlled testing, the fatigue performance of X100Q for a given 

stress range is over twice that of X80. 

• Although the strain-controlled fatigue performance of the simulated ICHAZ 

materials surpasses that of the PM, the detrimental effect of material 

inhomogeneity is highlighted by the IFZ fatigue specimens, where early fatigue 

failure is shown to occur in a region with microstructure and hardness 

representative of ICHAZ due to strain localisation. A similar trend in fatigue life 

reduction is shown for the X100Q CW specimens, indicative of the critical nature 

of material inhomogeneity on fatigue performance.  
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5 Computational Modelling for Cyclic Elastic-Plastic 

Constitutive Behaviour and Fatigue Damage of 

X100Q for SCRs 

5.1 Introduction 

In this chapter, a low cycle fatigue (LCF) damage model is proposed to capture the two-

stage fatigue damage evolution exhibited by X100Q, as shown in Chapter 4. This allows 

simulation of the effects of damage-induced material degradation, which is present for the 

majority of fatigue life. The fatigue damage model is implemented in a time-independent, 

damage-coupled plasticity constitutive model and applied to the X100Q parent material 

(PM) strain-controlled fatigue test data from Chapter 4. 

To address the challenge of demarcating cyclic softening, as a result of early-life fatigue 

damage [1], from softening due to microstructural evolution ([2]–[4]), a constitutive 

parameter optimisation procedure is developed, which takes account of the experimentally 

measured damage-induced material degradation. The optimisation procedure is 

implemented within a uniaxial cyclic plasticity MATLAB code, encompassing the 

Levenberg-Marquardt least squares algorithm ([5], [6]) which increases the accuracy of 

the predicted response by accounting for the cumulative influence of damage on 

constitutive behaviour. 

Furthermore, a high cycle fatigue (HCF) damage model is implemented in conjunction 

with the proposed LCF damage model and a damage-coupled cyclic plasticity model 

within a 3D Abaqus user-material (UMAT) subroutine. The UMAT is validated against 

published notched specimen test data across a range of loading ratios. Finally, the UMAT 

subroutine is applied with a global-local modelling methodology for fatigue analysis of 

steel catenary riser (SCR) girth welds, with the dynamic multiaxial loading obtained from 

the offshore structural analysis finite element package Flexcom [7], as described in 

Chapter 3. The identified constitutive and fatigue damage parameters for X100Q are used 

to predict fatigue life for a girth weld, using homogeneous X100Q PM material properties, 
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at a range of wave amplitudes. The fatigue lives predicted using the combined HCF-LCF 

fatigue damage model, the integrated non-linear continuous fatigue damage model [8] and 

the critical plane Smith Watson Topper [9] model are compared. 

5.2 Methodology 

5.2.1 Damage-coupled constitutive model 

Under the damage mechanics theory first described by Kachanov [10] and Rabotnov [11], 

damage is modelled as an effective reduction in load resisting area. A schematic diagram 

illustrating the definition of damage is shown in Figure 5.1, where 𝐷𝑛 is the damage 

normal to the direction �⃗⃗�, 𝑆𝐷 is the area of defects and 𝑆 is the total area of a material 

element normal to the direction �⃗⃗�. 

 

Figure 5.1 Material element highlighting a reduction in load resisting area due to damage. 

If the assumption of isotropic damage is used, the effective load resisting area, �̃�, may be 

represented as: 

 �̃� = 𝑆 − 𝑆𝐷 = 𝑆(1 − 𝐷) (5.1) 

where 𝐷 is a scalar isotropic damage variable. Therefore, by definition, the effective 

stress,  �̃�, in effective load resisting area is given by: 



Chapter 5: Computational Modelling for Cyclic Elastic-Plastic Constitutive Behaviour 

and Fatigue Damage of X100Q for SCRs 

163 

 

 �̃� =
𝜎𝑆

�̃�
=

𝜎

(1 − 𝐷)
= 𝐸휀el (5.2) 

where 𝜎 is the nominal stress, 𝐸 is the elastic modulus of the undamaged material and 휀el 

is the elastic strain. The time-independent Chaboche non-linear kinematic-isotropic 

hardening (NLKIH) plasticity model [12] with damage is used to capture the constitutive 

behaviour of X100Q in this chapter. The model incorporates the effect of damage through 

the use of an effective stress term in the elasticity law and the yield function on the basis 

of strain equivalence: 

 𝜺el =
1 + 𝜈

𝐸
(

𝝈

1 − 𝐷
) −

𝜈

𝐸
(

Tr(𝝈)𝜹

1 − 𝐷
) (5.3) 

 𝑓 = (
𝝈

1 − 𝐷
− 𝝌)

eq
− 𝑅 − 𝑘 (5.4) 

where 𝜺el is the elastic strain tensor, 𝝈 is the stress tensor, 𝜈 is Poisson’s ratio, 𝑓 is the 

yield function, 𝝌 is the kinematic back-stress tensor, 𝑅 is the isotropic softening stress, 𝑘 

is the cyclic yield stress and the subscript ‘eq’ denotes von Mises stress. The plastic strain 

rate is calculated as: 

 �̇�pl = �̇�
𝑑𝑓

𝑑𝝈
=

3

2

�̇�

1 − 𝐷

(
𝝈

1 − 𝐷 − 𝝌)
dev

(
𝝈

1 − 𝐷 − 𝝌)
eq

 (5.5) 

where �̇� is the plastic multiplier and the subscript ‘dev’ denotes deviatoric stress. The 

effective plastic strain rate, �̇�, is given by: 

 �̇� = √
2

3
�̇�pl ∶ �̇�pl =

�̇�

1 − 𝐷
 (5.6) 
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Three back-stress and two isotropic softening terms are used to capture the complex 

evolution of softening and hardening in this material. The Armstrong-Frederick non-linear 

kinematic hardening [13] evolution with damage for each back-stress, 𝝌𝑖, is: 

 �̇�𝑖 =
2

3
𝐶𝑖�̇�

pl(1 − 𝐷) − 𝛾𝑖𝝌𝑖�̇� (5.7) 

where 𝐶𝑖 are hardening moduli, 𝛾𝑖 are recall parameters. Note that total back-stress tensor 

is 𝝌 = ∑ 𝝌𝑖. The Chaboche non-linear isotropic softening evolution with damage for each 

for each softening stress, 𝑅𝑗, is calculated as follows: 

 �̇�𝑗 = 𝐵𝑗𝑄𝑗(1 − 𝐷)�̇� − 𝐵𝑗𝑅𝑗�̇� (5.8) 

where 𝑄𝑗 are saturation stresses and 𝐵𝑗 control the rates of saturation; also, 𝑅 = ∑ 𝑅𝑗 . 

5.2.2 Constitutive parameter identification 

The NLKIH constitutive model parameters identified in this chapter are fitted to the 

X100Q PM strain-controlled fatigue test data presented in Chapter 4. The elastic modulus, 

𝐸, is the first parameter identified and defined as the average of the slopes measured from 

the linear portion of the tensile unloading response during the first quarter cycle of each 

test. The cyclic yield strength, 𝑘, is then obtained by plotting the stress-plastic strain 

response, where 휀pl = 휀 −
𝜎

𝐸
, for the first cycle and identifying 2𝑘 as the average 

magnitude of the linear portion of stress-plastic strain response as shown in Figure 5.2. 
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Figure 5.2 Identification of the cyclic yield strength, 𝑘, from the initial cycle of a 1.2% strain range 

fatigue test on X100Q PM. 

The effect of damage is not included in the initial parameter identification process. The 

isotropic hardening parameters 𝑄𝑗 and 𝐵𝑗 are then fitted to the experimental data by first 

determining the experimental cyclic softening stress 𝑅exp: 

 𝑅exp = 𝜎max,cyc − 𝜎max,0 (5.9) 

where 𝜎max,0 is the maximum tensile stress in the first cycle and 𝜎max,cyc is the maximum 

tensile stress in subsequent cycles. The X100Q material exhibited cyclic softening 

behaviour during the strain-controlled fatigue test program, as described in Chapter 4, 

therefore negative values of saturation stress are used to simulate isotropic softening. The 

integrated form of the Chaboche non-linear isotropic softening equation is used to identify 

the isotropic softening parameters, 𝑄𝑗 and 𝐵𝑗, for each softening term, 𝑅𝑗: 

 𝑅𝑗 = 𝑄𝑗(1 − 𝑒−𝐵𝑗𝑝exp
) (5.10) 

where 𝑝exp is the experimental accumulated effective plastic strain A least squares 

optimisation approach is used to fit the terms of the isotropic softening model to the 

experimental evolution of primary and secondary cyclic softening with accumulated 

effective plastic strain, as shown in Figure 5.3. The optimisation is conducted using the 
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solver tool in Microsoft Excel, where the objective function to be minimised is defined 

as: 

 𝐹(𝑄𝑗, 𝐵𝑗) = ∑(𝑅(𝑄𝑗, 𝐵𝑗) − 𝑅exp)
2

𝑁D

𝑘=1

 (5.11) 

where 𝑅 = 𝑅1 + 𝑅2 and 𝑁D is the cycle number after which further softening is attributed 

to the onset of failure. 

 

Figure 5.3 Identification of the initial isotropic softening material parameters for the 1% strain 

range X100Q PM fatigue test. 

The Armstrong-Frederick kinematic hardening parameters are determined by plotting the 

half-life stress amplitude, with the cyclic yield strength and saturated value of cyclic 

softening stress subtracted, against the half-life plastic strain amplitude for each fatigue 

test. The integrated form of the Armstrong-Frederick non-linear kinematic hardening 

equation for a fully reversed stabilised cycle with three kinematic hardening terms, shown 

below in Equation (5.12), is then fitted to the experimental response, as shown in Figure 

5.4. 
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∆𝜎

2
− 𝑘 − 𝑄 = ∑

𝐶𝑖

𝛾𝑖
tanh (𝛾𝑖

∆휀pl

2
)

3

𝑖=1

 (5.12) 

The model parameters 𝐶1 and 𝛾1 are fitted to capture the primary hardening, 𝐶2 and 𝛾2 the 

secondary hardening and 𝐶3 and 𝛾3 the tertiary hardening response, as described by 

Lemaitre and Chaboche [14]. The 𝐶𝑖 and 𝛾𝑖 parameters are chosen such that the saturated 

values do not exceed the tensile strength of the material. i.e. 𝜎u ≈ 𝑘 +
𝐶1

𝛾1
+

𝐶2

𝛾2
+

𝐶3

𝛾3
. 

 

Figure 5.4 Identification of the initial kinematic hardening material parameters for X100Q PM. 

An automated parameter optimisation procedure, similar to those described by Lu et al. 

[15] and O’Hara et al. [16], has been developed for the damage-coupled constitutive 

model. The procedure significantly reduces the time required to identify constitutive 

parameters and accounts for the important effects of damage-induced material 

degradation, thus increasing the accuracy of the predicted material response. A flowchart 

outlining the key steps within the parameter identification procedure is shown in Figure 

5.5. 
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Figure 5.5 Flowchart of the constitutive parameter identification process for the coupled damage 

model. 

The initial identified cyclic yield strength, isotropic softening and kinematic hardening 

parameters are optimised with respect to the difference between the experimental and 

model-predicted stress-strain response for the first and half-life cycles. The optimisation 

procedure is implemented within MATLAB using the damage-coupled NLKIH cyclic 

plasticity model described previously in conjunction with the Levenberg-Marquardt least 

squares algorithm. The objective function which is minimised during parameter 

optimisation is: 
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 ∑(𝐹(𝑥0,mod) − exp)
2
 (5.13) 

where 𝐹(𝑥0,mod) is the model predicted constitutive response, 𝑥0,mod represents the 

iteratively modified material parameters for optimisation and exp is the experimentally 

observed constitutive response. As the incremental changes in parameters are relatively 

small, no bounds are placed on the parameters during the optimisation process. In order 

to distinguish between the effects of microstructurally-induced softening, as a result of 

dislocation motion and annihilation, and damage-induced softening on the constitutive 

response (see Figure 5.6), the experimentally measured damage evolution for each fatigue 

test is also an input to the parameter optimisation process. 

Quantification of the experimentally observed cyclic softening into microstructurally 

induced softening and damage-induced softening for the 0.8% strain range test is shown 

in Figure 5.6. The damage induced softening is demarcated from the total softening by 

accounting for the influence of the experimentally measured damage through the 

following relation: 𝑅exp,D =
𝜎max,cyc

1−𝐷
− 𝜎max,0. For this test, fatigue damage contributes to 

45 MPa of cyclic softening through the majority of the test, or approximately 30% of the 

experimentally observed softening prior to the onset of failure. 
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Figure 5.6 A plot of cyclic softening detailing the quantification of the recovery and damage-

induced softening for the 0.8% strain range test. 

5.2.3 Two-stage LCF damage model 

Based on the two-stage fatigue damage evolution which was observed for X100Q during 

the experimental work described in Chapter 4, a two-stage LCF damage model is proposed 

to account for early-life fatigue damage and the resultant degradation in material 

properties. A comparison of the typical damage accumulations predicted by the Lemaitre 

strain energy density (SED) [1], Chaboche non-linear continuous fatigue damage (NLCD) 

[8] and two-stage LCF damage models is shown in Figure 5.7. 

The early-life fatigue damage is attributed to the formation and nucleation of microcracks 

in the material [17]. The microcracks are formed around stress concentrations at defects 

such as inclusions or voids [18] and as a result of dislocation interactions at obstacles such 

as precipitates and high angle boundaries (HABs) ([19], [20]). The early-life fatigue 

damage, which will be described as primary damage henceforth, accumulates rapidly 

during the initial cycles but stabilises within approximately 10% of the total life due to the 

release of energy as a result of microcrack initiation and the prevention of further growth 
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by obstacles within the material. This damaged material state represents the majority of 

life under a strain-controlled fatigue test, as shown in Figure 5.8. 

 

Figure 5.7 Comparison between the typical damage evolutions predicted by the NLCD model, the 

SED model, and the proposed two-stage LCF damage model. 

The primary damage accumulation is modelled here as a function of accumulated effective 

plastic strain energy: 

 𝐷pp =
ln (𝐸𝑝2)

𝐾1𝜎max,0
∗ 𝑚1

 (5.14) 

where 𝐷pp is the primary LCF damage, 𝑝 is the accumulated effective plastic strain and 

𝐾1and 𝑚1 are constants fitted to the experimentally observed accumulated effective plastic 

strain and damage evolutions using the least squares method. The influence of multiaxial 

loading on primary damage accumulation is included by through the maximum damage 

equivalent stress during the first loading cycle, 𝜎max,0
∗ , where the damage equivalent stress 

is defined as [14]: 

 𝜎∗ = 𝜎eq√
2

3
(1 + 𝜈) + 3(1 − 2𝜈) (

𝜎H

𝜎eq
)

2

 (5.15) 
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where 𝜎eq is von Mises equivalent stress and 𝜎H is hydrostatic stress. 

 

Figure 5.8 The experimentally measured damage accumulation from the 0.8% strain range test 

with schematic images of the key damage mechanisms during the primary and secondary stages. 

Secondary damage accumulation occurs when a number of microcracks grow along 

energetically favourable paths and coalesce to form one or more macroscale cracks. The 

macroscale cracks then rapidly grow and ultimately lead to failure, as shown in Figure 

5.8. The initiation criterion for the secondary damage accumulation is a function of 

accumulated effective plastic strain and the maximum damage equivalent stress during 

the first loading cycle: 

 𝑝D = 휀pD (
𝜎u − 𝜎y

𝜎max,0
∗ − 𝜎y

)

𝑛

 (5.16) 

where 𝑝D is the accumulated effective plastic strain at the initiation of secondary damage 

accumulation and 𝑛 is the secondary damage initiation exponent. The secondary damage 
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initiation exponent is usually assumed constant [1], but is proposed here as a function of 

the damage maximum equivalent stress during the first loading cycle, as follows: 

 𝑛 = 𝐾2𝑒𝑚2𝜎max,0
∗

 (5.17) 

where the parameters 𝐾2and 𝑚2 are constants fitted to the experimentally observed 

accumulated effective plastic strain at secondary damage initiation. 

The secondary damage accumulation is based on the Lemaitre SED model [1], where the 

incremental damage accumulation is determined as: 

 
𝛿𝐷ps

𝛿𝑁
= [

𝜎max
∗ 2

2𝐸𝑆ps(1 − 𝐷)2
]

𝑚4

∆𝑝 𝑖𝑓 𝑝 > 𝑝D (5.18) 

where 𝐷ps is secondary LCF damage, 𝜎max
∗  is the maximum value of damage-equivalent 

stress over one cycle, ∆𝑝 is the accumulated effective plastic strain over one cycle and 𝑆ps 

is an energetic damage law parameter. 𝑆ps is usually assumed constant but is calculated 

here as a function of the damage maximum equivalent stress during the first loading cycle: 

 𝑆ps = 𝐾3𝜎max,0
∗ 𝑚3 (5.19) 

where 𝐾3, 𝑚3 and 𝑚4 are constants fitted to the experimental secondary damage 

evolution. 

5.2.4 NLCD HCF model 

The multiaxial form of the Chaboche NLCD model [14] is used here to predict stress-

based damage accumulation. The NLCD incremental damage accumulation expression is 

as follows: 

 
𝛿𝐷e

𝛿𝑁
= [1 − (1 − 𝐷)𝛽+1]

𝛼
[

𝐴II

𝑀0(1 − 3𝑏2𝜎H,mean)(1 − 𝐷)
]

𝛽

 (5.20) 
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where 𝐷e is stress-based damage, 𝑏2 is a parameter controlling the influence of mean 

hydrostatic stress and 𝐴II is the amplitude of octahedral shear stress per cycle, which is 

defined as: 

 𝐴II =
1

2
[
3

2
(𝑆𝑖𝑗,max − 𝑆𝑖𝑗,min) ⋅ (𝑆𝑖𝑗,max − 𝑆𝑖𝑗,min)]

1/2

 (5.21) 

where 𝑆𝑖𝑗,max and 𝑆𝑖𝑗,min are the maximum and minimum values of the deviatoric stress 

tensor during the loading cycle. The parameter 𝛼 is given by: 

 𝛼 = 1 − 𝑎 ⟨
𝐴II − 𝐴II

∗

𝜎u − 𝜎eq,max
⟩ (5.22) 

where the chevron brackets denote cyclic values, 𝜎eq,max is the maximum von Mises 

equivalent stress, 𝑎 is a material parameter determined from fatigue tests and 𝐴II
∗  is the 

Sines fatigue limit criterion [21], which is calculated as follows: 

 𝐴II
∗ = 𝜎l0(1 − 3𝑏1𝜎H,mean) (5.23) 

where 𝜎l0 is the fatigue limit for fully reversed loading conditions and 𝑏1 is a parameter 

controlling the influence of mean hydrostatic stress. The mean hydrostatic stress, 𝜎H,mean, 

is calculated as: 

 𝜎H,mean =
1

6
 [max(Tr(𝝈)) + min(Tr(𝝈))]   (5.24) 

The incremental NLCD damage accumulation, shown in Equation (5.20), is dependent on 

an initial level of damage for a numerical solution. In order to provide an initial damage 

level, the damage accumulated after the first cycle is calculated using the integrated form 

of the NLCD model, from 𝐷 = 0 to  𝐷 = 1 at 𝑁 = 𝑁f, shown in Equation (5.25). Under 

the assumption of constant amplitude cyclic loading, the linear damage accumulation per 

cycle for a multiaxial loading case is given by 
𝛿𝐷e

𝛿𝑁
=

1

𝑁f
, where: 
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 𝑁f =
1

1 + 𝛽

1

𝑎𝑀0
−𝛽

〈𝜎u − 𝜎eq,max〉

〈𝐴II − 𝐴II
∗ 〉

[
𝐴II

1 − 3𝑏2�̅�
]

−𝛽

 (5.25) 

The parameters 𝑎𝑀0
−𝛽

 and 𝛽 used in this chapter are calibrated to HCF data for S690 [22], 

another Q&T steel from the same strength class, by plotting ln (
𝑁f(

∆𝜎

2
−𝜎l0)

𝜎u−
∆𝜎

2

) against ln (
∆𝜎

2
) 

as described by Chaudonneret [23]. Values previously published by Zhang et al. [24] are 

used for the parameters 𝑎, 𝑏1 and 𝑏2. 

5.2.5 Combined HCF-LCF damage model 

The two-stage LCF and NLCD HCF damage models are both implemented within a 

multiaxial NLKIH cyclic plasticity UMAT for the commercial finite element solver, 

Abaqus. A flowchart detailing the implementation is shown in Figure 5.9.  

To determine the damage level at each integration point, the primary and secondary LCF 

damage are both calculated, if applicable, along with the NLCD HCF damage increment. 

The maximum of the damage levels predicted by these approaches at an integration point 

after a given loading block is then taken as the damage level for the subsequent loading 

block as follows: 

 (𝐷)j
i+1 = max {

𝛿𝐷e

𝛿𝑁
∆𝑁 + 𝐷,

𝛿𝐷ps

𝛿𝑁
∆𝑁 + 𝐷, 𝐷pp }

j

i

 (5.26) 

where 𝑖 represents the current loading block, 𝑗 is the number of the integration point and 

∆𝑁 is the number of fatigue cycles per loading block.  
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Figure 5.9 Flowchart of the combined HCF-LCF damage model implementation within a damage-

coupled Abaqus cyclic plasticity UMAT. 

5.2.6 SCR girth weld case study 

The combined HCF-LCF damage UMAT subroutine is applied in combination with the 

global-local modelling methodology for SCR girth welds discussed in Chapter 3. The 

dynamic multiaxial loading is obtained from global analyses of a 3,000 m sea depth 12 in 

OD free-hanging SCR in the Gulf of Mexico using a beam-element model in the offshore 

structural analysis FE package Flexcom [7], as shown schematically in Figure 5.10(a). 

The wall thickness required for this SCR design is determined through a maximum stress-
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based criteria, based on the results of global analyses conducted for a series of load cases 

in accordance with the API 2RD recommended practice [25], as shown in Table 5.1. The 

load cases include the effects of loading due to extreme weather conditions detailed in the 

API RP 2MET recommended practice [26], and loading due to failures in subsea systems 

which affect the internal pressure of the SCR. 

 

Figure 5.10 Schematic image detailing the global-local SCR modelling methodology, with (a) a 

free-hanging SCR Flexcom global model, (b) a 3D pipe section and detailed weld section 

submodel. 

Table 5.1 The global analysis load case matrix used to determine the required SCR wall thickness. 

Load category Environment Internal Pressure (MPa) Max allowable stress (MPa) 

Operating 10-year winter storm 24 0.67σy 

Extreme 100-year hurricane 2 0.8σy 

Survival 100-year hurricane 86 σy 

Robustness 1,000-year hurricane 2 σy 
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Once a suitable wall thickness SCR section is determined, further global analyses are 

conducted using Airy waves at 6 m, 7 m, 8 m, 9 m and 10 m wave amplitudes to obtain 

the required dynamic multiaxial loading history for local analyses. In an extension of the 

work presented in Chapter 3, the loading obtained during the global analyses is applied to 

a 3D pipe section submodel in Abaqus, as labelled “Submodel 1” in Figure 5.10. The 

applied loading includes internal pressure, hydrostatic pressure, and the alternating 

tension, bending moment and torque arising from wave loading. The nodal displacements 

from submodel 1, as a result of the globally obtained loading, then drive a more detailed 

submodel of the most highly loaded girth weld section via nodal displacement history 

boundary conditions, as labelled “Submodel 2” in Figure 5.10. Mesh convergence for 

submodel 2 is achieved with respect to the predicted maximum principal stress and the 

life predicted by the integrated NLCD model, shown in Equation (5.25). 

For comparative purposes, fatigue life prediction for the SCR girth weld is conducted 

using the combined HCF-LCF damage model, the integrated form of the NCLD model 

and the Smith-Watson-Topper (SWT) model, which employs the both the stress-based 

Basquin [27], and plastic strain-based Coffin-Manson [28] equations to form a total life 

equation which accounts for the effect of mean stress. To increase the computational 

efficiency of the incremental fatigue simulations values for ∆𝑁 are taken as 8,000 cycles 

for the 6 m wave amplitude case, 5,000 cycles for the 7 m and 8 m cases, and 1,000 cycles 

for the 9 m and 10 m cases; all of which are within the threshold of ∆𝑁/𝑁f  < 0.02, where 

Zhang et al. [24] have shown a converged solution is obtained between the incremental 

and integrated NLCD models for plain fatigue specimen. The SWT model is implemented 

in conjunction with the critical-plane method through Python post processor, to predict 

fatigue life at the failure location of the girth weld submodel, as described by Sum and co-

workers [29]. In this study, the focus of attention is on the geometric effect of the weld 

with the X100Q PM properties used also for the weld metal and heat affected zone during 

the analyses. 
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5.3 Results 

5.3.1 Damage-coupled constitutive model 

The fit achieved to the experimental stress-strain response at the first cycle and half-life 

cycle of X100Q PM strain-controlled fatigue tests using the proposed damage-coupled 

constitutive parameter identification and optimisation process is shown in Figure 5.11. 

There is good correlation shown between the model predictions and the experimental 

response, in terms of the evolution in stress and plastic strain amplitudes, for each of the 

tests. The optimised material parameters for the X100Q damage-coupled constitutive 

model are shown in Table 5.2. 

Table 5.2 The optimised material parameters for the X100Q damage-coupled constitutive model. 

𝒌 𝑩𝟏 𝑸𝟏 𝑩𝟐 𝑸𝟐 𝑪𝟏 𝜸𝟏 𝑪𝟐 𝜸𝟐 𝑪𝟑 𝜸𝟑 

(MPa) (-) (MPa) (-) (MPa) (GPa) (-) (GPa) (-) (GPa) (-) 

279.5 0.0104 -181.8 0.391 -68.2 1200.7 4562.3 360 2858.7 94.7 32.7 

 



Chapter 5: Computational Modelling for Cyclic Elastic-Plastic Constitutive Behaviour 

and Fatigue Damage of X100Q for SCRs 

180 

 

 

Figure 5.11 The fit achieved between the experimental and model-predicted stress-strain response 

at the first and half-life cycles for the 0.8%, 0.7%, and 0.6% strain range X100Q PM fatigue tests. 
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5.3.2 Two-stage LCF model 

The capability of the damage-coupled constitutive model to capture the evolution in stress-

strain response due to cyclic softening and damage-induced degradation of material 

properties, when used in conjunction with the two-stage LCF damage model, for the 1% 

strain range test is shown in Figure 5.12(a)-(c). The model predicted evolution of stress 

and plastic strain amplitude is in close agreement with the experimental data throughout 

the test, apart from the asymmetric response caused by macroscale crack closure in the 

cycles preceding failure. A comparative plot between the experimental and model-

predicted stress amplitude evolution for the 1%, 0.8%, 0.7% and 0.6% strain range tests 

is shown in Figure 5.12(d). The model predicted evolution in stress amplitude shows good 

agreement with the experimental data. 
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Figure 5.12 The fit achieved between the experimental and model-predicted evolution in stress-

strain response for the 1% strain range X100Q PM fatigue test at (a) first cycle, (b) the half-life 

cycle and (c) the final cycle. (d) Comparison between the experimental and model-predicted 

evolution in stress amplitude for the 1%, 0.8%, 0.7%, and 0.6% strain range X100Q PM fatigue 

tests. 

The fit between the experimentally observed damage evolution, which was measured 

through elastic modulus degradation, and the two-stage LCF damage model predicted 

damage evolution for 1%, 0.8%, 0.7% and 0.6% strain range tests is shown in Figure 5.13. 

The model predicted primary damage accumulation matches the early-life experimental 

damage for all tests. The secondary damage accumulation predicted by the two-stage LCF 

damage model is in excellent agreement with the experimental data, and the model 

predicted fatigue lives are within 4% of the experimentally observed values apart from the 
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0.7% strain range test. The identified fatigue damage parameters for X100Q PM are 

shown in Table 5.3. 

 

Figure 5.13 The fit achieved between the experimentally observed model predicted damage 

evolutions for the 1%, 0.8%, 0.7%, and 0.6% strain range X100Q PM fatigue tests.  

Table 5.3 The identified fatigue damage parameters for X100Q PM. 

𝝈𝐥𝟎 𝝈𝐟
′  𝒃 𝜺𝐟

′  𝒄 𝜷 𝒂𝑴𝟎
−𝜷

 𝒂 𝒃𝟏 𝒃𝟐 

(MPa) (MPa) (-) (-) (-) (-) (-) (-) (MPa-1) (MPa-1) 

223 1,403 -0.087 0.7314 -0.681 8.96 2.23×10-30 0.75 0.0013 0.00055 

𝑲𝟏 𝒎𝟏 𝑲𝟐 𝒎𝟐 𝑲𝟑 𝒎𝟑 𝒎𝟒 𝜺𝐩𝐃 𝒏  

(-) (-) (-) (-) (-) (-) (-) (-) (-)  

2×1012 -3.504 0.6938 0.038 4.79×10-7 2.295 20 0.345 1.19  

 

5.3.3 Validation of the combined HCF-LCF damage model 

The multiaxial implementation of the Lemaitre SED and Chaboche NLCD fatigue damage 

models within a damage-coupled plasticity Abaqus UMAT is validated through the 

simulation of force-controlled tests on LC4CS aluminium alloy notched specimens. The 

material properties and 1/8th notched specimen geometry presented by Shen et al. [30] and 

shown in Figure 5.14 are used during analyses. Six loading ratios (R ratios) are considered, 
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where the ratio is defined as the minimum applied force divided by the maximum applied 

force. The notched specimens are nominally loaded below the yield strength of the 

material, but the predicted damage evolution at the notch results in the occurrence of 

localised damage-induced plasticity. A contour plot of damage accumulation near failure 

for the 0.31 stress ratio test is shown in Figure 5.14.  

 

Figure 5.14 Contour plot of the predicted damage accumulation near failure on the LC4CS notched 

specimen for the 0.31 stress ratio test. The specimen is modelled using symmetry boundary 

conditions in the X-Y, X-Z and Y-Z planes. 

A comparison between the fatigue lives predicted using the combined HCF-LCF damage 

model and the experimental results is shown in Figure 5.15. As the value of damage at an 

integration point approaches 1 the load-bearing capacity of that point approached zero, 

which is representative of crack formation. Therefore, failure is considered to have 

occurred when damage reaches a value of 1 at an integration point. The model predicts 
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the experimental fatigue lives to a high degree of accuracy, with all of the model 

predictions within 15% of the reported experimental lives. 

 

Figure 5.15 Comparison between the experimentally observed and model-predicted fatigue lives 

for the LC4CS notched specimens. 

5.3.4 SCR girth weld case study 

From the results of global analyses conducted on a 3,000 m deep free-hanging SCR design 

(see Figure 3.1), using loading conditions representative of the Gulf of Mexico and the 

maximum von Mises stress criteria contained in Table 5.1, the determined appropriate 

SCR dimensions correspond to an API 12 in SCH 140 pipe section, with an outer diameter 

of 323.8 mm and a wall thickness of 28.6 mm. An additional insulation coating of 

thickness 63.5 mm is assumed during the global analyses for hydrodynamic drag purposes.  

The hang-off zone, below the floating production, storage and offloading facility (FPSO) 

is the critical region in terms of fatigue performance for all load cases during the global 

analyses. Due to the high tension in this region from the self-weight of the SCR, the hang-

off zone exhibited highest peak stress and alternating stress range. The global load 

quantities are extracted from this region and applied to the Abaqus submodel for fatigue 

analyses. The fatigue lives predicted for a girth weld in this location using the combined 

HCF-LCF damage model, integrated NLCD model and the critical-plane SWT model 
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during Abaqus submodel analyses are shown in Figure 5.16. The integrated NLCD and 

critical-plane SWT life predictions are based on the first cycle stress-strain range. A 

contour plot of the damage accumulation predicted at failure using the combined HCF-

LCF damage model for the 7 m wave amplitude load case is shown in Figure 5.17. Failure 

is considered to have occurred for the combined HCF-LCF damage model when the value 

of damage at an integration point reaches 1. The damage and accumulated effective plastic 

strain evolutions at the location of failure in the weld toe for this load case are shown in 

Figure 5.18. 

 

Figure 5.16 The predicted fatigue lives of the SCR girth weld obtained using the combined HCF-

LCF damage model, critical-plane SWT model and integrated NLCD model. 
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Figure 5.17 Contour plot of damage accumulation at the X100Q SCR girth weld at failure for the 

7 m wave amplitude case. The failure location is at the extreme fibre from the resultant bending 

moment at the weld toe. 

 

Figure 5.18 The evolution of damage accumulation and accumulated effective plastic strain at the 

failure location of the SCR girth weld (shown in Figure 5.17) for the 7 m wave amplitude case. 

5.4 Discussion 

The demarcation of experimental cyclic softening into microstructurally induced 

softening and damage-induced softening, shown in Figure 5.6, highlights the importance 

of accounting for the influence of damage accumulation on constitutive behaviour. This 
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calls into question the validity of the standard approach of fitting constitutive models to 

half-life data for similar materials, under the assumption that damage accumulation is 

negligible to the half-life cycle. If a constitutive model is fitted in this manner to a material 

exhibiting early-life damage, it is likely that the extent of isotropic hardening would be 

underestimated, or isotropic softening would be overestimated. The damage-coupled 

constitutive parameter optimisation process proposed here successfully takes account of 

the cumulative effect of damage during the parameter optimisation process, as evident 

from the close agreement shown between the predicted stress-strain response and 

experimental data shown in Figure 5.11. 

The combined application of the damage-coupled constitutive model parameter 

optimisation process and the two-stage LCF damage model exhibits good agreement with 

the experimentally observed evolutions of stress-strain response and fatigue damage as 

shown in Figure 5.12 and Figure 5.13 respectively. In particular, the primary damage 

accumulation predicted by the model in Figure 5.13 matches the experimental damage 

accumulation to a high degree of accuracy. The functional dependency between primary 

damage and accumulated effective plastic strain proposed in the primary damage model 

is in agreement with observations made by Polák [31] on the proportionality between the 

logarithm of surface crack length (damage) and fatigue cycles for a constant plastic strain 

amplitude test. The secondary damage accumulation and fatigue life predictions are also 

in close agreement with the experimental observations, for all but the 0.7% strain range 

test, where early fatigue failure occurred at a flaw on the specimen surface. However, the 

secondary damage accumulation and life prediction made by the two-stage LCF damage 

model appear to give a plausible failure point for the 0.7% strain range test, based on the 

experimental lives observed for the 0.8% and 0.6% strain range tests. 

The multiaxial damage-coupled plasticity Abaqus UMAT with combined LCF-HCF 

damage is successfully validated against notched LC4CS aluminium alloy test data for a 

variety of stress ratios. The elevated stress levels due to the notch feature result in an 

accumulation of stress-based damage at the notch root. The accumulation of damage at 

this location and the associated degradation of material properties caused damage-induced 
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plasticity to occur in the vicinity of the notch, from which plastic strain-based damage 

then begins to accumulate; rapidly becoming the predominant form of damage 

accumulation and leading to failure. 

The mechanisms of failure predicted for the LC4CS notched specimen are replicated for 

the SCR girth weld case study using the combined LCF-HCF damage model, where the 

weld geometry acts as a notch feature. The predicted girth weld fatigue lives, shown in 

Figure 5.16, using the combined LCF-HCF damage model and the integrated NLCD 

model are conservative with respect to the critical-plane SWT model at high wave 

amplitudes. This is most likely due to the fact the critical-plane SWT model neglects the 

effect of hydrostatic stress and only accounts for the influence of loading on the 

determined critical plane. As the SWT model does not use an incremental approach, the 

evolution in stress-strain response and the effect of damage is also omitted. The 

conservatism in the integrated NLCD model life predictions with respect to the combined 

HCF-LCF model is attributed to the inability of the model to account for the evolution in 

stress-strain response resultant from damage and plasticity. 

The fatigue lives predicted by the combined damage model indicate conservatism in the 

weld design. Assuming a constant wave amplitude and period, the predicted life for the 7 

m wave amplitude case equates to almost 5 months of constant weather equivalent to a 

10-year winter storm before the initiation of fatigue the depth of an integration point, 

approximately 0.56 mm. However, the modelling conducted in this chapter did not 

account for potential weld defects, the inhomogeneity of the material properties across the 

weld or residual stress; all of which are likely to have a detrimental impact on fatigue life. 

Modelling the inhomogeneous constitutive behaviour of the weld zone is addressed in 

Chapter 6 of this thesis. It can be seen from Figure 5.17 that the influence of weld 

geometry alone results in a significant concentration of damage at the weld toe, analogous 

to the results shown in Chapter 3. The concentration of damage and the associated material 

degradation at the weld toe results in a significant level of accumulated effective plastic 

strain, as shown in Figure 5.18. The plastic strain accumulation in this region has the 
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perpetuating effect of causing further concentration of damage through the plastic strain-

based damage model, which ultimately leads to failure.  

5.5 Conclusions 

In this chapter, a new two-stage LCF damage model and associated parameter 

optimisation procedure for the damage-coupled constitutive model have been developed. 

The model has been calibrated and validated against X100Q PM strain-controlled fatigue 

test data presented in Chapter 4. The two-stage LCF damage model has been implemented 

in a combined HCF-LCF damage Abaqus UMAT and applied to the computational case 

study of damage accumulation in an SCR girth weld. Key conclusions from this work are 

as follows: 

• The significant contribution of damage to the observed cyclic softening in X100Q 

highlights the importance of demarcating microstructure-induced softening from 

damage-induced softening, to accurately model the material behaviour. 

• The combined application of the proposed constitutive parameter identification 

process and two-stage LCF model provides excellent agreement with the 

experimentally observed behaviour for X100Q PM in terms of constitutive 

response, damage accumulation and life prediction. 

• A combined HCF-LCF damage model has been successfully implemented within 

an Abaqus UMAT subroutine. The model has been validated against multiaxial 

test data from the literature. 

• The combined HCF-LCF damage model has been applied to a computational case 

study on an X100Q SCR girth weld geometry designed in accordance with 

recommended industrial practices. The fatigue life predicted by the combined 

HCF-LCF damage model is in close agreement with the integrated NLCD model, 

but conservative when compared to the predictions of the critical-plane SWT 

model. The model successfully predicts the influence of weld geometry and 

damage-induced plasticity on the fatigue life of an SCR girth weld. 
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• The girth weld design was found to be conservative; however, the modelling did 

not account for potential defects or the inhomogeneity of the weld zone, which are 

likely to have a significant detrimental effect on fatigue life. 
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6 A Physically-Based Constitutive Model for Fatigue of 

X100Q Welds 

 

6.1 Introduction 

Due to the nature of the welding heat transfer process, a gradient of thermal cycles, in 

terms of peak temperature, heating rate and cooling rate, occurs in the vicinity of the weld. 

The microstructural transformations which occur in this region result in the graded and 

inhomogeneous microstructure which forms the heat affected zone (HAZ) [1]. The 

constitutive and fatigue performance of the material is significantly altered during this 

transformation, as highlighted by the experimental results of Chapter 4. The development 

and implementation of a phenomenological cyclic plasticity model with coupled fatigue 

damage for X100Q PM is presented in Chapter 5. However, this model is not capable of 

explicitly representing the effect of key microstructural parameters on constitutive 

behaviour and fatigue performance across the HAZ. 

In this chapter, a physically-based cyclic viscoplasticity model, based on dislocation 

mechanics, which is capable of capturing the influence of microstructure and 

microstructural evolution on cyclic response is implemented. Physically-based modelling 

is particularly advantageous for predicting the mechanical response of materials with 

graded inhomogeneous microstructures, such as welded connections. This technique may 

be used in conjunction with microstructural measurements or the results of microstructural 

evolution models, such as the prior austenite grain size distribution predicted for the 

X100Q girth weld using the welding process model of Mac Ardghail et al. [2], shown in 

Figure 6.1. This chapter builds on recent work by Barrett et al. on modelling the yield 

strength and cyclic deformation behaviour of martensitic 9Cr steels at high-temperature 

([3],[4]) and incorporates the microstructural strengthening effects of high-angle 

boundaries (HABs), low-angle-boundaries (LABs), dislocation density and precipitates, 

and the cyclic softening effects of dislocation annihilation and LAB coarsening. The 



Chapter 6: A Physically-Based Constitutive Model for Fatigue of X100Q Welds 

196 

 

model is adapted here to include the influence of early-life fatigue damage on cyclic 

response and is applied to bainite for the first time. 

The model is implemented within an implicit MATLAB viscoplasticity programme and 

used to predict the distinct constitutive response of (i) X100Q PM, (ii) simulated ICHAZ 

and (iii) simulated FGHAZ, as presented in Chapter 4. Measured microstructural 

characteristics and precipitate volume fractions and dimensions obtained from MatCalc 

simulations are used with the physically-based model. Finally, the predicted evolutions of 

dislocation density, lath width and yield strength for X100Q PM, 10°C/s simulated 

FGHAZ and 5°C/s simulated ICHAZ are compared. 

 

Figure 6.1 The predicted distribution of prior austenite grain (PAG) size for the X100Q girth weld 

presented in Chapter 4. 

6.2 Methodology 

6.2.1 Model framework 

The modelling methodology is based on the dislocation-mechanics framework described 

by Barrett et al. [4] for microstructural degradation of 9Cr steels but is adapted here for 

bainitic steel. The primary mechanisms of strengthening in bainitic HSLA steels, 

discussed in Chapter 2, are implemented in this viscoplastic modelling framework to 

predict the constitutive behaviour of X100Q. The framework is predicated on the 

evolution and degradation of material microstructure during cyclic loading, such that the 

inelastic strain rate is defined as:  
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 휀̇in = 𝑓(𝑑g, 𝑤, 𝜆, 𝜌) (6.1) 

where 𝑑g is block size, which is the smallest HAB structure within the bainitic 

microstructure, 𝑤 is bainitic lath width, 𝜆 is precipitate spacing and 𝜌 is dislocation 

density. For cyclic deformation, the inelastic strain rate is defined using a hyperbolic sine 

formulation [5], which is modified to a more physical definition based on Helmholtz free 

energy, ∆𝐹, and activation volume, ∆𝑉, as follows [4]: 

 휀̇in = 𝐴exp (
−∆𝐹

𝑘B𝑇
) sinh (

𝜎v∆𝑉

𝑀𝑘B𝑇
) sgn(𝜎 − 𝜎b) (6.2) 

where 𝐴 is the preexponential viscous constant, 𝑘B is Boltzmann’s constant,  𝑀 is the 

Taylor factor (2.73 [6]),  𝜎v is the viscous stress, 𝜎 is stress, 𝜎b is the kinematic backstress 

and the effect of absolute temperature, 𝑇 (assumed here as 293 K), is included through the 

use of Arrheniustype terms in Equation (6.2). The viscous stress is defined as follows for 

uniaxial loading: 

 𝜎v = |𝜎 − 𝜎b| − 𝜎y
cyc

 (6.3) 

where 𝜎y
cyc

 is the isotropic yield strength. A flowchart highlighting the model inputs and 

non-linear iterative solving processes used in the implementation of the non-linear physically-

based constitutive model in a uniaxial MATLAB code is shown in Figure 6.2. 
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Figure 6.2 A flowchart summarising the implementation of the physically-based constitutive 

model in an implicit uniaxial MATLAB code. 

6.2.2 Kinematic hardening 

The kinematic backstress occurs due to the retardation or immobilisation of dislocations 

at obstacles within the bainitic microstructure, namely: (i) HABs, (ii) LABS and (iii) 

precipitates [7]. Therefore, the kinematic back-stress is modelled using partial back 

stresses to account for the influence of these mechanisms: 
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 𝜎b = 𝜎g + 𝜎w + 𝜎p (6.4) 

where 𝜎g is the backstress due to HABs, 𝜎w is the backstress due to LABs and 𝜎p is the 

backstress due to precipitates. The backstress due to HABs occurs as a result of 

dislocation pileups at HABs [8] and the resultant local stress field. Derived from the 

model of Ashby et al. [9], the evolution of kinematic back-stress with dislocation pile-ups 

is [4]: 

 �̇�g =
𝑀𝑏𝜇

𝛼g
(

𝑑g�̇�g

𝑑g
2

) (6.5) 

where 𝑏 is the magnitude of the Burger’s vector (0.248 nm [10]), 𝜇 is the shear modulus, 

𝛼g is the HAB hardening constant (taken as 0.85) and 𝑛g is the number of dislocations in 

the pileup. The block size, 𝑑g, is used to represent the mean distance between HABs. The 

dislocation pileup evolution is formulated accounting for the probability of interactions 

between dislocations of opposite sign, as described by Sinclair and coworkers [11], and 

is given for cyclic deformation by Bardel et al [12]: 

 �̇�g =
𝑀𝑙g

𝑏
(1 −

𝑛g

𝑛g
∗  sgn(휀̇in)

) 휀̇in (6.6) 

where 𝑙g is the mean spacing between slip lines (taken as 300 nm [4]), 𝑛g
∗  is the number 

of sites available for a dislocation to contribute to the dislocation pileup (taken as 15.6 

[4]) and 𝑙g/𝑏 is the number of dislocations required to generate deformation.  

The back-stress generated due to the presence of LABs is a result of the tendency for 

dislocations to remain in the stable dislocation cell network formed by bainitic laths, as 

described by Keller [13]. The evolution in LAB back-stress is a function of bainitic lath 

width,  𝑤 and lath misorientation angle, 𝜃, and is derived from the model of Li as 

([14],[15]): 
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 �̇�w =
𝑀𝜇

1 − 𝜈
(

0.45𝑏𝑤

2𝜋𝜃
)

1/2

(
𝑤�̇� − 𝜃�̇�

𝑤2
) (6.7) 

where 𝜈 is Poisson’s ratio, which is taken as 0.3.  

The two primary precipitate types which are present in X100Q are M7C3 carbides (M = 

Mn, Fe, Cr, Mo) and MX carbonitrides (M = Nb, Mo, C; X = C, N). The larger M7C3 

carbides nucleate at HABs, whereas the smaller MX carbonitrides are uniformly 

distributed throughout the microstructure. This inhomogeneous precipitate distribution 

can be seen in the transmission electron microscopy (TEM) micrographs presented by 

Wang and co-workers [16], for X100Q quenched from peak temperatures in the range of 

875°C to 975°C, shown in Figure 6.2. 

 

Figure 6.3 TEM micrographs of X100Q quenched from (a) 875°C, (b) 925°C and (c) 975°C, 

highlighting the presence of precipitates in the bainitic lath microstructure [16]. 

The precipitate radii and volume fractions for X100Q PM and simulated HAZ are assumed 

to be equal in this work. The equilibrium values were predicted using a MatCalc 

simulation and are shown in Table 6.1. A detailed description of the MatCalc simulation 

process can be seen in the MatCalc User Manual [17].  

Table 6.1 The predicted radius and volume fraction of precipitates in X100Q. 

Precipitate Radius (nm) Volume fraction (%) Source 

M7C3 25 2 Present work 

MX 10 0.05 Present work 
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The predicted total volume fraction of precipitates is near the range of 3-3.6% reported by 

Wang and co-workers [16] for X100Q. Precipitates contribute to the kinematic back-stress 

through an Orowan looping process whereby the dislocation loops create a local stress 

field which impedes subsequent dislocation motion. This phenomenon has been 

experimentally observed for X80 [18] pipeline steel. As both M7C3 and MX precipitates 

contribute to this back-stress, a rule of mixtures approach ([4], [19], [20]) is used to 

account for the inhomogeneous precipitate distributions at boundaries and lath interiors, 

such that the kinematic back-stress is: 

 𝜎p = (𝑓w + 𝑓g)𝜎p,BND + (1 − 𝑓w − 𝑓g)𝜎p,INT (6.8) 

where 𝑓w and 𝑓g are the volume fractions of the LAB and HAB regions, respectively, and 

𝜎p,BND and 𝜎p,INT are the precipitateinduced kinematic backstress components at 

boundaries and lath interiors, respectively. A modified version of the FisherHartPry [21] 

model, developed by Barrett et al. [3] for cyclic deformation, is used to calculate the 

evolution of precipitateinduced backstresses: 

 �̇�p,𝑗 = [1.24𝑀 (
𝜎Or,𝑗𝜇𝐾

𝑛
)

1/2 𝑓𝑗,eq
3/4

√𝑝cyc

+ 3.09
𝑀2𝜇𝐾

𝑛
𝑓𝑗,eq

3/2
] �̇� sgn(𝜎 − 𝜎b) (6.9) 

where 𝜎Or,𝑗 are Orowan stresses, 𝑓𝑗,eq are equivalent volume fractions (where 𝑗 = BND, 

INT representing the boundary and interior regions, respectively), 𝑛 is the number of 

active slip systems (taken as 5 [22]), �̇� is the accumulated effective inelastic strain rate 

and 𝑝cyc is the effective inelastic strain accumulated during a load reversal. The constant, 

𝐾, is defined as [21]: 

 𝐾 = 1 +
1

2
(

𝜈

1 − 𝜈
) (6.10) 

The Orowan stress is defined as: 
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 𝜎Or,𝑗 = 𝑀𝜙
𝜇𝑏

𝜆𝑗
 (6.11) 

where 𝜙 is the obstacle strength coefficient (taken as 0.7 [23]), and 𝜆𝑗 is the mean obstacle 

spacing. Due to the inhomogeneous distribution of M7C3 carbides, the mean obstacle 

spacing at the boundaries and within lath interiors is defined as: 

 𝜆BND = √
𝜆c

2𝜆m
2

𝜆c
2 + 𝜆m

2
 (6.12) 

 𝜆INT = 𝜆m (6.13) 

where 𝜆m and 𝜆c are the mean interparticle spacings of the MX carbonitrates and M7C3 

carbides, respectively. The mean inter-particle spacing is defined accounting for the 

spacing of a critical pair of precipitates for dislocation pinning [24] with the factor 1.2 and 

the conversion from mean square planar to volumetric radius using the factor √3/2, as 

[25]: 

 𝜆𝑘 = 1.2√
3

2

𝑟𝑘

√𝑓𝑘,eq

 (6.14) 

where 𝑟𝑘 is particle radius, 𝑓𝑘,eq is the equivalent precipitate volume fraction and 𝑘 = c, m 

which denote M7C3 carbides and MX carbonitrates, respectively. It is assumed that MX 

carbonitrides are distributed uniformly throughout the microstructure; therefore, the 

equivalent volume fraction of MX carbonitrides is the measured volume fraction of 

particles, i.e. 𝑓m,eq = 𝑓m. However, M7C3 carbides are assumed to be dispersed along 

boundaries only, so that the equivalent volume fraction is: 

 𝑓c,eq =
𝑓c

𝑓g + 𝑓w
 (6.15) 
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6.2.3 Yield strength 

The yield strength of a metallic alloy is dependent on both the dislocation density and the 

presence of obstacles to slip within the microstructure [26]. For bainitic steels such as 

X100Q, the primary obstacles to slip include HABs, LABs, PeierlsNabarro stress, and 

precipitates [27]. Therefore, these factors are incorporated in the physicallybased 

isotropic yield strength implemented in this work, based on the work of Barrett and co

workers [3], where the cyclic yield strength is given by: 

 𝜎y
cyc

= 𝑘y𝑀√𝜏A
2 + 𝜏B

2 (6.16) 

where the constant 𝑘y which accounts for the thermal component of yield strength under 

cyclic deformation. The Taylor hardening expression is used to quantify the contribution 

of dislocation density to yield strength as follows: 

 𝜏A = 𝛼1𝜇𝑏√𝜌 (6.17) 

where 𝛼1 is the Taylor hardening coefficient (taken as 0.15 [28]) and 𝜌 is dislocation 

density. The contribution of obstacles to the yield strength is assumed to be the sum of the 

individual obstacle strengthening contributions: 

 𝜏B = 𝜏HP + 𝜏LAB + 𝜏PN + 𝜏ph (6.18) 

where 𝜏HP is the contribution of HABs to strength, 𝜏LAB is the contribution of LABs to 

strength, 𝜏PN is the PeierlsNabarro stress and 𝜏ph is the strengthening due to precipitates. 

The contribution of HABs to strength is modelled using a HallPetch relationship: 

 𝜏HP =
𝑘HP

𝑑g
𝑛HP

 (6.19) 

where 𝑘HP is the HallPetch constant and 𝑛HP is the HallPetch exponent. The contribution 

of LABs to strength is inversely proportional to the effective lath width, �̅�, [29] and given 

by: 
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 𝜏LAB =
𝛼2𝜇𝑏

�̅�
 (6.20) 

where 𝛼2 is a material constant (taken as 2.5 [3]). The Naylor mean slip length model [30] 

is used to determine the effective lath width:  

 �̅� =
2

𝜋
[𝑤 ln (tan (arccos (

𝑤

𝑙
)) +

𝑙

𝑤
) + 𝑙

𝜋

2
− 𝑙 arccos (

𝑤

𝑙
)  ] (6.21) 

where 𝑙 is the maximum bainitic lath dimension. The righthand side of the equation 

reduces to 𝑤 for an equiaxed subgrain microstructure. The PeierlsNabarro stress is 

calculated as follows [31]: 

 𝜏PN =
2𝜇

1 − 𝜈
exp (

−2𝜋

1 − 𝜈
) (6.22) 

The Ashby-Orowan equation [32] is used to determine the strengthening effect of 

precipitates due to dislocation pinning: 

 𝜏ph,𝑘 = 0.045
𝜇𝑏

𝜆𝑘
ln

𝑟𝑘

𝑏
 (6.23) 

Following the logic of Equation (6.8), a rule of mixtures approach is used to define the 

contribution of precipitates to the yield strength: 

 𝜏ph = (𝑓w + 𝑓g)𝜏ph,BND + (1 − 𝑓w − 𝑓g)𝜏ph,INT (6.24) 

where 𝜏ph,BND = 𝜏ph,c + 𝜏ph,m and 𝜏ph,INT = 𝜏ph,m. 

6.2.4 Dislocation density evolution 

The overall dislocation density, 𝜌, within the microstructure is given by the sum of the 

mobile dislocation density, �⃗� and the volumeweighted immobile dislocation densities at 

HABs, LABs and in lath interiors, 𝜌w, 𝜌g and 𝜌i respectively: 
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 𝜌 = �⃗� + 𝑓w𝜌w + 𝑓g𝜌g + (1 − 𝑓w − 𝑓g)𝜌i (6.25) 

The overall dislocation density varies as a function of accumulated effective inelastic 

strain due to growth, annihilation and immobilisation processes ( i.e. �̇⃗� = �̇⃗�+ − �̇⃗�− [21] ). 

In this work, the nucleation of both edge and screw dislocations is assumed to occur due 

to a Frank-Read source [33]. Reduction of dislocation density is assumed to occur due to 

mutual annihilation, LAB dislocation annihilation and the formation of dislocation dipoles 

and locks. The dislocation density evolution model implemented here is described in detail 

by Barrett et al. [4]. 

6.2.5 Bainitic lath width evolution 

The bainitic lath substructure plays an essential role in attaining the strength and toughness 

[34] required for X100Q grade steel. The contribution of the laths to the constitutive 

behaviour is modelled here as a function of lath width, lath shape, and the angle of 

misorientation between adjacent laths. The coarsening of laths and formation of 

dislocation cell substructures occurs during cyclic inelastic loading due to annihilation of 

the boundaries between adjacent laths. The resulting loss of both dislocations and 

obstacles to further dislocation movement contributes to the cyclic softening phenomenon 

[35] shown in the experimental results of Chapter 4. The concomitant coarsening of laths 

with reduction of LAB dislocation density ([36],[37]) is given by [38]:  

 𝑤 =
𝑤0𝜌w,0

𝜌w
 (6.26) 

where 𝑤0 and 𝜌w,0 are the initial lath width and LAB dislocation density, respectively. 

Lath coarsening may occur until the maximum lath width, assumed here to equal the block 

size, 𝑑g, is reached. The lath width evolution model is predicated on the idealised lath 

geometry shown in Figure 6.3. Using this cuboid geometry, the perimeter is 

4𝑤(𝑋1 + 𝑋2 + 𝑋3) and the lath boundary surface area is 4𝑠0 (𝑤(𝑋1 + 𝑋2 + 𝑋3) −
𝑠0

2
), 

such that the density of LAB dislocations is: 
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 𝜌w =
1

2𝑠

𝑤(𝑋1 + 𝑋2 + 𝑋3)

𝑠0 (𝑤(𝑋1 + 𝑋2 + 𝑋3) −
𝑠0

2 )
 (6.27) 

where 𝑠 is the LAB dislocation spacing (defined based on the angle of misorientation, 𝜃, 

as 𝑏/𝜃), and 𝑠0 is the initial LAB dislocation spacing. The rate of change in misorientation 

between adjacent laths is defined as [4]: 

 �̇� =
2𝑏2

𝜃0
�̇�w −

𝑏3

𝜃0
2(𝑋1 + 𝑋2 + 𝑋3)

[
𝑤�̇�w − 𝜌w�̇�

𝑤2
] (6.28) 

where 𝜃0 is the initial angle of lath misorientation. The volume fraction of LABs is also 

defined based on the idealised bainitic lath geometry shown in Figure 6.3, such that the 

volume fraction of LABs is: 

 𝑓w =
𝑉w

𝑋1𝑋2𝑋3𝑤3
 (6.29) 

where 𝑉w is the bainitic lath volume, which is determined using the following equation: 

 𝑉w = 𝑋1𝑋2𝑋3𝑤3 − (𝑋1𝑤 − 𝑠0)(𝑋2𝑤 − 𝑠0)(𝑋3𝑤 − 𝑠0) (6.30) 

where the values of the lath characteristic length coefficients, 𝑋1, 𝑋2 and 𝑋3 are assumed 

as 5, 2 and 1 respectively based on TEM observations by Wang et al. [16] for X100Q. 
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Figure 6.4 The idealised bainitic block and lath geometries which are assumed for the 

determination of HAB and LAB volume fractions. 

6.2.6 Bainitic block model 

Following the logic applied for the bainitic lath structure and based on the idealised 

bainitic block shown in Figure 6.3, the HAB volume fraction is given by [4]: 

 𝑓g = 1 −
(𝑌1𝑑g − 𝑛g

∗/√𝜌g)(𝑌2𝑑g − 𝑛g
∗/√𝜌g)(𝑌3𝑑g − 𝑛g

∗/√𝜌g)

𝑌1𝑌2𝑌3𝑑g
3  (6.31) 

where the block characteristic length coefficients, 𝑌𝑖, are assumed as 1 and the HAB width 

is assumed as the product of 𝑛g
∗  and the mean spacing of HAB dislocations, which is given 

by 𝑠g = 1/√𝜌g. 

6.2.7 Fatigue damage 

The experimentally observed cyclic softening observed for X100Q PM and simulated 

HAZ, shown in Chapter 4, is a result of both the microstructural degradation mechanisms 

outlined here and fatigue damage, as described in Chapter 5. The focus of this chapter is 

the implementation of the physically-based constitutive model to predict the cyclic 

deformation behaviour of X100Q HAZ, therefore, the influence of early-life (primary) 
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fatigue damage on the constitute response is included for each material through 

degradation of the elastic modulus. Secondary fatigue damage, which relates to life 

prediction, is not included in this work. The early-life fatigue damage parameters 

identified for physically-based constitutive modelling of X100Q PM and simulated HAZ, 

via the identification process described in Chapter 5, are shown in Table 6.2.  

Table 6.2 The identified primary fatigue damage parameters for X100Q PM and simulated HAZ. 

Material 𝑲𝟏 (-)  𝒎𝟏 (-) 

PM 1.3×105 -1 

5°C/s ICHAZ 2×105 -1 

10°C/s FGHAZ 3×105 -1 

 

6.2.8 Physically-based parameter identification 

The X100Q PM and simulated FGHAZ block size are estimated from the microstructural 

analysis presented in Chapter 4, assuming a linear relationship between grain size and 

block size [39], and the ICHAZ block size is estimated from optical microscopy images 

of the X100Q girth weld presented in Chapter 4. The lath width for X100Q PM is 

estimated from the TEM micrograph shown in Figure 6.2(b) [16]. The lath widths for 

simulated FGHAZ and simulated ICHAZ are estimated based on the microstructural 

analysis of Chapter 4 and the assumption that significant growth of the effective lath width 

has occurred during the simulated HAZ thermal cycles. The block sizes and lath widths 

used for modelling are shown in Table 6.3. 

Table 6.3 The microstructural dimensions used for modelling of X100Q PM and simulated HAZ. 

Material Block size (μm) Initial lath width (μm) 

PM 5.1 0.34 

5°C/s ICHAZ 9 5 

10°C/s FGHAZ 3 1 

 

The initial overall dislocation density for X100Q PM is estimated based on measurements 

reported by He et al. [34] for bainitic steels with a similar lath width. The values of mobile, 
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HAB and lath interior immobile dislocation density are fitted using Equation (6.25), by 

maintaining the proportions of dislocation density reported by Barrett and coworkers [4]. 

The initial dislocation densities used in this work are shown in Table 6.4. The initial 

mobile, HAB and lath interior immobile dislocation densities for X100Q PM and 

simulated HAZ are assumed to be equal in this work, as LABs are the predominant source 

of dislocation density for this material.  

Table 6.4 The initial immobile, HAB and lath interior immobile dislocation densities used for 

modelling of X100Q PM and simulated HAZ. 

Parameter Value Source 

�⃗�0 6.31×1013 m-2 Present work 

𝜌g 3.94×1014 m-2 Present work 

𝜌i 3.94×1010 m-2 Present work 

 

The values of physicallybased parameters used in the constitutive modelling framework 

are shown in Table 6.5. The temperatureindependent Helmholtz free energy, ∆𝐹, and pre

exponential viscous constant, 𝐴, paramaters were identified from hightemperature stress 

relaxation test data for P91 steel, as described by Barrett et al. [4]. The constant, 𝑘y, is 

fitted to room temperature lowcycle fatigue (LCF) first and halflife cycle response for 

X100Q PM. The HallPetch parameters, 𝑘HP and 𝑛HP, are is fitted to experimental data 

for pure Fe ([40], [41]). The value of initial lath misorientation angle is presented by 

Barrett et al. [4] is used, which is within the range of 2-7° reported for bainitic laths ([34], 

[42]). 

Table 6.5 The material parameters used in the physically-based modelling framework. 

Parameter Value Source 

𝐴 1×1016 s-1 [4] 

∆𝐹 5.95×10-19 J [4] 

𝑘B 1.38×10-23 m2 kg s-2 K-1 Physical constant 

𝑘y 0.68 Present work 

𝑘HP 4.7 MPa mm-1/2 [40], [41] 

𝑛HP 0.5 [40], [41] 
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𝜃0 2.86° [4]  

6.3 Results 

Comparisons of the predicted and measured stress-strain responses for X100Q PM, 

simulated ICHAZ and simulated FGHAZ at the first and half-life cycles, for 1.2%, 1% 

and 0.8% strain range fatigue tests, are shown in Figure 6.4, Figure 6.5 and Figure 6.6, 

respectively. The model accurately captures the influence of microstructure, via 

differences in bainitic block size and lath width, and the effect of strain range on the initial 

and stabilised stress-strain responses for the three materials. 

The simulated ICHAZ exhibits the softest response due to an increase in bainitic block 

size and a significant reduction in the prevalence of bainitic lath microstructure compared 

to the PM. The predicted response for the simulated ICHAZ is in close agreement with 

the experimental data for the first half-cycle of at each strain range; but the agreement 

diminishes thereafter due to compressive mean stress in the order of 50 MPa, which is 

present in the first cycle experimental data. However, the compressive mean stress is 

essentially absent at the half-life cycles, where close agreement is recovered between the 

predicted and measured responses.  

The hardest initial and stabilised response is exhibited by the simulated FGHAZ, which is 

attributed to a reduction in bainitic block size and the prevalence of bainitic lath 

microstructure compared to the PM. A similar trend to simulated ICHAZ is shown in the 

comparison between the predicted and experimental first cycle response for simulated 

FGHAZ, with good agreement being shown for the first half-cycle. However, the 

predicted response for the first half-cycle of each test is in close agreement with the 

experimental data. The agreement between predicted and measured half-life response is 

very close for the 1.2% and 1% strain range tests, but the quality of the fit is reduced for 

the 0.8% strain range, due compressive mean stress of approximately 60 MPa in the 

experimental data. 
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Figure 6.5 Comparison of the predicted and measured stress-strain response for X100Q PM and 

simulated HAZ at the first and half-life cycles for a 1.2% strain range test. 
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Figure 6.6 Comparison of the predicted and measured stress-strain response for X100Q PM and 

simulated HAZ at the first and half-life cycles for a 1% strain range test. 
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Figure 6.7 Comparison of the predicted and measured stress-strain response for X100Q PM and 

simulated HAZ at the first and half-life cycles for a 0.8% strain range test. 

The capability of the damage-coupled physically-based constitutive model to capture the 

evolution in stress amplitude as a result of microstructural degradation and primary fatigue 
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damage is shown by the comparison between the predicted and measured stress amplitude 

and damage evolutions of X100Q PM, simulated ICHAZ and simulated FGHAZ for 1.2%, 

1% and 0.8% strain range fatigue tests, shown in Figure 6.7, Figure 6.8 and Figure 6.9, 

respectively. The failure behaviour is not captured by the model as secondary fatigue 

damage is not considered in this chapter. 

 

Figure 6.8 Comparison of the predicted and measured (a) stress amplitude evolution and (b) 

damage accumulation for X100Q PM and simulated HAZ for a 1.2% strain range test. 

 

Figure 6.9 Comparison of the predicted and measured (a) stress amplitude evolution and (b) 

damage accumulation for X100Q PM and simulated HAZ for a 1% strain range test. 
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Figure 6.10 Comparison of the predicted and measured (a) stress amplitude evolution and (b) 

damage accumulation for X100Q PM and simulated HAZ for a 0.8% strain range test. 

A comparison of the predicted overall dislocation density evolutions during the first 2,000 

cycles for the 1% strain range fatigue test is shown in Figure 6.10. The predicted 

evolutions are qualitatively in agreement with experimental results presented by Zhou et 

al. [43] for fatigue of a low-carbon bainitic steel. The overall dislocation density is highest 

in X100Q PM, which is primarily due to the fine bainitic lath structure. This high 

dislocation density initially rises but then decreases significantly with cyclic deformation, 

as a result of LAB dislocation annihilation and lath coarsening. The predicted dislocation 

densities of simulated ICHAZ and simulated FGHAZ are lower due to their larger initial 

bainitic lath widths. Their dislocation densities fall sharply during the initial cycles before 

reaching an essentially stable value. The predicted dislocation density for simulated 

FGHAZ is within the range of 4.4 to 4.7 × 1014 m-2 reported by Wang and co-workers 

[16], for X100Q quenched from peak temperatures between 875°C and 975°C.  

The predicted LAB and mobile dislocation density evolutions are shown in Figure 6.11. 

Although the initial LAB dislocation density is similar for the PM and simulated HAZ 

materials, the rate of decrease in LAB dislocation density is greatest in the PM due to its 

fine bainitic lath microstructure. The same initial mobile dislocation density is assumed 

for each material; however, the density in the PM rises rapidly over the first 20 cycles, 

whereas the density in the simulated ICHAZ and simulated FGHAZ falls sharply over the 
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first 10 cycles. This contrast in the evolution of mobile dislocation density is reflected in 

the predicted overall dislocation density evolutions.  

 

Figure 6.11 The predicted evolution of overall dislocation density for X100Q PM and simulated 

HAZ for a 1% strain range test. 

 

Figure 6.12 The predicted evolution of mobile dislocation density for X100Q PM and simulated 

HAZ during for a 1% strain range test. 

The predicted lath width evolutions during the first 2,000 cycles for a 1% strain range 

fatigue test are shown in Figure 6.12. In correlation with the trends predicted for LAB 

dislocation density, X100Q PM lath width is predicted to increase by almost 175%, while 

the simulated ICHAZ and FGHAZ lath widths are predicted to increase by 35% and 60% 

respectively. 
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Figure 6.13 The predicted lath width for X100Q PM and simulated HAZ for a 1% strain range 

test.  

In Figure 6.16, the predicted evolutions of overall dislocation density with lath width for 

X100Q PM, simulated ICHAZ and simulated FGHAZ are compared against experimental 

measurements of dislocation density from bainitic and ferritic steels pre- and post-tensile 

deformation [44]. The predicted correlation between dislocation density and lath width 

for PM follows the trend shown in the experimental data and the predicted correlations 

for simulated ICHAZ and simulated FGHAZ are within the range of the experimentally 

measured values. 

 

Figure 6.14 A comparison between the predicted evolutions of overall dislocation density with 

lath width for X100Q PM and simulated HAZ against experimental measurements from bainitic 

and ferritic steels pre- and post-tensile deformation [44]. 
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The predicted evolutions of cyclic yield strength during the first 2,000 cycles for a 1% 

strain range fatigue test are shown in Figure 6.14. The initial yield strengths follow the 

trends shown in the experimental data presented in Chapter 4, with the predicted yield 

strength for X100Q PM being slightly higher than for simulated FGHAZ, due to the 

influence of bainitic lath microstructure, and the predicted value for simulated ICHAZ 

being significantly lower. However, the yield strength in X100Q PM is predicted to 

cyclically soften rapidly in comparison to the values for simulated HAZ, due to the 

influence of lath coarsening and dislocation annihilation, as shown in Figure 6.11 and 

Figure 6.12.  

 

Figure 6.15 The predicted evolution of cyclic yield strength for X100Q PM and simulated HAZ 

for a 1% strain range test. 

The contributions of dislocations and obstacles to the predicted shear strength at the first 

cycle and the failure cycle for X100Q PM and simulated HAZ for a 1% strain range test 

are shown in Figure 6.15. At the first cycle, dislocations and HABs are predicted to be the 

primary contributors to strength in each material. The contribution of LAB strengthening 

varies significantly with lath width. LABs contribute significantly to strength for X100Q 

PM and simulated FGHAZ but provide a relatively low contribution to strength for 

simulated ICHAZ, where the effective lath width is significantly higher. The predicted 

contributions of precipitates to strength for X100Q PM and simulated HAZ materials are 

all within 30% of the value reported by Niu and co-workers for X100 PM [45]. 
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At the failure cycle, the predicted strengthening contributions of dislocations and LABs 

are significantly reduced, primarily due to LAB dislocation annihilation and lath 

coarsening. The resultant softening is greatest for X100Q PM, whereas simulated ICHAZ 

and FGHAZ soften to a lesser extent due to the lower contributions of dislocation and 

LAB strengthening to their initial strength. 

 

Figure 6.16 The predicted contributions to shear strength at the first cycle and failure cycle for 

X100Q PM and simulated HAZ for a 1% strain range test. 

A comparison of the cyclic softening for X100Q PM and simulated HAZ, with and 

without the effect of early-stage fatigue damage, for a 1% strain range test is shown in 

Figure 6.16. Fatigue damage is the major contributor to the predicted cyclic softening for 

each material, with microstructural degradation, as a result of LAB dislocation 

annihilation and lath coarsening also contributing significantly to the predicted softening 

for PM. 
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Figure 6.17 Comparison between the predicted cyclic softening for X100Q PM and simulated 

HAZ, with and without the effect of early-life fatigue damage, for a 1% strain range test. 

6.4 Discussion 

The damage-coupled physically-based constitutive model implemented here successfully 

predicts the influence of microstructure, via bainitic block size and lath width, on 

constitutive response for three X100Q weld regions: PM, simulated ICHAZ and simulated 

FGHAZ. Modelling is not conducted for X100Q weld metal (WM) in this work due to the 

lack of available microstructural data and the inhomogeneous microstructure of the WM 

specimens extracted from the multipass girth weld and used in the testing programme, as 

shown in Chapter 4. The close agreement shown between the model predicted and 

experimental responses indicates the suitability of the model for implementation with a 

plastic strain or energy-based fatigue life prediction methodology. A key novelty of this 

work is the incorporation of dislocation annihilation, lath coarsening and early-life fatigue 

damage mechanisms to capture the cyclic softening behaviour exhibited by X100Q PM 

and simulated HAZ.  

The fine bainitic lath microstructure and high dislocation density of X100Q PM are 

predicted to contribute significantly to the high initial strength of the material, however, 

significant softening is predicted to occur under cyclic deformation due to LAB 

dislocation annihilation and lath coarsening. The substantial strengthening contribution of 

bainitic block size for simulated FGHAZ, which is refined due to rapid austenisation and 
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recrystallization, is maintained under cyclic deformation; as a result, simulated FGHAZ 

is predicted to have the highest cyclic strength. The bainitic block and lath microstructure 

in simulated ICHAZ are coarsened significantly due to partial transformation during the 

simulated welding process. Although the extent of cyclic softening due to dislocation 

annihilation and lath coarsening is low for this material, both the initial and cyclic strength 

of simulated ICHAZ are predicted to be less than PM or simulated FGHAZ due to the 

coarsened bainitic block microstructure. 

The microstructure evolution model also provides good agreement with experimental 

data, in terms of the predicted dislocation density for X100Q simulated FGHAZ [16] and 

the predicted correlation between dislocation density and bainitic lath width for X100Q 

PM and simulated HAZ [44]. The contribution of dislocations to yield strength is predicted 

to increase with refinement in bainitic lath width, in agreement with the experimental 

observations of He and co-workers [34] for bainitic and ferritic steels.  

The work in this chapter demonstrates a capability to predict the differences in cyclic 

plasticity and fatigue damage response for the PM and sampled weld-affected 

microstructural regions (ICHAZ, FGHAZ). This demonstrates the potential to predict the 

full spatial distribution of inhomogeneous constitutive and fatigue damage responses, 

across an X100Q weld, based on measured or predicted microstructural characteristics, 

such as those shown in Figure 6.1. This could be achieved by coupling the present model 

to a through-process microstructural evolution model, such as that described by Mac 

Ardghail and co-workers [2].  

6.5 Conclusions 

This chapter presents a physically-based constitutive model for the fatigue of X100Q 

welds. The model includes the influence of dislocations, HABs, LABs, precipitates and 

crystal lattice stress on yield strength and nonlinear strain hardening response. The 

constitutive model is coupled with a fatigue damage model, described in Chapter 5. Key 

conclusions from this chapter are: 
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• A damage-coupled physically-based constitutive model has been implemented for 

bainitic steels. The model has successfully been applied to capture the differences 

in bulk cyclic deformation behaviour between X100Q PM, simulated ICHAZ and 

simulated FGHAZ via direct representation of bainitic block and lath dimensions 

for the three weld regions. This represents a key step in predicting the 

inhomogeneous constitutive and fatigue damage performance of X100Q welded 

connections. 

• The predicted dislocation density evolutions follow the trends shown in the 

literature for bainitic steels and the predicted relationship between lath width and 

dislocation density is in general agreement with experimental data from the 

literature for bainitic and ferritic steels. 

• Refinement in block size is predicted to be beneficial for both monotonic and 

cyclic strength, whereas the strengthening effect of a fine bainitic lath 

microstructure reduces with cyclic deformation due to LAB dislocation 

annihilation and lath coarsening; resulting in cyclic softening. 

• The model successfully predicts the experimentally observed bulk cyclic softening 

and early-life fatigue damage accumulation behaviour of X100Q PM, simulated 

ICHAZ and simulated FGHAZ. Fatigue damage is predicted to be the major 

contributor to cyclic softening for each material. 
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7 Conclusions and Recommendations 

 

 

7.1 Conclusions 

The work of this thesis forms part of a Science Foundation Ireland funded project entitled 

MECHANNICS, Multi-scale, through-process characterisation for innovative 

manufacture of next-generation welded connections. A key objective of MECHANNICS 

is to implement multi-scale characterisation on the effects of manufacturing process vis-

à-vis microstructural inhomogeneity across welded joints and hence, associated 

mechanical (plasticity, fatigue) behaviour, to improve welding processes and weld 

performance. This thesis constitutes the main thrust of the MECHANNICS work on 

X100Q welded connections for steel catenary riser (SCR) applications, one of two main 

material-application combinations in MECHANNICS. Hence, this project has developed 

novel experimental and computational characterisation ‘building blocks’ for through-

process, physically-based design and analysis of X100Q welded connections for SCRs. 

Particular attention has been focussed on experimental characterisation of the welding 

process for X100Q, the microstructural characterisation of the resulting material zones, 

and the hardness tensile and cyclic plasticity response of these weld-affected zones. An 

extensive experimental programme is presented including:  

▪ instrumented girth welding of an X100Q pipe section,  

▪ physical-thermal simulation of X100Q heat affected zone (HAZ),  

▪ microstructural analysis of the parent material (PM), simulated HAZ and a 

cross-weld (CW) section extracted from the girth weld,  

▪ nanoindentation characterisation of the PM, simulated HAZ and a CW section,  

▪ tensile testing of the PM and simulated HAZ, and  

▪ fatigue testing of the PM, weld metal (WM), simulated HAZ and CW 

specimens.  
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Based on the observations of the experimental programme, new phenomenological and 

physically-based constitutive and damage models have been developed to predict cyclic 

plasticity behaviour and damage accumulation, using material parameters informed by the 

experimental work, for fatigue of welded SCRs.  

The key achievements of this thesis are as follows: 

• The completion of an instrumented girth welding trial on X100Q, using an 

automated welding process and pipe section representative of SCR fabrication, to 

capture the thermal and strain histories adjacent to the weld during the welding 

process. The axial strain on the internal surface of the pipe is shown to vary 

between tensile and compressive with the change in temperature occurring 

between weld passes. The residual axial strain is compressive, due to the influence 

of repeated uneven shrinkage. 

• Physical-thermal simulation has been implemented to generate test specimens with 

microstructures representative of fine-grained HAZ (FGHAZ) and intercritical 

HAZ (ICHAZ), using thermal cycles informed by the welding procedure 

developed for the girth weld and thermal history measurements from the welding 

process.  

• Microstructure characterisation has been conducted, using electron backscatter 

diffraction, scanning electron microscopy and optical microscopy, of the effects 

of welding and simulated welding vis-à-vis variations in microstructure across the 

weld-affected zone and sub-regions, including FGHAZ, ICHAZ, WM and PM. 

The grain size of simulated FGHAZ is significantly smaller than PM and the 

microstructural morphology is similar to that observed in the FGHAZ of the girth 

weld, i.e. significantly disrupted hierarchical bainitic lath structure.  

• Nanoindentation characterisation of the PM, simulated FGHAZ and a CW section, 

extracted from the girth weld, have been completed. The hardness of simulated 

FGHAZ is significantly higher than PM and the hardness increases with increasing 

cooling rate (10°C/s and 30°C/s simulated FGHAZ 29% and 35%, respectively, 

higher than PM). The indentation hardness of the CW section is lowest in the 

ICHAZ, approximately 21% below that of the PM on average.  
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• Tensile characterisation of the PM, simulated ICHAZ and simulated FGHAZ has 

been conducted. The results are interpreted in terms of associated measured 

variations in microstructure. The yield strength of the PM is slightly higher than 

the simulated FGHAZ due to the strengthening contribution of the fine bainitic 

lath microstructure, whereas the yield strength of the simulated ICHAZ is 

approximately 50% lower than the PM due to disruptive effect of the simulated 

welding thermal cycle on the bainitic lath microstructure. However, the tensile 

strength of simulated FGHAZ is up to 34% greater than the PM and 48% greater 

than the simulated ICHAZ due to refinement in grain and bainitic block size. 

• For the first time, strain-controlled fatigue characterisation of X100Q PM and 

thermally simulated HAZ has been conducted. The PM shows significant cyclic 

softening, attributed to dislocation annihilation and coarsening of bainitic lath 

microstructure. In contrast, the cyclic softening behaviour of simulated FGHAZ 

and ICHAZ decreases with reduction in the prevalence of bainitic lath 

microstructure. Due to refinement in the grain and bainitic block microstructure, 

the cyclic strength of the simulated FGHAZ is significantly higher than the PM, 

WM and simulated ICHAZ. Early-life fatigue damage is exhibited by the PM, WM 

and simulated HAZ materials. The simulated FGHAZ shows a longer fatigue life 

than PM, simulated ICHAZ and WM. Although the fatigue life of simulated 

ICHAZ is greater than PM, the detrimental effect of welding-induced material 

inhomogeneity is highlighted by a significant reduction in fatigue life for 

specimens containing both simulated FGHAZ and interface microstructural 

regions, representative of ICHAZ, in the gauge length. This indicates a 

susceptibility to premature failure in the ICHAZ for matched or over-matched 

X100Q welds.  

• Force-controlled fatigue testing of X100Q PM and CW specimens extracted from 

the girth weld has demonstrated superior (greater than factor of 2) fatigue life than 

X80 for a given stress range. The fatigue life of CW specimens is approximately 

half than of PM.  

• A new two-stage low cycle fatigue (LCF) model has been developed to capture 

the experimentally observed fatigue damage accumulations and predict fatigue 
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life. The damage model was implemented in conjunction with a non-linear 

kinematic-isotropic (NLKIH) hardening constitutive model using an automated 

parameter identification process, which accounts for the effect of the 

experimentally measured early-life damage on constitutive response. Calibration 

and validation of the model are achieved against strain-controlled fatigue test data 

for X100Q. Early-life fatigue damage is shown to contribute significantly to the 

experimentally observed cyclic softening behaviour. The model successfully 

predicts the experimentally observed stress-strain response, damage accumulation 

and fatigue life for X100Q. 

• The new LCF model has been implemented in conjunction with a high cycle 

fatigue model (HCF) in a combined HCF-LCF damage-coupled NLKIH Abaqus 

user material (UM subroutine for three-dimensional applications. The UMAT has 

been applied to a case study on fatigue of an X100Q SCR girth weld using a global-

local modelling methodology. The model successfully predicts the concentration 

of damage as a result of weld geometry and the influence of damage–induced 

plasticity on fatigue life. 

• The development of a novel damage-coupled, dislocation-mechanics constitutive 

model for cyclic plasticity and fatigue of X100Q welds. The model is successfully 

implemented to capture the differences in cyclic deformation behaviour observed 

in the experimental programme between simulated ICHAZ, simulated FGHAZ 

and PM, based on the variation of bainitic block size and lath width. The 

microstructure-sensitive model shows that bainitic block size is the primary 

microstructural parameter for monotonic and cyclic strength, whereas lath width 

is the primary parameter for cyclic softening. 

7.2 Recommendations for future work 

7.2.1 Welding trials 

The indentation hardness of the simulated FGHAZ was significantly higher than that 

measured in the FGHAZ of the CW section extracted from the X100Q girth weld, as 

shown in Chapter 4. This has been attributed to the self-tempering effect of the multipass 
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welding process used during girth welding. The influence of this self-tempering effect on 

microstructure and hardness should be investigated in future work by microstructural 

analysis and hardness testing of HAZ obtained from single-pass and multipass bead on 

plate welds. 

7.2.2 Physical-thermal simulation of HAZ 

Physical-thermal simulation of HAZ was conducted in this work using thermal cycles 

representative of ICHAZ and FGHAZ for a single-pass welding process. Single-pass 

cycles were chosen as they are the fundamental thermal cycles leading to the formation of 

HAZ and provide more valuable experimental data for calibration and validation of 

computational models. However, welding of SCRs is a multipass process and therefore in 

practice regions of the HAZ become reheated above the austenisation temperature by 

subsequent passes, leading to the formation of a complex weld microstructure. This 

reheating may lead to a deterioration of mechanical properties; for example, coarse-

grained HAZ (CGHAZ) which is reheated to temperatures between Ac1 and Ac3 has been 

shown to exhibit a significant reduction in toughness for X100 and X70 ([1], [2]). It is 

suggested that simulation of CGHAZ and an investigation of the influence of reheating 

thermal cycles on the fatigue performance of the HAZ is conducted via physical-thermal 

simulation in future work. 

7.2.3 Microstructural analysis 

Although the cyclic softening mechanisms modelled in Chapter 6 have been shown 

experimentally for bainitic and martensitic steels similar to X100Q, it is suggested that in 

future work microstructural analysis, via scanning electron microscopy and transmission 

electron microscopy, be conducted on specimens from interrupted fatigue tests to obtain 

microstructural evolution and fatigue damage measurements for this material. 

The cyclic softening mechanisms Microstructural characterisation of the simulated 

ICHAZ and post-test CW specimens was not conducted in the presented work. A key step 

in furthering the work of this thesis is the microstructural analysis of simulated ICHAZ 

material to provide measurements for physically-based modelling and for comparison 
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with the microstructural observations taken from the X100Q girth weld. A valuable insight 

into the fatigue failure behaviour of the girth weld may be obtained through sectioning 

and microstructural analysis of post-test CW specimens. 

7.2.4 Nanoindentation testing 

Nanoindentation characterisation of the simulated ICHAZ and post-test CW specimens 

should be conducted following the methodologies presented in Chapter 4. This testing 

would provide simulated ICHAZ hardness data for comparison with the data obtained 

from the girth weld, as well as hardness data for the post-test CW specimens to 

complement the microstructural analyses, and would potentially reveal any localised 

cyclic softening during fatigue testing.  

7.2.5 Fatigue testing 

Only a limited number of force-controlled fatigue tests were conducted on X100 CW and 

PM specimens. It is recommended that additional fatigue testing be conducted in future 

work, including: (i) testing at higher stress ratios, which are more representative of in-

service loading for SCRs, to examine the effect of mean stress, (ii) repeat tests to 

determine the scatter within the experimental results, and (iii) testing of notched PM 

specimens to examine the effect of stress concentrations on fatigue life and provide 

multiaxial test data for validation of models. 

7.2.6 Physically-based modelling of SCR welds 

This thesis presents the implementation of a physically-based constitutive model to 

capture the cyclic deformation behaviour of X100Q PM, simulated ICHAZ and simulated 

FGHAZ based on microstructural characteristics. This represents the structure-property 

part of the process-structure-property concept of the MECHANNICS project. Of course, 

the significant experimental work here on welding process monitoring and simulated 

welding also provide a significant contribution to the process-structure aspect, particularly 

in the context of calibration and validation of welding process models, e.g. thermal-

microstructural models. Within MECHANNICS, implementation of a welding process 



Chapter 7: Conclusions and Recommendations 

234 

 

model for prediction of distributions of microstructural parameters has been achieved by 

Mac Ardghail et al. [3]. Based on this, an initial welding process simulation, for the 

X100Q girth weld presented in Chapter 4, has been conducted. The implementation of the 

physically-based constitutive model within an Abaqus UMAT coupled with a welding 

process model to predict microstructural evolution and residual stress would represent the 

next step forward from the work conducted in this thesis. 

7.2.7 Strain energy density based life prediction 

Fatigue performance is intrinsically linked to cyclic plasticity response for a given 

material. This relationship may be described using the total strain energy density model 

developed by Golos [4], as described in Chapter 2. A preliminary analysis of the 

relationship between stabilised strain energy density and fatigue life for X100Q PM, WM 

and simulated HAZ, shown in Chapter 4, has demonstrated the correlation between 

stabilised strain energy density and fatigue life. It is suggested that in future work strain 

energy density may provide an efficient methodology, in terms of computational expense 

and the requirement for parameter identification, for estimation of fatigue life when used 

in conjunction with the physically-based constitutive model. 
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Appendix B:  

Welding procedure specification 

Client

Project

Job No.

Remarks

Pass Unit

Welding process AWS/ISO 4063

Welding Position AWS/ISO 6947

Welding Direction N/A

Mode of metal transfer N/A

Process Application N/A

Welding System N/A

Filler Metal Manufacturer N/A

Filler Metal Trade Name N/A

AWS Classification AWS A5.28

Wire diameter (mm)

Current and polarity =+

Gas Mixture Composition (%)

Gas Flow Rate - Range (l/min) N/A N/A N/A N/A N/A N/A N/A N/A

Osc. Technique N/A

Oscillation Speed - Range (BPM) N/A N/A N/A N/A N/A N/A N/A N/A

Oscillation Width - Range (mm) N/A N/A -5 5 -7 7 -9 9

Dwell time - Range (s) N/A N/A N/A N/A N/A N/A N/A N/A

Stick Out - Range (mm) N/A N/A N/A N/A N/A N/A N/A N/A

Head Angle - Range (Degree)

Current - Average (A)

Voltage - Average (V)

Wire Speed - Average (m/min)

Travel Speed - Average (mm/min)

Heat input (kJ/mm) +25% (EN15614-1)

Automated

Spray

Uphill

1G

GMAW

Joint / Bevel Information

CEV

Pcm

Water hose -water cooling may be applied below the maximum interpass temperature

Preheat/Interpass/Post 

Weld Treatment 

Information

NUI Galway

MECHANNICS girth weld

Operator / Welder 

Information

Clamp Information

Time between passes

1

As for root pass

20 minutes

20 minutes

Line-up Clamp (LUC) method

Backing Method

Removal of LUC stage

Barge move up stage

Bullet tacks

none

N/A

N/A

Root Hot Pass

Cleaning Information

Base Material 

Information

c. Maximum misalignment - external = 3 mm - internal = 2 mm

   

a. Dimensional Tolerances ± 0.25 mm ± 1.5° d. Pass sequence subject to change for different wall thicknesses

Notes:

Compound bevel

Lathe

N/A

N/A

Grinding tools and/or powered steel wire brushing and/or hand steel wire brushing

Shall be smooth, uniform, free from lamination, scales, slag, grease and paint

Joint Design / Type

Bevel Preparation

Removal of defect Method

Inspection of Weld Excavation Method

Cleaning Method

Welding Surface preparation

Cooling method

Fill Cap 

NiCrMo 2.5-IG

ER110S-G ER110S-G

1.2

DC/EP

NiCrMo 2.5-IG

ER110S-G

1.2

DC/EP

GMAW

1G

Uphill

Spray

Automated

1.2

DC/EP

GMAW

1G

Uphill

Spray

Automated

Rotoweld 3.0

BOEHLER

NiCrMo 2.5-IG

STT

1G

Uphill

Surface tension

Automated

Rotoweld 3.0

BOEHLER

Rotoweld 3.0

BOEHLER BOEHLER

NiCrMo 2.5-IG

ER110S-G

1.2

DC/EP

Rotoweld 3.0

N/A Weave Weave Weave

100% CO2 100% CO2 100% CO2 100% CO2

150 298 363 363

N/A N/A N/A N/A

1.34 1.42 2.15 2.15

165 300 250 250

2 7.6 9.2 9.2

29 28 29 29

Max time between end of root pass and start of hot pass

Max time lapse between completion of run 1 and start of run 2

Min # of welders for root pass

Min # of welders on remaining

0.461

Max: 240°C

Min: N/A

Min: N/A

Max: N/A

Max: N/A

Max: N/A

Preheat Temperature

Interpass Temperature

Min: 100°C

Min: 100°C

Max: 240°C

Heating Method

Control Method

Distance to be Recorded

Manual Propane torch

Embedded thermocouples

Preheat measured from thermocouples drilled adjacent to bevel

Post Weld Heat Treatment

Post Heating

Post Cooling

Min: N/A

BASE MATERIAL 1st 

API 5L, 45th Edition / ISO 3183 

Grade X100Q / L690Q PSL2

25 mm

406.4 mm

Eisenbau Kraemer

Material Specification

Type or Grade

Thickness

Diameter

Manufacturer(s)

Notes: Heat input calculation includes k factor of 0.85

1. If weld cools below preheat temperature, the weld shall be reheated to the specified preheat temperature

2. Parameters shown are a guideline only and may change

3. As recorded Parameters may change outside the stated range provided the heat input stays within its range

Supporting WPQR(s):

p001/1

Sheet 1 of 1 Rev. 1.3

Welding Procedure Specification

NUI GALWAY MECHANNICS X100 PIPE TO PIPE GIRTH WELD 

PROCEDURE

WPS No.

Welding Code : API 1104

Client Spec: N/A

N/A

BASE MATERIAL 2nd 

API 5L, 45th Edition / ISO 3183 

Grade X100Q / L690Q PSL2

25 mm

406.4 mm

Eisenbau Kraemer

0.461

N/A

Signature: Signature: Signature:

Date: 10/09/18 Date: Date:

4. Welding consumables should be dry stored and re-dried prior to welding if necessary in accordance with the manufacturers recommendations

NUI GALWAY ORIGINATOR THIRD PARTY APPROVAL CONTRACTOR APPROVAL

Schematic of Joint Design Suggested Weld Pass Sequence



 

 

 


