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Abstract
Chromium-molybdenum steel pipe (9Cr-1Mo steel) is an important high temperature
construction material for welded steam piping networks in gas-fired power plants. A major
global problem of such materials is the premature failure which commonly occurs in the weld
regions at elevated temperature. The primary objective of this thesis is the development of a
macro- and micro-mechanical framework to predict this premature failure in the 9Cr-1Mo
weldments. At the macro-scale level, a computational methodology for cyclic plasticity in
multi-material welded components including laboratory scale test specimens and real plant is
developed. At the micro-scale level, mixed-phase crystal plasticity models are developed to
evaluate the mechanical performance of welding-induced micro-structure textures providing
guidance into optimised heat treatments for welded components and material design for
welded 9Cr-1Mo steel.
For the work at the macro-scale level, a cyclic plasticity model including non-linear
kinematic and isotropic hardening was adopted for the finite element analysis of welded 9Cr1Mo steel in both cross-weld uniaxial test specimens and a welded T-piece power plant
connection. The identified parameters are successfully calibrated and validated against
uniaxial high temperature low cycle fatigue data from test data and the finite-element
modelling of the cross-weld configuration, including three different material zones: parent
metal, weld metal and heat-affected zone (HAZ). The predicted plastic strain in the crossweld test is shown to concentrate in the HAZ at the interface region with parent metal, where
the premature failure location is observed. The predicted critical location of the 9Cr-1Mo
welded T-piece header-branch connection, as predicted by a three-dimensional finite element
model under combined thermo-mechanical fatigue loading histories from Aghada power
plant, is consistent with the location of observed premature cracking for in-service conditions.
I

The results highlight the significant importance of incorporating multi-material cyclic
plasticity parameters for prediction of plasticity and stress evolution in such welded
connections.
A key contribution of the present thesis is the development of a physically-based micromechanical framework for the modelling the ferrite-martensite inhomogeneity in the
premature failure region of 9Cr-1Mo weldments. Previously-published monotonic tensile test
data of IC-HAZ at 20 °C and 625 °C are adopted to calibrate the crystal plasticity finite
element model of IC-HAZ. This demonstrated the importance of crystallographic orientation
for localized stress and strain distributions, micro-crack initiation and subsequent damage
evolution. Small volume fractions of ferrite are shown to have a clear detrimental effect on
the mechanical behaviour of strength and ductility. The effect is significantly larger on both
ductility and strength at 625 °C than at 20 °C. The micro-mechanical methodology
demonstrates the key role of a small amount of ferrite on micro-crack nucleation and
accelerated material degradation in IC-HAZ at 625 °C, leading to reduced life of 9Cr-1Mo
welded joints at high temperature.
The methodology for the macro-scale will specifically allow assessment of the impact of
more flexible plant operation to allow for renewable energy uptake and energy cost
fluctuations and provides a framework for extension to future ultra-supercritical operation
scenarios. The micro-structure sensitive material model developed in this thesis will allow for
more detailed consideration of the constitutive behaviour of welded 9Cr-1Mo material in
power plant components. This will, in turn, enable power plant designers to carry out more
reliable material design from a micro-structural perspective. The macro and micro
computational methodologies, in direct collaboration with a power plant operator,
provideguidance for life assessment and material optimization of existing, retrofitted and
proposed new plant.
II
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1. Introduction
1.1 General
In order to improve the efficiency of power generation, Ultra super critical (USC) coal fired
power plants are being developed and increasingly adopted to increase efficiency and to
confront the environment issues [1]. The evolution of steam conditions and the corresponding
increases in efficiency are illustrated in Figure 1.1. The efficiency of conventional fossil
power plants is a strong function of the steam temperature and pressure. The plants built in
the 1950s, and earlier, were subcritical (i.e. less than 22 MPa pressure) and had efficiencies in
the range of a 35% to 37% high heating value. Plant operating above 22 MPa at 538 to
565 °C is generally termed supercritical, and those operating above 565 °C are termed ultrasupercritical [2].

Figure 1.1: Historical evolutions of steam conditions for coal power plants [2].

The need to reduce CO2 emissions has recently provided an additional incentive to increase
efficiency for USC power plant units. The new techniques for the low-emission and high
efficiency power plants are primarily based on the noticeable rise of the steam parameters
such as steam temperature and pressure entering into the turbines. Table 1.1 gives the

relationship between the operation parameters, coal consumption and the thermal power
efficiency of the power plant.

Table 1.1: Relationships between the thermal power efficiency and operation parameters [3]
Type of the unit
Medium
pressure unit
Sub high
pressure unit
High pressure
unit
Super high
pressure unit
Subcritical unit
Supercritical
unit
USC unit
High
temperature
USC
˃ 700 ̊C

Capacity
(MW)

Efficiency
(%)

Steam
pressure
(MPa)

Steam
temperature
( ̊C )

Coal
consumption
(g/kw.h)

50

27

3.8~5.3

435

460

5.3~9.8

450~485

430

50~100
100~200

33

9.8~13.7

510

390

200

35

13.7~16.7

535

360

300

38

16.7~22.1

540

324

600

41

˃22.1

657

300

600~1000

48

22.1

600

256

1000

57

35.3~40

700

215

1000

60

37.5

˃ 700

205

The key components for which performance is critical for USC plants are high-pressure
steam piping and headers, super-heater tubing and water-wall tubing. Steam pipes carry high
pressure, high-temperature steam from the boiler to the turbine. Main steam pipes may be
about 50 cm in outer diameter and 10 cm in wall thickness. An illustration of a header is
provided in Figure 1.2 [4]. Headers are also pipes, but they contain numerous tube
penetrations that either bring in or take out steam to/or away from the header. Super heater
tubes are similar in size to those shown in Figure 1.2 and carry superheated steam to the
headers. The water-walls constitute the furnace walls where water is first converted to steam.

1

Figure 1.2: Illustration of a multi-stub header in ESB power plant [4].

Welding is a critical and complex fabrication technology used in the construction of the
piping systems in the power plant. As a result of the severe thermal cycle caused by the
welding process, the original micro-structure is altered by melting, which creates a liquid
pool. This region is called the weld material (WM) after solidifying. Beside the WM is the
heat affected zone (HAZ). The HAZ can be divided into a number of sub-regions. The rest of
the material, which is not affected by the welding heat, is the parent material (PM) [5, 6], as
shown in Figure 1.3(a). No distinct borderline between the different regions is recognisable;
it is more a continuous gradient between the deposited WM and the unaffected PM. This
operation leads to several changes in the mechanical properties of the resulting structure that
have dramatic influences on the material strength, as shown in Figure 1.3(b), which illustrates
that the rupture times for 9Cr welded joints (P92) are lower than its PM with significant
decreasing stress [7].

2

(a)

(b)
Figure 1.3: (a) A schematic diagram to show P92 welded joints in power plant. (The right
side detailed image is adapted from [6]); (b) creep rupture data for welded joints of P92 at
650 °C, comparing with their PM [7].

The sub-zones can be further classified, according to their characteristic micro-structures,
into coarse-grained (CG-HAZ), fine-grained (FG-HAZ) and inter-critical (IC-HAZ) [8].
Softening zones and fine-grained zones are produced in the heat-affected zone (HAZ) of
welded joints during the heat cycle of welding, which accelerates micro-structure evolution
and damage development at elevated temperature [7]. Under complex operational loading
conditions, failures commonly initiate within the IC-HAZ, a phenomenon known as Type-IV
3

cracking [9-11], which is shown in Figure 1.4. Most failures are early-life failure and
frequently occur at operating temperature that can initiate and grow below the surface before
emerging [12].

Figure 1.4: Detailed image of Type-IV cracking in the HAZ of 9Cr-1Mo welded connection
(ESB correspondence, 2013).

All of the components have to meet creep-strength requirements for design of USC power
plant. In addition, the header units, which are safety-critical components, are subject to more
severe thermo-mechanical fatigue (TMF) because of increased thermal gradients impacting
on heavy wall components during start-up cycles [13]. The increased steam temperatures and
pressures can also result in more severe fatigue-creep (FC) loading [14, 15]. The power plant
components call for high creep strength, thermal fatigue strength, good weldability, resistance
4

to fireside corrosion, and resistance to steam side oxidation and spallation. Poor resistance to
stream side oxidation and exfoliation of the oxide scales causes multiple problems. Exfoliated
oxides can cause tube blockages that lead to associated creep failures and erosion damage in
the turbine [16]. Failures like this are costly in terms of plant replacement or repair, but also
in terms of plant down-time. Furthermore, danger to human life is a key factor in ensuring the
safe and reliable operation of these components.
Although, research into materials for USC application has made remarkable achievements,
there are still many issues to be solved for the development of the next generation power
plant technology. The design and preparation of heat-resistant welded steel is one of the key
challenges restricting the development and application of USC power plants. Within the last
few decades, chromium steel grades have gathered worldwide research interest as
construction materials for high temperature components in thermal power generation owing
to their excellent mechanical properties. An understanding of the performance of candidate
power plant materials and premature failure within the welded joints for plant operation at
higher temperatures and pressures is of the upmost importance.

1.2 Heat Resistant Steel for USC
Heat-resistant steel is mainly used for the boiler and pipe in USC power plant. It can be
divided into two major categories, ferritic heat-resistant steel and austenitic heat-resistant
steel. Ferritic heat-resistant steel has two advantages, e.g. low cost and a low expansion
coefficient. The first generation of chromium martensite steel was 2.25Cr-1Mo, which had
been integrated in power plant. Researchers made a large effort in the last 20 years to
develop new stainless steels which possess better performance on weldability, forgeability
and fracture toughness. The initial design was made in the USA with the addition of niobium
and vanadium (9Cr-1Mo) whereas it was chosen to increase the chromium content and to add
5

tungsten in Japan leading to the P92/P122/E911 series. The evolution of the composition of
this kind of martensite steel is shown in Figure 1.5 [17].

Figure 1.5: Development of the design of chromium stainless steel designs [17].

The 9Cr-1Mo ferritic-martensitic steel is adopted in USC units worldwide, such as 9Cr-1Mo
(SA335, P91), NF616, HCM12A, TB9 etc., due to its good rupture strength, creep strength
and anti-fatigue-oxidation. These steels are generally used for the 566 to 593 °C steam
temperature range, allowing the main steam temperature up to 650 °C. Austenitic steel has
greater strength at higher temperature; however, the obvious disadvantages, such as high
thermal expansion coefficient, low thermal conductivity, low resistance to corrosion, will
result in poorer performance on thermal fatigue and low cycle fatigue (LCF). Comparing with
the expansion coefficient of 304 austenitic steel, P92 ferrite-martensitic steel has lower
expansion coefficient and better fatigue resistance, as shown in Figure 1.6 [18].
6

Figure 1.6: Expansion coefficients of P92, P22 and TP304H steels [18].

The standard heat treatment process for martensitic steel is normalizing and tempering.
Generally, the temperature for normalizing is 1040 to 1080 °C and tempering temperature is
around 750 to 780 °C. Lath martensite with high strength can be obtained under this
condition, which is provided with high dislocation density and dispersed carbides. Under
long-term creep conditions, the micro-structural evolutions are accelerated for 9Cr steels. In
addition to the evolution of the precipitates, coarsening of the laths and sub-grains and a
decrease of dislocation density are also observed, leading to loss of material strength at high
temperature. This micro-structural coarsening has often been reported and quantified after
creep [19, 20].
As welded connections are well known to be ‘hot-spots’ for premature failure, the key to
successful flexible plant operation at higher temperatures and pressures is primarily related to
suppression of micro-structural degradation and deformation in welded connections. Figure
1.7 gives the micro-structure evolution of the modified 9Cr steel (P911) [21]. The decrease of
dislocation density, lath recovery and precipitate coarsening can be clearly seen in Figure 1.7.
7

The strengthening mechanisms of 9Cr steel are shown in Table 1.2. To ensure long-term and
safe operation under higher temperature conditions, it is necessary to further explore and
quantify the influence of micro-structural features on the constitutive response of tempered
martensitic steels, in order to optimize the design of such materials and structures, and to
achieve accurate structural integrity assessment.

(a)

(b)

(c)

(d)

Figure 1.7: Micro-structure of the 3%Co modified P911 steel at 625 °C; (a-b) TEM image of
lath substructure before and after creep; (c-d) second phase particles before and after creep
[21].
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Table 1.2: Strengthening mechanisms of 9Cr ferritic steels.
Element and precipitated
phases
Mo, W

Strengthening mechanism
Solution strengthening
Intra-granular precipitation
strengthening
Grain boundary (GB)
strengthening

V(C,N), Laves, Cr2N
Laves phase, M23C6
(M = Fe, Cr), B
High density of GB and
dislocation

Tempered martensite
Suppression of lath martensite
recovery;
Preservation of high density
dislocation

M23C6, Nb(C,N)

The present study is concerned with 9Cr-1Mo (P91) steels which are already used in a fossil
fuel power plant for boiler and steam line in Ireland. Therefore, there is a strong need to
predict the evolution of mechanical properties and supress the premature failure within the
welded connections for long term service exposures.

1.3 Aims and Objectives
The overall aim of this thesis is the development of finite element-based models for
assessment of the effects of macro-scale and micro-scale inhomogeneities, due to welding of
9Cr-1Mo steel, on the high temperature thermo-mechanical response, with particular
application to highly flexible and ultra-supercritical operation of power plant components. As
a result of the complexity of the premature failure in the 9Cr welded joints, any attempt to
characterize the early crack growth needs to be supported by an understanding of the
fundamental physics involved. One of the aims of this work is to develop a micro-mechanical
computational methodology for investigation of effects of welding induced micro-structural
9

textures on plasticity micro-crack initiation and damage for 9Cr-1Mo ferritic-martensitic steel.
This thesis also aims to develop computational tools that will provide a comprehensive
framework for life for welded components such as branch header T-joints in power plant. The
models will be based on the commercial finite element (FE) software ABAQUSTM, which is a
common code for transferring computer-based design to industry.
The key objectives at the macro-scale are as follows:
 Multi-material, cyclic plasticity analysis of uniaxial cross-weld (CW) 9Cr-1Mo
tests under high temperature, low cycle fatigue (HTLCF).
 Multi-material, cyclic plasticity analysis case study of welded 9Cr-1Mo branch
header connections from real power plant to investigate causes of failure and
estimate the service time under high temperature and pressure.
According to the premature failure location of CW and branch header connections of welded
9Cr-1Mo steel, the key objectives at the micro-scale, to investigate the premature failure, are
as follows:
 Crystal plasticity micro-mechanical modelling of the mixed-phase ferriticmartensitic 9Cr steel at room temperature, to assess the effect of inhomogeneity on
stress-strain localization response for the welding induced micro-structures.
 Crystal plasticity modelling of hierarchical mixed-phase ferritic-martensitic 9Cr
steel for IC-HAZ under high temperature to assess effect of inhomogeneity on
micro-crack mechanism, as well as global mechanical response of 9Cr-1Mo welded
material at room and high temperature, in order to explain the premature failure in
the 9Cr welded connections.
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1.4 Thesis Organization
The thesis starts with a review of the relevant literature in Chapter 2, including experimental
observations of micro-structural evolution focusing on 9Cr-1Mo welded joints. A review of
welding process, creep, strain-controlled low cycle fatigue (LCF), thermal-mechanical fatigue
(TMF) and fatigue-creep (FC) interaction has been carried out to provide a background for
the research being presented. A brief background to continuum mechanics is provided
Chapter 2, followed by a description of the constitutive formulations used, including a J2
flow model for macroscopic behaviour and physically-based crystal plasticity models.
Chapter 3 presents the cyclic plasticity modelling of realistic simple and complex welded
9Cr-1Mo power plant connections. A multi-material model is developed for high temperature
cyclic plasticity, including the effects of the three different material zones in the vicinity of
the weld: PM, WM and HAZ. The cyclic plasticity behaviour of the three zones is identified
from previously-published HTLCF tests on uniaxial PM, WM and CW on welded 9Cr-1Mo
materials at high temperature. The multi-material cyclic plasticity model is applied, via a
three-dimensional FE analysis, to a welded T-piece header-branch connection, to predict the
effects of cyclic internal pressure and small amplitude thermal fluctuations.
Chapter 4 describes the development and application of a micromechanical model for
mixed-phase ferritic-martensitic representative of welded HAZ in 9Cr-1Mo steel. In order to
predict the localised inelastic response of the material, three RVEs with different ferritic
grains included are compared in order to obtain reasonable statistical numbers of grains for
the micro-scale model. Periodic boundary conditions are described and then applied to the
model to represent an infinite collection of grains. The work in this chapter gives the
motivation for the further localized deformation study at the premature failure region of
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welded joints. The micromechanical approach also will provide insights into optimised heat
treatments for 9Cr-1Mo welded components and material design.
Chapter 5 utilises existing 9Cr-1Mo welded material data at room temperature from the
literature to calibrate micro-mechanical constitutive material model, representative of a
welding-induced IC-HAZ. The crystallographic orientation relationship for low carbon
martensite grain is described by its inherent relation. A low volume fraction of pro-eutectoid
ferrite applied with three typical crystal orientations is then inserted into the calibrated microstructure model, to examine the tensile response and micro-crack initiation influenced by
varied ferrite orientation.
Chapter 6 presents the crystal plasticity modelling of 9Cr-1Mo IC-HAZ at high temperature
(625 °C) including damage and strain-rate effect validation against measured IC-HAZ tensile
data from the literature. Different mesh strategies were created to study the micro-crack
mechanism of welded 9Cr steel at high temperature. The result indicates that high angle grain
boundaries are mostly clustered in the prior-cracks vicinity, which is also dependent with the
mesh. Extensive ‘secondary cracks’ can be seen in the grain boundaries and block boundary.
A small amount of ferrite can promote the micro-crack nucleation and accelerate the material
degradation in IC-HAZ at 625 °C, leading to reduced life of welded joints at high
temperature.
Chapter 7 presents the main conclusions, outlines the limitations of the work presented and
includes a set of recommendations for future work. A flow chart about this thesis has been
shown in Figure 1.8.
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Figure 1.8: Flow chart for this thesis.
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2. Literature Review
2.1 General
The efficiency of the next generation power plant has been significantly increased with the
development of new structural steels with better properties in the power generating industry.
Failure of power plant components is generally observed at welded connection region under
high temperature loading for long periods. Modern advanced techniques, such as
experimental characterizations and computational constitutive material modelling approachs
can facilitate understanding of candidate material behaviour and premature failure in the
welded connection under high temperature in order to improve the efficiency and reliability
of power plant.
A detailed understanding of the welding process for 9Cr-1Mo steel is required to obtain the
information of non-equilibrium structure formed within the weldments because of the high
heating and cooling rate in the weld thermal cycle. Due to the premature failure generally
observed in the sub-zones of welds, comprehensive investigations of complex hierarchical
micro-structure of the candidate material is also necessary, as well as knowledge of the
associated micro-structural evolution and degradation under typical loading conditions
(fatigue, creep, and FC), to better understand deformation mechanisms of the welded
materials. The information mentioned above is essential to improve upon the current state-ofthe-art materials and hence to provide engineers with adequate knowledge for material design,
welding and heat treatment of welded components for the future power plant. In addition, to
further characterise the deformation of welded 9Cr-1Mo materials, there is a requirement to
be able to simulate (i) the constitutive behaviour of realistic components, (ii) the microstructural analysis at the premature failure region of welded joints. The developments of
material models from mechanistic and physical perspectives are critical to generating more
14

accurate simulations of realistic loading conditions for the welded connection and associated
welding induced microstructural changes.
The following review and discussion of the literature is mainly associated with welding
process and micro-structure variations affecting the mechanical performance of the
investigated welded 9Cr-1Mo materials. In particular, this chapter also provides a review of
the literature relevant to material degradation of 9Cr-1Mo steel at high temperature and
associated mechanisms of deformation in such materials under different loading conditions.
The theoretical background for the material models adopted in this thesis about macro and
micro computational framework is also presented.

2.2 The Role and Composition of 9Cr-1Mo Steel
The micro-structure of the 9Cr-1Mo steel is characterised by the precipitation of mainly
M23C6 type carbides at boundaries and MX carbides which are dispersed in the matrix (M
represents a metal and X for carbon or nitrogen) [22]. The creep property of 9Cr-1Mo steel is
influenced by the dispersion of the carbide and carbo-nitride, consisting mainly of M23C6,
niobium (carbon, nitrogen) precipitates [23]. These precipitates cause hardening by
preventing the movement of sub-grain boundaries between free dislocations, sub-grain
boundaries and pinning sub-boundary dislocations [24, 25]. In order to clarify the effect of
sub-structure evolution of 9Cr-1Mo steel under long periods of service, it is necessary to
summarize the role of the composition in 9Cr-1Mo steel.
The ferritic-martensitic type 9Cr-1Mo material was originally developed in the early 1980s
and later modified with the addition of vanadium (V), niobium (Nb) and nitrogen (N), and
decrease of carbon (C), chromium (Cr), silicon (Si), molybdenum (Mo), phosphorus (P) and
sulphur (S) content. The higher creep-rupture strength of 9Cr-1Mo allows piping made of it

15

to survive at higher temperature and pressure. The chemical composition of typical 9Cr-1Mo
steel in this study is shown in Table 2.1, as reported by Orlova [26].

Table 2.1: Composition of 9Cr-1Mo steel (in mass %) [26].
C
Si
0.09 0.2

Mn
P
S
Cr
Mo V
0.56 0.021 0.009 8.36 0.86 0.2

Nb
N
Ni
Al
Cu
0.06 0.065 0.47 0.007 0.05

The roles of different element compositions in 9Cr-1Mo steel can be summarized as follows:
[27, 28]:
 Chromium (Cr) is the basic carbide former which is helpful to decrease Ms
(martensite start temperature) and increase AC1 temperature (the temperature at which
austenite transformation begins), providing oxidation resistance, creep strength,
promoting M23C6 precipitation and improving hardenability.
 Niobium (Nb) and Vanadium (V) can impede austenite grain growth during
austenitization and the material can be strengthened by the precipitates of MX during
tempering.
 Molybdenum (Mo) is beneficial for solid solution strengthening. It also improves
toughness, enhances creep rupture strength, promotes Laves phase precipitation,
provides resistance to pitting corrosion, and improves hardenability and secondary
hardening due to carbide precipitation during tempering.
 Phosphorus (P) and sulphur (S) contents are strictly controlled as they can potentially
act as segregating elements at grain boundaries.
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Table 2.2 gives the merits and demerits for the major alloying elements in the 9Cr-1Mo steel
[27]. In this table, “D” designates the prior austenite grain (PAG) size.

Table 2.2: Roles of different elements in 9Cr-1Mo ferritic steel [27].
Element
B
C
Co
Cr

Merit
Improve strength and hardenability;
Stabilize M23C6 precipitates and
restrains their coarsening.
Prerequisite to form M23C6 and NbC.
Supress δ-ferrite. Decrease D.
Improve oxidation resistance; Lower
Ms; Raise AC1. Main element of
M23C6.

Cu

Supress δ-ferrite.

Mn

-

Mo
N
Nb

Lower Ms and raise AC1; Solid
solution strengthening.
Necessary to make VN
From MX and contribute to
strengthening.

Demerit
Reduce impact toughness.
Increase D.
Promote precipitation of
Fe2M.
Increase D and reduce
creep strength; Lower AC1.
Promote M6C precipitation.
Accelerate growth of
M23C6.
Promote precipitation of Z
phase.
Increase D and reduce
creep strength; Lower AC1

Ni

-

Re

Prevent the loss of creep rupture
strength; Lower Ms.

Lower AC1

Si

Improve oxidation resistance.

Increase D and reduce
creep strength.

V
W

From MX and contribute to
strengthening.
Lower Ms. Raise AC1; Delay
coarsening of M23C6 particles; Solid
solution hardening.
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2.3 Welding of 9Cr-1Mo Steel
2.3.1 Formation of Weldments
It is well accepted that gas tungsten arc welding (GTAW), submerged arc welding (SAW)
and flux-cored arc welding (FCAW) are the frequent approaches for welding of 9Cr-1Mo
steel [29-31]. These welding processes primarily give rise to a narrow HAZ region as
illustrated in Figure 2.1 between the red dash lines. Due to the thermal gradient, the
temperature at the HAZ is in the range of AC1 temperature to melting temperature (Tm) [32].

Micro-structural heterogeneity in the HAZ can be related to phase transformations. Due to
the thermal gradient experienced in different regions during the welding thermal cycles,
non-equilibrium micro-structures are generated in the 9Cr-1Mo weldments. The carbide
in the 9Cr-1Mo steel along with the PAG undergoes a dramatic change during the welding
process because the thermal gradient leading to different micro-structures in the welding subzones [33]. The welding sub-zones can be classified into CG-HAZ, FG-HAZ and IC-HAZ
regions according to decreasing PAG size.

Figure 2.1: Photograph of 9Cr-1Mo welds from Aghada power station, the HAZ was
highlighted between the red dash lines region.
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2.3.2 Phase Diagrams during Welding
Figure 2.2(a) shows a schematic of the weldment regions corresponding to the
equilibrium Fe-C binary phase diagram [32]. The dash red line shows the carbon content
of 9Cr-1Mo steel, which indicates the small mixed-phase region of IC-HAZ. Figure 2.2(b)
gives the Fe–Cr constitutional diagram [34]. At compositions near 9% Cr, there is a very
narrow temperature range for mixed-phase region between austenite and ferrite. The Fe-C
and Fe-Cr diagrams mean that it is possible to generate minimal amounts of ferrite during
welding for 9Cr-1Mo steel. The small amount of ferrite is generally regarded as detrimental
for high temperature strength properties for weldments [35].

(a)
Figure 2.2: A schematic of the weldment regions as corresponding to the equilibrium (a)
Fe-C and (b) Fe–Cr binary phase diagram adapted from [32, 34].
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(b)
Figure 2.2 (cont’d): A schematic of the weldment regions as corresponding to the
equilibrium (a) Fe-C and (b) Fe–Cr binary phase diagram adapted from [32, 34].

The thermal history of the three main sub-zones of HAZ in the 9Cr-1Mo welds can be
summarized as follows according to Figure 2.2 (a):
 The CG-HAZ: Tm >> Ac3, the austenite transformation is complete and austenite
grain growth is promoted by elevated temperature. (Nearest zone from the fusion line).
 The FG-HAZ: Tm is just above Ac3, the austenite transformation is nearly complete
but austenite grain growth is limited.
 The IC-HAZ: Ac1 < Tm < Ac3, the martensite is partially transformed into austenite
during the welding thermal cycle.
 Near the HAZ for Tm just under Ac1, the martensite is over-tempered region.
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2.3.3 Heat Treatment after Welding
Post weld heat treatment (PWHT) is a prerequisite procedure before installation in the USC
working conditions, which is performed for a certain period of time to optimize the microstructure stability and mechanical properties and also to reduce the residual stress [36]. The
standard heat treatment of 9Cr-1Mo steel considered in this work is obtained after
normalising tempering (NT) and rapid quenching at high temperature followed by a
tempering treatment (TT), as shown in Figure 2.3. Ferrite starts to transform to austenite
when the temperature is above AC1. A cooling rate of 35 °C/s results in the formation of the
lath martensitic structure. Martensite begins to form at Ms, and the austenite continues to
transform to martensite until Mf is reached [37]. It had been reported that the optimum
mechanical properties and micro-structure can be obtained when the temperature for TT is
around at 760°C and the control time is about 2 h [38, 39].

Figure 2.3: Typical heat treatment for 9Cr-1Mo [37].

21

2.4 Micro-structure of Welded 9Cr-1Mo Steel
2.4.1 Hierarchical Micro-structure
Figure 2.4 shows a schematic diagram of a martensite micro-structure arranged in packets in
prior austenite grain boundaries (PAGB). The micro-structure of 9Cr-1Mo steel exhibits a
hierarchical arrangement. It can be divided into PAGs with grain size about ~ 40 µm [40],
consisting of packets, blocks, laths. For normalized and tempered 9Cr-1Mo steel, small
variations have been observed in grain size up to the normalizing temperature of 1150 °C and
after that a significant increase is observed, as shown in Figure 2.5 [41]. A PAG is comprised
of a collection of packets which contains blocks with around 5 µm widths [42]. The laths
(lath width is ~ 100 nm) form within the blocks [43]. The carbides, such as M23C6 (~ 100 nm),
disperse mainly at PAG boundaries, packet boundaries and block boundaries, whereas MX (~
40 nm) can be found within the matrix [44]. The steel is also characterised by a high
dislocation density of around 4.2×1014 mm-2 [45].

Figure 2.4: A schematic diagram of the hierarchical micro-structure of 9Cr-1Mo steel
highlighting PAG, packets and packet boundaries, block and block boundaries, lath and
precipitate distributions.
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Figure 2.5: Variation of PAG size for different normalizing temperature with the same
tempering temperature (760 °C) [41].

The hierarchical structure in 9Cr-1Mo steel is one of the most important features in low
carbon martensitic steel, and extensive investigations have been carried out into the
correlation between morphology and crystallography orientation [46, 47]. The laths in the
PAG have similar orientations (about 5 ~ 10°) and the mis-orientations across lath boundaries
are low angles varying within a few degrees [46, 48]. The mis-orientations of the packet and
block boundaries are high angles that are well determined by the orientation relationship [47].
These different mis-orientation characteristics of various boundaries in the lath martensite are
expected to affect differently the strength of the 9Cr-1Mo steel. Figure 2.6 provides the misorientation angle through inverse pole figure (IPF) colour map of the 9Cr-1Mo PAG taken
directly from the electron backscatter diffraction (EBSD) scan [48], which can reflect the
distribution of mis-orientation of 9Cr-1Mo steel.
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(a)

(b)

Figure 2.6: Inverse pole figure of (a) martensite structures taken by EBSD technique and (b)
the distribution of misorientation within a PAG along AB [48].

2.4.2 Micro-structures of Welding Sub-zones
The CG-HAZ region is adjacent to the fusion region as illustrated in Figure 2.2(a).
Because of the high peak temperature during the welding process, the precipitates
completely dissolve and increase the content of C and N in the matrix, leading to a
higher hardness and dislocation density than in other regions and also resulting in lath
martensite formation. Furthermore, the austenite grains grow faster with the dissolution
of precipitates resulting in coarse grains of austenite, as shown by scanning electron
microscope (SEM) image in Figure 2.7(a) left. Sawada et.al reported that MX cannot
dissolve completely during heating [49].
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Figure 2.7: SEM micrographs (left) and EBSD maps (right) of the: (a) CG-HAZ; (b) FGHAZ; and (c) IC-HAZ regions after PWHT [50].

The peak temperature in FG-HAZ is just above Ac3, where the temperature is
sufficiently high for austenite transformation. However, the temperature may not be high
enough to completely dissolve precipitates. The un-dissolved precipitates obstruct the
growth of austenite grains by pinning [51, 52]. The coarse M23C6 type carbide
precipitates along the fine PAGs is the characteristic feature of FG-HAZ micro-structure
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[53], as shown in Figure 2.7(b) left. The as-welded PAG size is around 20±3.65 μm after
PWHT.
The peak temperature of the IC-HAZ region is in between Ac1 and Ac3 and that results in
an incomplete transformation of ferrite into austenite with partially dissolved precipitates,
including their coarsening, giving the lowest hardness. In FG-HAZ and IC-HAZ, coarse
Cr-rich M23C6 type precipitates are noticed but not in CG-HAZ. It is believed that the
un-dissolved precipitates reduce the alloying element concentration (mainly the carbon)
[54], dissolved in the new PAGs, which reduces the chemical free energy of the PAGs
and restricts the transformation of martensitic, exhibiting a typical no-lath morphology,
as shown in Figure 2.7(c). The IC-HAZ shows a small grain size which was found to be
14±4 µm [53].
The images in Figure 2.7 right display the micro-structures of HAZ with EBSD maps
showing the individual grain orientations relative to their surroundings in the 9Cr-1Mo
welds [50]. The CG-HAZ (Figure 2.7(a)-right) shows equiaxed grains with lath
martensite packages. In contrast, FG-HAZ and IC-HAZ consist of newly nucleated fine
grains with some sub-grains inside a coarse grain, which do not give similar block
orientations in each PAG grain. The micro-structure parameters and the characteristics at
different regions in 9Cr-1Mo welds after PWHT are summarized in Table 2.3, which will be
employed for the micro-mechanical modelling work in this thesis.
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Table 2.3: Micro-structure parameters for each region in 9Cr-1Mo welds after (PWHT)
PAG size (µm)

Micro-structure feature

PM

40

IC-HAZ

14±4

FG-HAZ

20±3.65

CG-HAZ
WM

351
80

Typical martensitic microstructure
Mixed-phase region with small
amount of ferrite
Mixed-phase region with small
amount of ferrite
Same with PM
Same with PM

Precipitates
M23C6 (nm)
100
200
150
-

2.4.3 Hardness and Tensile Response of Welded 9Cr-1Mo Steel
The micro-structural variations in the HAZ are also reflected in the micro-hardness
profile. Three hardness profile tests [55], i.e. the as-welded condition, PWHT and creep
test, which are taken from the transverse direction of 9Cr-1Mo weldments, are shown in
Figure 2.8. A drastic decrease in the hardness of the as welded joint can be seen going
from the fusion zone towards the PM. The PWHT considerably reduces the hardness of
the fusion zone and the HAZ, and a relatively soft zone is observed at the IC-HAZ
region. It is concluded that the occurrence of small amount of ferrite and lower
dislocation densities are contributors to the lower hardness of IC-HAZ region [40, 56],
that is seen in Figure 2.8.
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Figure 2.8: Micro-hardness profiles across the welded joints of 9Cr-1Mo steel for three
thermal histories: as welded, PWHT and creep test [55].

A methodology to obtain mechanical responses for each sub-region in 9Cr-1Mo welds
with digital image correlation (DIC) was presented based on tensile tests conducted at
room temperature and at 625 °C by Touboul et al. [57]. An analysis of the influence of the
loading conditions and of an added Gaussian noise on the evolution of the mechanical
response was carried out to prove its robustness for the identification of the mechanical
response of IC-HAZ material in the welded 9Cr-1Mo steel. The true stress and true strain for
tensile tests of IC-HAZ in 9Cr-1Mo welds for different strain-rates were measured, as shown
in Figure 2.9 [57]. The strain hardening becomes negative at 625 °C with an obvious strainrate effect whereas only a negligible strain-rate influence was observed at room temperature.
At 625 °C, increasing strain-rate causes increased strength but reduced ductility.
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(a)

(b)

Figure 2.9: Mechanical behaviour for IC-HAZ in 9Cr-1Mo steel at (a) room temperature,
(b) 625 °C with obvious strain-rate effect [57].

2.5 Creep
2.5.1 Description of Creep
Creep is frequently important in engineering design and in assessing the resistance of
materials to deformation and failure particularly at high temperature. Creep can be defined as
the time-dependent, non-reversible deformation under a long period of loading. From a
practical point of view, creep is much more significant when the temperatures are higher such
as in the region of 0.3 to 0.5 higher of the melting point [58, 59].
Various combinations of stress and temperature will activate different creep mechanisms of
deformation, which can be summarised using deformation mechanisms maps [60]. A
deformation mechanisms map presents the stress-temperature relationship in metals on a plot
of ratio of shear stress to modulus against the homologous temperature. Figure 2.10 presents
a schematic representation of a typical deformation mechanisms map for a steel alloy. A
typical creep test mainly consists of applying a constant stress to the material and monitoring
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the strain of the specimen during time. Three distinct stages can be seen in the creep curve, i.e.
primary creep, secondary creep and tertiary creep, as shown in Figure 2.11(a). The variation
of creep-rate can be represented by Figure 2.11 (b).

Figure 2.10: Mechanism map of creep deformation [60].

(a)

(b)

Figure 2.11: Schematic of uniaxial creep behaviour showing (a) primary creep, steady-state
creep, and tertiary creep, (b) strain-rate as a function of time.
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Primary creep corresponds to material hardening and a period of decreasing creep rate. This
behaviour can be characterized as follows:

ε = βt

1

3

(2.1)

where β is a material constant and t is the time of creep test. As the strain-rate decreases to a
constant value, creep deformation enters the secondary creep stage.
The secondary creep stage, which corresponds to a steady-state creep rate, usually persists for
the longest time of the creep deformation and is regarded as the most important stage in terms
of plant design. The following equation can be used to describe this stage.

ε c = κt

(2.2)

where κ is the material constant called the minimum creep rate. The following power-law
function can be used to represent the relationship between steady-state creep rate and stress.

εc = Aσ n

(2.3)

A is material constant in Eq. (2.3). Secondary creep stage can also be described by the Norton
steady-state creep law [61]. The constitutive relationship between the steady state creep
strain-rate, εmin , and the applied stress, σ, is presented as follows with an Arrhenius term
cr

included to provide temperature-dependence:
cr
εmin
= A0 e − (Qcr

RT )

σn

(2.4)

where A0 is material constant, Qcr is creep activation energy, R is the universal gas constant,
T is temperature in Kelvin and n is the Norton creep exponent. Figure 2.12 shows the
relationship between the minimum creep strain rate (MSR) and applied stress. The creep
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activation energy, Qcr, and material constant A0 can be identified from the slope and intercept
of the natural logarithm of MSR plotted as a function of the inverse of temperature. The final
stage is called tertiary creep and is associated with an acceleration of creep strain due to
softening, damage or cross section reduction until failure is reached.

Figure 2.12: The effect of applied stress on the minimum creep strain-rate (MSR). The inset
shows a representation of the variation of MSR with temperature.

2.5.2 Creep Properties of Welded 9Cr-1Mo Steel
Different types of creep tests are necessary to obtain useful creep behaviour data when
designing 9Cr-1Mo steel pipe components for power plant. These experiments provide a
large range of information including time-to-rupture, strain at rupture, amount of primary and
secondary creep, time to onset of secondary and tertiary creep, and steady-state creep rate.
Figure 2.13(a) shows the typical creep curves for specimens under constant uniaxial loading
for 9Cr-1Mo steel, exhibiting similar features at different temperatures [62]. Figure 2.13(b)
gives the MSR data of PM, WM and HAZ of 9Cr-1Mo welds at 625 °C, obtained from
uniaxial and impression creep tests [63].
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(a)

(b)

Figure 2.13: Creep strain-time curves (a) at 650 °C under stresses of 200 MPa, 160 MPa and
140 MPa, and (b) MSR data of parent material, weld metal and HAZ at 625 °C [62, 63].

2.5.3 Microstructural Evolution during Creep
•

Precipitates

Extensive studies have been conducted to understand the micro-structural evolution and
its effect on creep deformation mechanisms in 9Cr-1Mo steel. During creep loading,
micro-structural changes in 9Cr-1Mo steel occur in terms of dislocation arrangement,
recovery or recrystallization and particle nucleation, growth and coarsening. It has been
confirmed that precipitate strengthening and sub-boundary hardening are the most
important factors associated with the creep resisting properties [64]. The effect of the
carbides in 9Cr-1Mo steel is as follows and summarized in Table 2.4.
 Carbides can restrain the sub-grain growth and prevent the movement of subgrain boundaries, leading to the increase of creep strength at the early stage of a
creep test [65, 66].
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 Carbides act as obstacles to dislocation motion, and inhibit the recovery of the
dislocation substructure [67].
 The loss of creep strength properties after long-term service is always attributed
to the formation of the Z-phase and Laves phase which are complex carbo-nitride
precipitates [68, 69].

Table 2.4: The effect of main precipitates on the creep behavior in 9Cr-1Mo steel [49]
Precipitates

Precipitation
Zone

Growth and
coalescence

M23C6
(Cr16Fe6Mo)C6

At prior austenite,
packet and lath
boundaries

Coarsening is
promoted by
creep

Z-phase
(CrVNb)N

At PAG
boundaries

_

At prior austenite,
packet and lath
boundaries
At lath
boundaries and
within laths

Coarsening is
promoted by
creep

Laves phase
Fe2Mo
MX
(NbC, NbN,
VN, VC)

Slow
coarsening

Effect on creep
property
Lose their pinning
effect on dislocation
leading to lath
recovery
Loss of creep strength
Diminishes
molybdenum solid
solution strengthening
Stabilize lath
boundaries retarding
recovery

Carbides retard the recovery process and prevent inter-granular cavitation due to
diffusion. However, creep promotes carbide coarsening and consequently leads to a
deterioration of their pinning effect and diffusion retardation efficiency [70, 71]. It has
been found that the average size of carbides tends to increase after creep testing, which
can lead to a decrease in creep strength [54]. Figure 2.14 shows the evolution of carbide
size in 9Cr-1Mo steel during creep at 600 °C [72]. After long-term creep, M23C6 carbides
and Laves phase have obviously grown as seen in Figure 2.15(a). Cavities seem to nucleate
at boundaries next to large particles such as Laves phases (Figure 2.15 (b)) [24].
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Figure 2.14: Evolution of the mean size of carbide particles during creep at 600 °C [72].

(a)

(b)

Figure 2.15: Micro-structure of the 9Cr-1Mo steel after creep at 600 °C for 113,431 h, (a) for
M23C6 carbides, Laves phases and matrix, respectively; (b) Showing creep damage [24].

Micro-cracks and voids are usually associated with precipitates for 9Cr-1Mo steel. It has
been confirmed by microscopic experiments by Lee and Maruyama [54] that the
presence of these coarse particles along the grain boundaries leads to nano-void
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nucleation and coalescence at carbide precipitates to form micro-cracks at the grain
boundaries. The crack-evolution process is demonstrated in Figure 2.16 showing the
formation of the cavities and their subsequent coalescence. From experimental
observations, it has been deduced that the stress concentrations that take place at the
coarse particles and matrix interface are likely to assist in cavity nucleation.

(a)

(b)

Figure 2.16: (a) Cavity nucleation and (b) cavity coalescence [54].

•

Evolution of Dislocation Density, Lath and Sub-grain

Dislocation evolution represents a key mode of deformation mechanism for plant components
under long service time such as welded connections operating at high temperature. Under
conventional creep deformation, a dislocation will normally glide through crystal until it
becomes immobilised by interacting with obstacles such as precipitates, solutes or other
dislocations. Due to the diffusion of atoms (away from the bottom of the dislocation) at high
temperatures, dislocations can move upward off their glide path due to a climb process, as
illustrated schematically in Figure 2.17, resulting in further viscoplastic slip. Creep
dislocation morphology can be easily obtained through TEM. The total dislocation density
inside crystals can be arbitrarily divided into mobile and immobile dislocations [73].
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Figure 2.17: Dislocation glide and dislocation climb processes in metals under high
temperature deformation (Barrett, Richard A, 2016).

Materials with high dislocation densities exhibit specific mechanical properties. Thus they
show cyclic softening when exposed to strain controlled fatigue testing [44, 74] and a strong
decrease of creep rate in very small strain intervals during primary creep [66]. The decrease
of the high dislocation density during creep accounts for the formation of sub-grain
boundaries and lath growth [66]. The significant changes in dislocation evolution, lath and
sub-grains of 9Cr-1Mo steel have been illustrated in the TEM images (Figure 2.18) for 9Cr1Mo steel, which shows the material state before and after creep service [75]. In the asreceived condition in Figure 2.18(a), the micro-structure of 9Cr steel consists of fine
martensite laths, sub-grains and dislocations. However, as lifetime increases, significant
recovery of martensite laths occurs as shown in Figure 2.18(b), as well as recovery of
dislocation and growth of sub-grains [76]. The micro-structure changes in 9Cr-1Mo steel had
been confirmed to determine the creep behaviour [64, 67, 77, 78].
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(a)

(b)

Figure 2.18: TEM images of (a) as received sample (b) crept sample at 650 °C/80 MPa [75].

All the micro-structure features mentioned above play important roles in the superior
mechanical properties. It is widely accepted that the size and shape of precipitate and grain
size are critical to enhance the creep strength under USC working condition [44, 67]. The
presence of precipitates significantly improves the strength of 9Cr-1Mo steel by impeding
dislocation motion and resisting the lath coarsening during high temperature [79].
A wide range of computational models have been applied to modelling creep deformation of
candidate materials, such as the Norton power law model [80] and hyperbolic sine modelling
methodology of Hayhurst and co-workers [81, 82]. The continuum damage mechanics (CDM)
modelling methodology of Hayhurst and co-workers has been successfully applied to 9Cr
alloys in the work of Hyde et al. [83]. A uniﬁed continuum damage mechanics approach to
modelling multiple-precipitate strengthening in 9Cr steels has been developed to account for
the multi-precipitate mechanisms present in 9Cr steels via the development of a new
precipitate coarsening damage model [67]. Comparison of the predicted creep response
against the measured data at 600 °C for three different applied stresses is presented in Figure
2.19. More physically-based models have been developed [84, 85], for example, to capture

38

the key micro-structural evolutions in 9Cr steels during primary creep, as shown in Figure
2.20 [84].

(a)

(b)

Figure 2.19: Comparison of predicted (a) creep strain response and (b) creep-rate response of
9Cr-1Mo steel at 600 °C with experimental data [67].

(a)

(b)

Figure 2.20: Simulation results showing the effect of applied stress on (a) subgrain size and
(b) boundary dislocation density [84].
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2.6 Fatigue
Although creep testing of 9Cr steels is widespread in the literature, the fatigue testing of
9Cr steels has received limited attention by comparison. Fatigue failure can occur when
a material is subjected to periodic loading and unloading. Fatigue can be categorized into
(i) low cycle fatigue (LCF), (ii) high cycle fatigue (HCF), (iii) followed by ultra-high
cycle fatigue (UHCF), as illustrated in Figure 2.21 [86]. High cycle fatigue is for failure
cycles about 104 to 108 and LCF is for the failure less than 104 cycles. An important
distinction between low-cycle fatigue and high-cycle fatigue is that in high-cycle fatigue,
most of the fatigue life is spent in crack initiation, whereas in low-cycle fatigue most of
the life is spent in crack propagation.

Figure 2.21: Schematic multistage fatigue life diagram showing LCF, HCF and UHCF
fatigue ranges and transition from surface to subsurface cracks [86].

2.6.1 Low Cycle Fatigue Behaviour
The fatigue failure of metals is often treated as the result of cyclic hardening or softening,
crack initiation, and crack propagation leading to final fracture [87], as illustrated
schematically in Figure 2.22, involving cyclic hardening/softening, cyclic saturation, the
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evolution of fatigue damage caused by cyclic slip irreversibility, initiation and
subsequent growth of cracks up to failure.

Figure 2.22: Schematic illustration of the four stages of fatigue in ductile metals until
failure [87].

(a)

(b)

Figure 2.23: Cyclic stress response at different loading conditions for 9Cr-1Mo steel at a
500 and 600 °C, respectively [91].
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Recent studies show that cyclic loading under high temperature conditions on 9Cr steel
leads to a tremendous cyclic softening effect, which deteriorates the mechanical
properties [88, 89]. Fournier et al. pointed out that the cyclic softening effect of 9Cr
steel is mainly due to a decrease of back-stress from studies of the pure fatigue test [90].
Figure 2.23 shows the softening behaviour of 9Cr-1Mo with different strain ranges [91].
TEM observations have shown that the cyclic softening effect was correlated to a
coarsening of the initial martensitic laths and sub-grains and to a decrease of the
dislocation density [44].
An improved unified cyclic viscoplastic material model for high temperature fatigue of 9Cr1Mo steel was adopted by Barrett et al. [92], combining a hyperbolic sine constitutive
equation of isotropic and kinematic hardening variables. The primary improvements over
existing models is in relation to strain-rate independence of parameters, for accurate
interpolation and extrapolation across a range of strain-rates and stress regimes, as relevant to
flexible operation of high temperature power generation plant. Figure 2.24 provides the
calibration results using this material model for 9Cr-1Mo steel at 500 °C.

(a)
Figure 2.24: Calibration of material parameters for 9Cr-1Mo steel at 500 °C from measured
evolving stress–strain data and a strain-rate of 0.1%/s for (a) cyclic viscoplasticity parameters
(b) the initial cycle and (c) after 600 cycles [92].
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(b)

(c)

Figure 2.24 (con’d): Calibration of material parameters for 9Cr-1Mo steel at 500 °C from
measured evolving stress–strain data and a strain-rate of 0.1%/s for (a) cyclic viscoplasticity
parameters (b) the initial cycle and (c) after 600 cycles [92].

Crack initiation, as well as the entire fatigue process, is controlled by cyclic plastic
deformation. For 9Cr steel at 600 °C, numerous experimental studies have shown that
the initiation of surface fatigue cracks takes about 10 ~ 20% of the fatigue lifetime [93].
The localized cyclic plastic deformation in the micro-structure plays a key role in the
fatigue crack initiation mode from the micro-scale point of view. Li et al. [94] adopted a
multi-scale approach coupled with a nano-scale fatigue indicator parameter (FIP) based
on accumulated crystallographic slip and triaxiality, to predict the fatigue crack initiation.
Figures 2.25(a) and (b) show the precipitate size effects on the stress-strain hysteresis
loops for different lath thicknesses. It can be seen from the predicted results that with
increasing precipitate size, the 9Cr-1Mo material becomes soft. The corresponding
distributions of modified strain and geometrically necessary dislocation (GND) density are
given in Figures 2.25(c) and (d) [94]. The result shown in Figure 2.26 indicates that the
precipitate and lath sizes are strongly dependent of cyclic micro-plasticity and fatigue
crack initiation for 9Cr-1Mo steel.
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(a)

(b)

(c)

(d)

Figure 2.25: Effect of M23C6 precipitate sizes on the stress strain hysteresis loops at the
fatigue site with lath width (a) 0.5 μm and (b) 1.0 μm; (c) and (d) are for the corresponding
distributions of modified strain and GND density, respectively, at maximum stress point in
the 6th cycle for the strain at 1.0% [94].
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Figure 2.26: Simulated effects of precipitate and lath sizes on the number of cycles to fatigue
crack initiation [94].

2.6.2 Fatigue-Creep Interaction
The operating cycle for 9Cr steel components in steam generators typically consists of a
start-up phase followed by continuous high temperature operation under sustained load
and eventually shutdown. A typical cold start-up profile for power plant can be seen in
Figure 2.27. Therefore, a comprehensive insight into the deformation during fatigue–
creep (FC) interaction is of great significance to the design, life prediction and long-term
operation of hot-section components at elevated temperature. Figure 2.28 schematically
show the typical loading conditions of simulated FC interaction in the laboratory, which
combines HTLCF tests with dwell time at a given peak constant strain [95].
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Figure 2.27: Example of operation scheme of a power plant [96].

(a)

(b)

(c)
Figure 2.28: Typical loading waveforms in FC testing with tensile and compressive hold
periods: (a) variation of strain with time, (b) variation of stress with time, (c) The
corresponding F hysteresis loop [95].
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FC interaction as a degradation mechanism is a primary design concern in fossil fuel
power-plant [97, 98]. Zhang and Xuan compared the LCF and FC test data (Figure 2.29)
for 9Cr steel P92 and proposed a unified viscoplastic constitutive model incorporating a
static recovery effect in the kinematic hardening rule under the framework of the
classical Chaboche model to describe the accelerated cyclic softening and decelerated
stress relaxation behaviour [99]. This indicated that a cyclic dependent accelerated
softening was observed under the FC interaction conditions compared with the pure LCF
test, as shown in Figure 2.30.

(a)
Figure 2.29: Evaluation of hysteresis loop of P92 under both the LCF and FC conditions at
625 °C with 1.0% strain range [99].
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(a)

(b)

Figure 2.30: Comparison of the simulated maximum stress using the proposed model and
experimental data at various strain ranges; (a) pure LCF test, and (b) FC condition with a
tensile strain hold time of 30s [99].

2.6.3 Thermo-Mechanical Fatigue
Thermo-mechanical fatigue (TMF) is the primary detrimental factor to the design life of
engineering components in many high-temperature applications. When the temperature
of the cyclically loaded component also fluctuates, as shown in Figure 2.31, culminating
in a synergetic damaging effect, this form of fatigue is known as TMF. Such power plant
components, particularly power plant headers, have been extensively investigated in terms of
steady-state high temperature operation; however relatively little is known about the
behaviour of these headers operating under cyclic loading conditions with thermal fluctuation
(characterised by relatively frequent start-up cycles). The two extreme and basic
experimental TMF cycle types that are most often used to assess life under TMF
conditions are in-phase (IP) (peak tensile strain coincides with peak temperature) and
out-of-phase (OP) (peak tensile strain coincides with the minimum temperature), as
shown in Figure 2.32.
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Figure 2.31: A typical temperature fluctuation for power plant measured in Lough Ree
power plant (ESB correspondence, 2013).

(a)

(b)

Figure 2.32: Schematic representation of temperature-strain loading for (a) TMF in-phase
loading conditions, and (b) TMF out-of-phase loading conditions.

9Cr steel components under TMF loading can be prone to damage by more than an order
of magnitude compared with isothermal LCF tests at high temperature. The experimental
strain-life results for 9Cr steel in the 400 °C to 600 °C temperature range, for isothermal
fatigue (IF), TMF-IP and TMF-OP test conditions, are presented in Figure 2.33, which
shows a lower fatigue life for all TMF-OP cases [100]. Two extreme loading cases are
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depicted in Figue 2.34. Figures 2.34(a) and (b) depict TMF-IP stress-strain response with
a resulting compressive mean stress and the case of TMF-OP is shown in Figures 2.34(c)
and (d) [101].

Figure 2.33: Fatigue life data for 9Cr-1Mo steel under both TMF-OP-IP and IF
conditions [100].

(a)

(b)

Figure 2.34: Measured and FE predicted TMF behaviour for 9Cr-1Mo steel under IP for
(a) and (b) and OP for (c) and (d) with an applied strain-rate of 0.1 %/s [101].
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(c)

(d)

Figure 2.34 (cont’d): Measured and FE predicted TMF behaviour for 9Cr-1Mo steel
under IP for (a) and (b) and OP for (c) and (d) with an applied strain-rate of 0.1 %/s
[101].

A considerable amount of work has been carried out with regard to determining the creep,
fatigue and FC behaviour of 9Cr-1Mo steel, however, relatively little work has been
carried out in terms of TMF characterisation. A micro-mechanical model using straingradient crystal plasticity is developed for 9Cr-1Mo steel, using measured EBSD, and is
calibrated for early and half-life thermo-mechanical cycles via IF test data at 400 °C,
500 °C and 600 °C. It had been proved that the TMF behaviour can be effectively
predicted at the micro-structural level for this steel and this can lead to a more accurate
assessment procedure for power plant components, as illustrated in Figure 2.35 [100].
Farragher et al. [13] carried out TMF simulations for 9Cr-1Mo steels, where the two-layer
visco-plastic model was calibrated and validated under an-isothermal consition without
considering the WM and HAZ material properties, for the prediction of the stress-strain
distribution in the header unit illustrated in Figure 2.36.
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Figure 2.35: Simulated local response with showing the distribution of modified plastic
strain for the 6th cycle for TMF-IP and TMF-OP, respectively [100].

Figure 2.36: Prediction of von Mises stress distributions for representative branched
header unit using elastic–viscoplastic material model [13].
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2.7 Failure in Welds
Four types of cracking are observed in the weld joint during creep testing and during
working conditions as shown in Figure 2.37 [102, 103].
•

Type-I cracking usually can be only seen in the WM region itself propagating
both transverse and parallel to WM.

•

Type-II originates from WM region and crosses the HAZ transversely and
possibly propagates into the PM region.

•

Type-III occurs in the CG-HAZ which diffuses parallel and close to the fusion
line whereas Type-III is located near the fusion line, arising from carbon
diffusion effects.

•

Type-IV originates and propagates from FG-HAZ or IC-HAZ regions where it is
adjacent to the PM.

Figure 2.37: A schematic diagram to show different types of cracking in the welded joint [28,
59, 103].
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Welding produces detrimental effects on creep strength of weldments. Hongo et al. [104]
conducted various uniaxial creep tests on 9Cr-1Mo welded specimens and Type-IV
cracking is the failure mode observed for all. Furthermore, they found that stress
triaxiality is vital to the Type-IV crack following comparison of FE analysis with
experimental data [104]. Since the IC-HAZ is located between two highly creep resistant
regions, localised deformation of the IC-HAZ will markedly create creep cavitation
known as Type-IV cracking [55]. It was reported in [105] that at the triple junction
regions with large M23C6, it is easier to accumulate high local deformation, which further
accelerates the cavity formation process. These cavities at triple points coalesce to form
inter-granular cracks in FG-HAZ and IC-HAZ leading to Type-IV cracking.

2.8 Constitutive Material Models
In order to investigate the deformation behaviour of 9Cr-1Mo steel, it is essential to
choose an effective constitutive material model. The computational framework adopted
is central to the work presented in this thesis. This section gives full details on
describing the development, implementation and use of phenomenological constitutive
material models, and outlines the methods of numerical modelling adopted. A brief
background to continuum mechanics is provided, followed by a description of the
constitutive formulations used, including a J2 flow model for macroscopic behaviour and
physically-based crystal plasticity models.
2.8.1 Continuum Mechanics
A brief overview of the continuum mechanics, which the material models of this work
adopted, is provided in this section. A more complete detail of the framework can be
found in Dunne and Pertrinic [106].
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The deformation of a body can be schematically represented in Figure 2.38 comprising
both the un-deformed configuration and the deformed configuration. The vector X can be
used to describe the position of a point on the un-deformed body, P. Similarly, the vector
x can be used to describe the position of the corresponding point P’ on the deformed
body, while the displacement, u, relates X and x:

Figure 2.38: Schematic of material in the reference or un-deformed configuration and the
deformed configuration [106].

x=X+u

(2.5)

The deformation gradient F defines the transformation of the vector dX in the undeformed configuration to the corresponding vector dx in the deformed configuration:

F=

∂x
∂u
=
+I
∂X ∂X

(2.6)

where I is the identity tensor. The Green-Lagrange strain tensor, E, a strain measure
defined relative to the un-deformed configuration, is given as:
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E=

1 T
1  ∂u
∂u
∂u ∂u 
(F F − I ) = 
+ ( )T + ( )T

2
2  ∂X
∂X
∂X ∂X 

(2.7)

The product of partial derivatives in Eq. (2.7) can be negligible for small strains, giving
rise to the infinitesimal strain, which can be re-formulated as following:

ε=

1  ∂u
∂u T 
) 
+(

2  ∂X
∂X 

(2.8)

For rate-dependent constitutive models it is useful to define the framework above in
terms of rate quantities, where the velocity of a point in the current configuration:
∂x
∂t

v=

(2.9)

The velocity gradient can be used to define the spatial rate of change of an increment in
velocity dv：

L=

∂v ∂v ∂X ∂F −1  −1
F = FF
=
=
∂x ∂X ∂x
∂t

(2.10)

A relationship with the deformation gradient has been defined in Eq. (2.10). The symmetric
and asymmetric components of L define the rate of deformation D and the continuum spin W,
respectively:

(

)

(2.11)

(

)

(2.12)

D=

1
L + LT
2

W =

1
L − LT
2

Different measures of stress can be defined within the framework above. The Cauchy stress
tensor, σ can be related to a traction vector, t, acting on a surface with normal n:

t = σn
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(2.13)

The Cauchy stress can be considered to represent the true stress tensor, as it is evaluated in
the current configuration, thus taking into account a changing cross-sectional area. It can be
coupled with the rate of deformation, D of Eq. (2.11), to form a work conjugate pair. Another
common stress measure, defined relative to the un-deformed configuration, is the second
Piola-Kirchoff stress, S:

S = det (F )F −1σF − T

(2.14)

which forms a work conjugate pair with the Green-Lagrange strain tensor of Eq. (2.7). For
rate-dependent formulations, the Jaumann rate of Cauchy stress is a useful quantity:

σˆ = σ − Wσ + σW

(2.15)

where σ is the rate of Cauchy stress with respect to the material un-deformed frame.

2.8.2 J2 Plasticity
The Cauchy stress, σ, can be decomposed into both hydrostatic and deviatoric components,
which can be described as follows:

1
σ = Tr (σ )I + σ ' = PI + σ '
3

(2.16)

where P is the hydrostatic pressure and is σ' the deviatoric stress. In multi-axial plasticity,
yield criteria are commonly defined as a function of von Mises stress, as follows:
12

3

σ e =  σ ': σ ' 
2


(2.17)

The second invariant of the deviatoric stress tensor, J2, is defined as:
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J2 =

1
(σ ': σ ')
2

(2.18)

3J 2 . Plasticity flow theories with yield

Thus, the von Mises stress can be written as

functions based on the von Mises stress are referred to as J2 flow theory constitutive models.
The J2 formulation incorporates the key phenomena of cyclic hardening (softening) and
Bauschinger effect, via non-linear isotropic and kinematic hardening models, respectively,
where the yield surface is defined by the function:
12

3

f =  (σ '− x ' ) : (σ '− x ' ) 
2


− σ y − γ(p)

(2.19)

where σ ' and x ' are the deviatoric stress and back-stress tensors, respectively, and γ (p) is the
isotropic hardening function. The kinematic back-stress is used to capture the Bauschinger
effect.
Observations from experimental material testing have revealed that the material response is
generally a combination of both isotropic and kinematic hardening. It is necessary to combine
both of isotropic hardening and kinematic hardening rules in order to accurately represent
material behaviour subjected to cyclic loading. The respective effects of kinematic backstress and isotropic parameters on the cyclic hysteresis stress-strain curve is illustrated in
Figure 2.39, where the hysteresis loops show the stress-strain behaviour after one loading
cycle and the stress-strain behaviour after some number of cycles.
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Figure 2.39: Combined kinematic and isotropic hardening [106].

In kinematic hardening, the size and shape of the yield surface is the same but translates in
the stress space as a rigid body as shown in Figure 2.39, having undergone initial tension
followed by a compressive reversal, in which σy represents the elastic limit. Multiple backstresses can assist to capture the complex kinematic hardening response of a material. The
non-linear evolution of each back-stress tensor, xi, is defined by the Armstrong-Frederick rule.
One or multiple back-stresses can be used in the model, which are summed to give an overall
back-stress:

dx i =

2
ci dε p − γi x i dp
3

x = ∑ xi

(2.20)
(2.21)

i

where ci is the initial hardening modulus, γi is the rate of decay, d ε p is the increment in the
plastic strain tensor and dp is the increment in an effective plastic strain, defined as following:
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12

2

dp =  dε p : dε p 
3


(2.22)

Isotropic hardening allows the capture of the isotropic expansion of the yield surface in
response to cyclic hardening (softening), as illustrated in Figure 2.39, by an amount equal to
the isotropic hardening parameter r, defined as a function of the effective plastic strain, p:

dR(p) = b(Q − R)dp

(2.23)

where Q is the saturation value of the isotropic hardening parameter and b controls the rate of
decay leading to saturation; both Q and b are constitutive parameters. The elastic relationship
for the J2 constitutive model is defined simply as:

(

dσ = Cdε e = C dε-dε p

)

(2.24)

where dεe is the elastic strain increment and C is the fourth order tensor of elastic moduli. For
isotropic elasticity, this can easily be represented for Voigt (matrix/vector) notation as:

C iso

0
0
0 
v
v
1 − v
 v 1− v
0
0
0 
v

 v
v 1− v
0
0
0 
E
=


(1 + ν )(1 − 2ν )  0
0
0
2(1 + v )
0
0 
 0
0
0
0
2(1 + v )
0 


0
0
0
0
2(1 + v )
 0

where E is Young's modulus and v is Poisson's ratio.
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(2.25)

2.9 Crystal Plasticity Theory
2.9.1 Elastic Deformation
The macroscopic response for polycrystalline materials can be considered to be isotropic as
the deformation occurs over a significant amount of grains within the material. There are 36
independent stiffness constants used to fully describe anisotropic elastic material behaviour.
The anisotropic elasticity of a single crystal can be characterised by three planes of symmetry.
Due to the symmetry condition present in a cubic lattice, the number of independent elastic
constants can further be reduced to three (C11, C12 and C44 (μ)). Hooke's Law can be written
using the elasticity matrix:

C cubic

C11 C12 C12 0
C
 12 C11 C12 0
C
C12 C11 0
=  12
0 C44
0
 0
 0
0
0
0

0
0
0
 0

0
0
0
0
C44
0









C44 
0
0
0
0
0

(2.26)

These three independent constants can only be obtained when the elastic moduli are
expressed with respect to the cubic lattice orientations. The deviation from elastic isotropy
can be quantified by the anisotropy ratio formula.

2C 44
C11 − C12

(2.27)

2.9.2 Plastic Deformation
The resolved shear stress is the driving force behind plastic flow initiation in single crystals,
which will generally increase with strain rate and will decrease with a reduction in
temperature. The slip planes are usually the planes with the highest density of atoms. The
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plastic deformation occurs along the slip direction with highest linear density of atoms, as
shown in Figure 2.40. The slip plane and slip direction together form slip systems. For this
slip to begin, a critical value of the resolved shear stress needs to be exceeded. If this value is
exceeded then the atoms will be moved, resulting in plastic deformation.

Figure 2.40: Schematic of slip systems for faced-centred cubic material, with the {111} slip
plane and <110> slip direction highlighted.

2.9.3 Constitutive Law
Visco-plastic constitutive formulations based on crystallographic slip have been used in
previous research [107, 108]. This work aims to resolve the macroscopic stress response onto
each slip system by using Schmid’s law. This is implemented by linking the slip systems to
the relative direction of the macroscopic principal stress. The magnitude of the resolved shear
stress is then investigated to establish if the slip system becomes active, and therefore create
slip. Asaro and Rice used a constitutive law based on crystallographic slip in a single crystal
material [109]. They incorporated the possibilities of deviations from the Schmid rule when
dealing with the critical resolved shear stress as well as the addition of cross-slip which
provided a further means of influencing the plastic response. This initial work was further
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extended by Asaro and Needleman where the work centred on poly-crystals that deformed by
crystallographic slip [107]. The model was developed to predict texture as well as strain
hardening behaviour.
A flow rule is utilised by Busso et al. with an exponential function of stress which is adopted
to account for the strain rate sensitivity of the material [108], as shown in Eq. (2.28). More
recently, Li et al. has used EBSD to model an explicit representation of the material microstructure for tempered 9Cr steel based on the exponential flow rule [94, 100,110]. The
following section gives the details of the flow rule.


 F
τα − Sα
α
γ = γ0 exp −
1−
τ0
 kT


p

q



 sgn τ α



( )

(2.28)

2.9.4 Crystal Plasticity Approach to Local Damage Analysis
Continuum damage and fracture mechanics have provided a wealth of methodologies for
modelling the evolution of damage, but these methods all depend on the pre-existing
voids or cracking. Different techniques, such as extended FE methods (XFEM), cohesive
element methods and element deletion methods, have been adopted to assess the crack
growth and damage evolution mechanisms for many materials [111-116]. Element deletion
methods are extremely mesh sensitive and are not generally suitable for modelling failure
with complex hierarchical morphologies [115]. Cohesive elements have been widely used to
study inter-granular cracks but the crack path needs to be defined in advance [114,116].
Although the techniques mentioned above offer no cognizance of micro-scale processes,
they have been effective in modelling stochastic aspects of failure for problems
involving multiple phases. When damage sites are randomly distributed in a continuum
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material, isotropic FE models can predict how shear localization develops within a
particular arrangement of damage sites. Given that shear localization can be simulated in
continuum models, it is important to identify the locations of damage nucleation with
respect to micro-structural features and slip systems, as shown in Figure 2.41. While this
approach can model the effect of specific damage sites on the surrounding material,
damage can also be embedded into the material constitutive model without modelling
damage sites explicitly. The effects of clustering of hard phases in metal matrix
composites, and deformation of porous materials, have been modelled in [98].

Figure 2.41: Influence of crystal orientation on grain or phase boundary damage nucleation
[117].

Another well-developed way to model homogenized damage is based on the observation
that damage reduces the bulk elastic modulus; hence damage is introduced into the
elastic part of the problem:

σ = C:ε e (1 − ω )

64

(2.29)

where ω is a scalar quantity ranging from 0 (no damage) to 1 (fully damaged). Many
authors have recognized that damage represented by the parameter ω is not isotropic, and
have

introduced

modifications

to

simulate

failure

processes

associated

with

crystallographic planes, inter-granular fracture or distortion and growth of voids [118120]. As continuum approaches are valuable for design and modelling at the component
scale, it is desirable to develop a method by which the continuum anisotropic damage
formulations can be informed by physically modelled plastic processes.

2.10 Summary
The literature review chapter summarises the important concepts, experimental observations
and modelling techniques for the characterisation of a tempered martensite steel for high
temperature application in power plants. A review of weldement formation, micro-structure
characteristics of the weldments, creep, strain-controlled LCF, FC interaction, thermomechanical fatigue and failures in the welds has been carried out to provide a background for
the research being presented in this thesis.
This literature review chapter firstly gives the welding process of 9Cr-1Mo steel with more
attention on the phase transformation during welding to introduce sub-zones within the
weldments in more detail. Then, a significant amount of work has been carried out to date on
determination of the micro-structure of 9Cr-1Mo steels revealing a hierarchical microstructure strengthened by precipitates and solutes, and characterisation of the heterogeneous
micro-structure of welded connections. The micro-structure characteristics, such as prior
austenite grain, precipitate and distributions at each sub-zone in 9Cr-1Mo weldments, are
described in order to provide a comprehensive understanding about the weldments.
Furthermore, the relevant material behaviour, such as, creep, high temperature low cycle
fatigue and FC, are discussed both at macro and micro scale level. The associated micro65

structural evolution under inelastic deformations (creep and fatigue loading, for example) is
also shown. The key mechanisms are explored, combined with experimental and numerical
methodologies employed to elucidate characteristic material behaviour, with the majority of
the attention given to material performance at elevated temperature. Finally, the constitutive
material model adopted in this thesis is described. A brief background to continuum
mechanics is provided, followed by a description of the constitutive formulations used,
including a J2 flow model for macroscopic behaviour and physically-based crystal plasticity
models combing with localized damage analysis. However, clear gaps in the literature relate
to the following aspects:
•

LCF characterisation of welded 9Cr-1Mo materials and prediction of the cyclic
plasticity behaviour of 9Cr-1Mo welded connection under high temperature.

•

Development of three dimensional thermo-mechanical fatigue life prediction methods
with realistic thermal histories realistic for welded connections in power plants.

•

Development of micro-scale modelling to investigate the influence of welding
induced textures on the localized stress and strain distribution at the premature failure
region of 9Cr-1Mo weldments.

•

Development of micro-scale modelling coupling with damage mechanics to
investigate the influence of welding induced texture to the macro-response and crack
initiation of 9Cr-weldment under high temperature, and try to explain the reduced life
time of welded connection.

The present thesis will address these gaps.
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3. Cyclic Plasticity of Welded 9Cr-1Mo Steel for
Simple and Complex Power Plant Connections
3.1 Introduction
The severe operational conditions which next generation power plants must endure will most
likely lead to FC and TMF weldment failures in 9Cr-1Mo welded connections. It has been
explained in Chapter 2 that failures commonly occur within the HAZ of welded connections,
such as the premature failure of a T-piece connection (see Figure 3.1) from Aghada power
station in Ireland, following high temperature, flexible operation, as shown in Figure 2.27 in
Section 2.6.2.

Figure 3.1: T-piece connection showing premature failure within the HAZ from Aghada
power station, the corresponding dimension is used in the following structure analysis [4].

This chapter is concerned with the cyclic plasticity modelling of welded 9Cr-1Mo steel. A
multi-material model is developed for high temperature cyclic plasticity, including the effects
of the three different material zones in the vicinity of the weld: PM, WM and HAZ. The
cyclic plasticity behaviour of the three zones has been established from previously-published
HTLCF tests on uniaxial PM, WM and CW specimens on 9Cr-1Mo material [121]. The HAZ
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is shown to be significantly softer than the PM and WM and acts as a focus for concentration
of plastic strain, leading to significantly inhomogeneous distributions of stress and strain in
the 9Cr-1Mo weldments. The cyclic plasticity analysis here features different material models
of the PM, WM and HAZ. It is implemented, via a three-dimensional FE model, to a welded
T-piece (see Figure 3.2) header-branch connection, to predict the effects of cyclic internal
pressure and small amplitude thermal fluctuations. The FE code adoped here had already
been implemented in ABAQUS™.

Figure 3.2: Image of the T-Joint showing the PM, WM and HAZ for branch weldolet and
weldolet-header connections.

The aim of this chapter is to explore the evolution of cyclic plasticity in the three different
zones in the vicinity of the weld under different loading conditions, with a view to gaining an
enhanced understanding of the failure locations and modes of deformation. Some
comparisons are made between the predicted behaviour and reported industry findings for
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damage in the T-piece. The first part of this chapter presents material parameter identification,
validation and development of a multi-material model for high temperature cyclic plasticity
of the three different material zones in the weld region, as well as investigation of the
evolution of the stress-strain distribution in uniaxial 9Cr-1Mo weld specimens. The second
part of the chapter presents a three-dimensional FE model of a 9Cr-1Mo welded headerbranch T-piece, for cyclic plasticity analyses of the multi-material connection, using the
newly determined constitutive parameters, for combined thermal-mechanical loading
histories.

3.2 Review of Previous Experimental Results
3.2.1 Test Specimen Extraction
In order to identify the cyclic plasticity constitutive parameters for different weld-related
material zones (PM, WM, HAZ), the results of a recent HTLCF testing program by Farragher
et al. [121] are analyzed. PM, WM, and CW test specimens were extracted from a specially
fabricated girth weld in an ex-service 9Cr-1Mo header. Figure 3.3 illustrates the location
where the HTLCF test specimens were extracted from the ex-service header unit. Note that
the CW specimen has PM at one end, WM at the other end and HAZ in the middle. The 9Cr1Mo header used for this weldment was an ex-service header with about 35,000 hours’
service, under subcritical loading conditions. Further details of the preparation and testing of
these HTLCF test specimens as well as the material properties of the parent 9Cr-1Mo and
weld electrode have been previously reported [121].
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(a)

(b)
Figure 3.3: Schematic diagram to show, (a) the positions of different HTLCF test specimens
(b) Images for PM, WM and CW (inclusive of HAZ) specimens. Image courtesy of Tadhg
Farragher, National University of Ireland, Galway (SFI METCAM project).
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3.2.2 HTLCF Behaviour of Welded 9Cr-1Mo Steel
Uniaxial material testing on preheated specimens was conducted on the HTLCF test rig
INSTRON 8800 at NUI Galway by Farragher et al. [121] and Barrett et al. [92]. The NUI
Galway test rig is comprised of water cooled hydraulic pull-rods, servo-electric actuator, load
frame inclusive of load cell, and control system. This configuration is illustrated in Figure
3.4(a). The rig is capable of carrying out axial strain-controlled, plastic strain-controlled or
stress-controlled cyclic testing, and can host rectangular, cylindrical and tubular specimens
[121]. The extensometer gauge length is 12.5 mm shown in Figure 3.4(b) with a maximum
and minimum travel of +20%, and -10% respectively.

(a)
Figure 3.4: (a) Photograph of the INSTRON 8800 HTLCF test rig at NUI Galway and (b)
setup and location of the extensometer in relation to the CW specimen.
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(b)
Figure 3.4 (cont’d): (a) Photograph of the INSTRON 8800 HTLCF test rig at NUI Galway
and (b) setup and location of the extensometer in relation to the CW specimen.

Figure 3.5 shows the measured stress-strain hysteresis loops (1st cycle) and the cyclic
evolution of maximum stress for the three specimens (PM, WM and CW) subjected to a
strain-controlled triangular waveform for a strain-range of 1.0% at a strain rate of 0.0333%/s
and a temperature of 500 °C [121]. As can be seen from Figure 3.5(a), the CW has a similar
cyclic response to the PM specimen for the first cycle, which suggests that the initial
mechanical behavior of the HAZ is similar to that of the PM, which is also reported by
Shankar et al. [15,122]. In addition, it is clear that the WM exhibits the highest cyclic
strength when compared to that of the other two materials, as expected for an over-matched
weldment. It is also clear from Figure 3.5(b) that all three specimen types exhibit cyclic
softening, which is characteristic of high temperature cyclic deformation of 9Cr-1Mo steel.
The WM specimen shows the highest rate of cyclic softening; the rate of softening of the CW
specimens is a little less severe than the PM specimen. The CW specimen exhibits the
shortest fatigue life due to the occurrence of HAZ, with the PM specimen exhibiting the
longest, almost 2.5 times that of the CW specimen.
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(a)

(b)

Figure 3.5: Measured results of the (a) stress-strain response for the initial cycle and (b)
cyclic evolution of maximum stress for PM, WM and CW material for an applied strainrange of 1.0% and applied strain-rate of 0.0333%/s at 500 °C [121].

3.3 Cyclic Plasticity Constitutive Model
The cyclic plasticity model uses J2 flow theory with combined non-linear kinematic and
isotropic hardening to define the constitutive cyclic behavior of the material. The increment
in stress is defined using multi-axial Hooke's law:

σ = C : εe = C : (ε - ε p )

(3.1)

where εe , ε and εp are the elastic, total and plastic strain-rate tensors, respectively, and C is
the fourth-order tensor of elastic moduli, defined in terms of Young’s modulus, E, and
Poisson’s ratio v. As discussed in [123,124], significant strain-rate effects are observed only
at temperatures of greater than 500 °C in the 9Cr-1Mo steel tested here. This permits a
simplification in terms of modeling in this chapter to investigate the constitutive behavior of
welded 9Cr-1Mo steel at 500 °C, viz. time-independent cyclic plasticity can be employed, as
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opposed to a more complex cyclic visco-plasticity model [92, 101,125]. Thus, the plastic
strain-rate is defined using the following equation set:

ε p = p

∂f
∂σ

(3.2)

∂f
⋅ Cd ε
∂σ
p =
∂f
∂f
∂f
⋅C
+Φ⋅
+Ω
∂σ
∂σ
∂σ

(3.3)

(3.4)

1

3
2
f =  (σ '− x ') : (σ '− x ') − R − k y = 0
2


where p is the accumulated effective plastic strain-rate as given in Eq. (2.22), f is the yield
function, Φ is a non-linear kinematic hardening function, Ω is an isotropic hardening term, x
is kinematic back-stress, R is isotropic stress, ky is cyclic yield stress and σ' and x' are the
deviatoric stress and back-stress tensors, respectively. The kinematic back-stress term is used
to represent the Bauschinger effect. This is important for accurate representation of the cyclic
stress-strain hysteresis loops, which in turn is critical for accurate life prediction. In the
present work, two back-stress terms are defined within a Ziegler non-linear kinematic
hardening model to describe the initial and later strain hardening regions, as follows:

x i =

(3.5)

Ci
(σ − xi ) p − γi xi p
(k + R )

x = x 1 + x 2

(3.6)

where Ci are the kinematic hardening moduli and γi are the corresponding rates of decay. Due
to a loss of the low-angle boundary micro-structure for the lath mis-orientation as explained
in Chapter 2, i.e. plastic-strain induced recovery via low-angle boundary dislocation
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annihilation [44, 97], 9Cr-1Mo steel undergoes cyclic softening. This is represented in the
cyclic plasticity model via the isotropic hardening model of Chaboche [126]:

R = b(Q − R )dp

(3.7)

where Q is the saturation value of the isotropic softening stress and b controls the rate of
decay leading to saturation. A negative value of Q allows modelling of the cyclic softening
phenomenon in the material at a continuum level [101]. It is important to note that small
displacement theory is assumed for the cyclic plasticity T-piece and tensile test simulations in
this chapter, due to the relatively small strain ranges of the HTLCF tests, viz. 0.6%, 0.8% and
1%, respectively, and the significantly smaller strains predicted for the T-piece (see details
below).

3.4 Parameter Identification, Calibration and Validation
3.4.1 Identification, Calibration and Validation of PM and WM Parameters
The constitutive parameter identification process for the PM of 9Cr-1Mo steel was described
by Barrett et al. [92,127], based on the cyclic plasticity test data from the uniaxial HTLCF
tests on PM. Following their approach, the parameters for PM and WM were identified from
the HTLCF tests [121]. The required material parameters are separated into two groups: (i)
elastic parameters and (ii) the cyclic plasticity material parameters. The elastic material
parameters are Young's moduli, E, and Poisson’s ratio, ν, which are identified from the
monotonic (1st cycle) test data. The cyclic plasticity parameters of cyclic yield stress, ky, nonlinear kinematic hardening constants (Ci, γi) and isotropic softening parameters (Q, b) are
determined using a step-by-step procedure, as described here.
Firstly, the isotropic softening constants (Q, b) are identified via consideration of the cyclic
softening curves. The isotropic hardening parameters are identified from the experimental
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data by plotting R = σ max − σ 0,max against the accumulated equivalent plastic-strain

p = abs(2 NΔε p )

.

Due to continued cyclic softening in 9Cr-1Mo steel, the value of Q (normally an asymptotic,
saturated value of R), is taken to be the cyclic softening value just prior to the onset of failure,
as highlighted in Figure 3.6. The parameter b, which describes the rate of decay of R, is then
adjusted to give the best fit to the experimental data, as shown in Figure 3.6.

Figure 3.6: Identification of the cyclic softening material parameters (Q, b) for the WM
[92,127].

The cyclic yield stress value is then identified following the approach described by Lemaitre
and Chaboche [126], based on plotting plastic-strain versus stress and estimating the length of
the vertical portion of the curve when the material response becomes stabilized, as illustrated
in Figure 3.7.
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Figure 3.7: Identification of the initial cyclic yield stress, ky, for the PM [92,127].

Finally, the non-linear kinematic hardening parameters (Ci, γi) are determined using the
approach developed by Zhan [128]. Under uniaxial loading conditions, Eq. (3.4) is rewritten
to define the stress, σ, as:

σ = x + (R + k )sgn (σ − x )

(3.8)

Integrating the uniaxial forms of Eq. (3.5) and (3.6) give the kinematic back-stress, x, and
isotropic softening stress, R, as follows:

x = x1 + x 2 =

(

)

(

C1
C
−γ ε
−γ ε
1− e 1 p + 2 1− e 2 p
γ1
γ2

)

(3.9)

R = Q(1 − e − bp )

(3.10)
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For the later stages of kinematic hardening, the initial back-stress, x1, will have a constant
(maximum) value of C1/γ1. Thus, taking the natural logarithm of the derivative of Eq. (3.9)
with respect to the plastic strain, εpl, gives:
 ∂σ

ln
− Qbe −bp  = ln (C 2 ) − γ2 ε p
 ∂ε

 p


(3.11)

In Eq. (3.11), the term ∂σ ∂ε p is evaluated using a process involving a Ramberg-Osgood
smoothing function and the kinematic back-stress constants, C2 and γ2, are identified from the

(

)

intercept and slope, respectively, of the plot of ln ∂σ ∂ε p − Qbe − bp versus the plastic strain,
εp, as presented in Figure 3.8(a) for the WM specimens. The constants for the first kinematic

(

back-stress term, viz. C1 and γ1, are identified by plotting ln ∂σ ∂ε p − Qbe − bp − ∂x2 ∂ε p

)

versus the plastic strain, εpl, as presented in Figure 3.8(b). C1 and γ1 are the kinematic
hardening modulus and associated rate of decay for short-strain ranges whilst C2, γ2 are the
corresponding values for long strain ranges. The introduction of such short and long range
values increase the accuracy of fitting to the measured hysteresis loop shapes [126,128]. The
same identification process was applied to the PM specimen test data, to identify the
corresponding parameters for the PM. The identified set of cyclic plasticity parameters for the
PM and WM are presented in Table 3.1.

Table 3.1: Identified cyclic plasticity material parameters for WM, PM of welded 9Cr-1Mo
steel at 500 °C.
Material

E
(MPa)

WM
PM

181000
170222

𝑘𝑦
(MPa)
325
130

C1
(MPa)

γ1

797311 8035
728687 12534
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C2
(MPa)

γ2

Q
(MPa)

b

79567
258073

719
1100

-150
-96.5

0.6
0.25

(a)

(b)
Figure 3.8: Identification of the non-linear kinematic hardening (NLKH) parameters (a) C2
and γ2 and (b) C1 and γ1 for the WM [92,127].
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(a)

(b)

(c)

(d)

Figure 3.9: Comparison of the model predicted and experimentally measured (a) stress-strain
response and (b) evolution of cyclic softening in the PM for an applied strain-range of 1.0 %
at 500 °C; (c) and (d) Constants validation of PM for an applied strain-range of 0.8% and
0.6%, respectively, with a strain-rate of 0.033%/s at 500 °C.
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This combined isotropic and kinematic hardening plasticity model described used here is
built into ABAQUSTM. Figure 3.9(a) illustrates the agreement between the calibrated model
and the experimental data, for the initial and half-life cycle of PM at 500 °C. For this study,
Nf corresponds to the number of cycles to fracture of the test specimen. The model is applied
to simulate Nf/2 cycles because the fracture mechanisms required to capture the final stage of
failure are not the focus of this work. The comparison of model and measured softening
behavior of the PM is shown in Figure 3.9(b). Validation of constants for PM for an applied
strain-range of ±0.4% and ±0.3%, respectively, are also provided in Figures 3.9(c) and (d).
The corresponding comparisons for the WM test specimen are presented in Figures 3.10(a)
and (b). The validation results for WM are shown in Figures 3.10 (c) and (d) as well.

(a)

(b)

Figure 3.10: Comparison of the model predicted and experimentally measured (a) stressstrain response and (b) evolution of cyclic softening in the WM for an applied strain-range of
1.0% at 500 °C. (c) and (d) are constants validation of WM for an applied strain-range of 0.8%
and 0.6%, respectively, with a strain-rate of 0.033%/s at 500 °C.
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(c)

(d)

Figure 3.10 (con’d): Comparison of the model predicted and experimentally measured (a)
stress-strain response and (b) evolution of cyclic softening in the WM for an applied strainrange of 1.0% at 500 °C. (c) and (d) are constants validation of WM for an applied strainrange of 0.8% and 0.6%, respectively, with a strain-rate of 0.033%/s at 500 °C.

3.4.2 Identification, Calibration and Validation of HAZ Parameters
Identification of the corresponding HAZ parameters requires iterative computations using a
FE model of the CW test specimen (cylindrical) gauge length, with the three separate
material zones (PM, WM, HAZ) modeled. Design of the FE mesh used for the CW test
specimen is based on the results of mesh convergence studies (the stress-strain responses are
not sensitive to the mesh when the number of elements is more than 1140 in the threematerial FE model), with particular emphasis on the weld zone interfaces where
discontinuities are expected (the element size is 0.1 mm in thickness). Hence, the final mesh
is designed to give appropriate refinement at the interfaces of the materials and HAZ, as
shown in Figure 3.11. Hence, a total number of 1140 quadratic quadrilateral elements of type
CAX8R have been used in the three-material model.
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Figure 3.11: Schematic representation of the three-material model of the CW specimen gauge
length.

Assuming that the WM is an isotropic material, the elastic modulus of kHAZ is obtained using
an in-series three spring model compatibility, which is used for representing the multimaterial zones, as follows:
(3.12)

x
x
xcw
x
= PM + HAZ + WM
kCW k PM k HAZ kWM

where kCW, kPM, kHAZ, kWM are the Young’s moduli identified from experimental data. xCW, xPM,
xHAZ and xWM are the lengths for each material in the tested CW specimen. Poisson’s ratio for
the HAZ is assumed to be 0.3. Based on the similarity of the CW and PM stress-strain curves
(Figure 3.5(a)), the initial values of the kinematic back-stress parameters for the HAZ are
assumed to equal those of the PM and the yield stress of ky was lower than the corresponding
value of PM based on the hardness test from Farragher et al. [121]. The remaining HAZ
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plastic parameters were fitted to the experimental CW stress-strain data by iteratively
comparing the three-material FE model response for the first and half-life cycles to the
corresponding measured CW responses (Figure 3.12).

Table 3.2: Identified cyclic plasticity material parameters for HAZ of welded 9Cr-1Mo steel
at 500 °C.
Material

E
(MPa)

HAZ

220000

𝑘𝑦
(MPa)
120

C1
(MPa)

γ1

763000 10284

(a)

C2
(MPa)

γ2

Q
(MPa)

b

168820

966

-80

0.1

(b)

Figure 3.12: Typical correlation of the predicted and measured evolution of CW stress-strain
response for (a) the initial cycle and (b) the half-life cycle for an applied strain-range of 1.0%
and strain-rate of 0.0333%/s at 500 °C.

The set of identified cyclic plasticity parameters for the HAZ is given in Table 3.2. The
degree of cyclic softening (Q) and decay rate (b) in the HAZ (-80 MPa, 0.1, respectively) is
found to be significantly less than that in the WM (-150 MPa, 0.6, respectively); which is
reflected in the cyclic softening test data in Figure 3.5(b). A comparison of the predicted and
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experimentally-measured stress-strain CW response for the calibration strain-range of ±0.5%
and strain-rate of 0.033%/s using FE model are presented in Figure 3.12. The corresponding
comparisons for the ±0.3% and ±0.4% strain ranges showed a similar quality of correlation,
as shown in Figure 3.13.

(a)

(b)

Figure 3.13: Constants validation for CW for applied strain-ranges of (a) 0.8% and (b) 0.6%
and strain-rate of 0.0333%/s at 500 °C.

3.5 Results and Discussion
3.5.1 Cyclic Plasticity Analyses of a Uniaxial Welded Joint
Figures 3.13 to Figure 3.15 present the cyclic evolutions of von Mises stress, axial plastic
strain and equivalent accumulated plastic-strain in the gauge section of the CW specimen, for
a nominal applied strain-range of 1.0% and nominal strain-rate of 0.0333%/s. These results
illustrate (i) a significant degree of inhomogeneity across all three zones and (ii) significant
evolution in the distributions of these variables due to the differences in softening parameters
across the three zones.
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WM

HAZ

PM

(a)

(b)

(c)

Figure 3.13: Evolution of von Mises stress in the FE model of the CW specimen, for a 1.0%
strain-range for (a) the initial cycle, (b) 100th cycle and (c) half-life at 500 °C.

(a)

(b)

(c)

Figure 3.14: Evolution of (axial) plastic strain distribution in the FE model of the CW
specimen, for a 1.0% strain-range for (a) the initial cycle, (b) 100th cycle and (c) half-life at
500 °C.
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(a)

(b)

(c)

Figure 3.15: Evolution of equivalent plastic-strain distribution in the FE model of the CW
specimen, for a 1.0% strain-range for (a) the initial cycle, (b) 100th cycle and (c) half-life at
500 °C.

As is evident from Figure 3.13, there is a significant inhomogeneity (~ 150 MPa) of von
Mises stress across the CW specimen zones for N = 1, with peak and trough values either side
of the WM-HAZ interface. The peak von Mises stress is predicted in the WM. With
continued cycling to the half-life (495 cycles), the stress relaxes significantly in the WM and
the WM-HAZ discontinuity of von Mises stress-range decreases to approximately 100 MPa.
Concomitantly, a discontinuity develops at the HAZ-PM interface, with a peak value on the
PM side.
Referring to Figure 3.14, there is an initial concentration of axial plastic strain at the HAZPM interface, with a peak in the HAZ. This is attributed to the lower initial yield stress of the
HAZ (cf Table 3.2). Under continued cycling, the HAZ continues to soften, giving an
increased extent of concentration of axial plastic strain in the HAZ, particularly at the HAZPM interface. For the CW tests, to which this analysis corresponds, this prediction also
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corresponds to the location of premature failure in the test, i.e. at the HAZ-PM interface [121]
as illustrated in Figure 3.14. Furthermore, at the half-life, there are regions of concentrated
axial plastic strain of up to 4% in the HAZ, outer surface and central axis. This represents a
strain concentration factor of ~8, given that the maximum applied strain is 0.5%. This
illustrates the ability of the calibrated model to predict the correct location of failure and also
highlights the necessity to be able to predict the constitutive behavior in a welded connection
under cyclic deformation.
It is also of interest to investigate the equivalent accumulated plastic-strain, as presented in
Figure 3.15, which has been proposed by a number of authors, e.g. Sweeney et al. [129], as a
fatigue indicator parameter for crack initiation prediction. The predicted equivalent
accumulated plastic-strain displays a concentrated region of significant magnitude at the halflife, focused on the HAZ-PM interface. It is important to note that the concept of equivalent
plastic strain has no direct physical interpretation and cannot be measured, for example.
However, it is a very useful artifice for quantifying total accumulated plastic deformation in
cyclic responses as a measure of accumulated isotropic hardening or softening, for example,
as employed here. Hence, the very large values of p shown in Figure 3.15 do not relate in any
way to directly measureable plastic strains. The large values result from the large number of
plastic cycles accumulated (see Eq. 2.22).

3.5.2 Branch Header T-Joint
The calibrated material model is applied to the case of the Aghada T-joint welded connection
(Figure 3.1) in a branched header unit which cracked in service. The geometry is obtained
from a combined cycle gas turbine plant header unit and is used to investigate the cyclic
plasticity behavior of in-service welds. This T-joint failed prematurely, after less than 10,000
hours of high temperature, flexible service. The branch has two weld sections, one connecting
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the weldolet to the header and the other connecting the weldolet to the branch. Key
geometrical information for the T-joint is presented in Table 3.3. The length of the HAZ can
be obtained by polishing the surface of welded region in T-piece from the power plant and
using microscopy to observe the differences in microstructure between the WM, PM and
HAZ regions, as presented by Farragher for the 9Cr-1Mo of this work [121] and other authors
for other materials [6,7,31].

Table 3.3: Key dimensions of the header-branch T-joint.
Pipe Section
Branch
Header
Branch weld
Branch HAZ
Fillet Weld radius
Fillet Weld HAZ

Inner Radius
(mm)
107.1
141.4
─
─
60
─

Thickness
(mm)
29.4
26.1
15
1.5
7.2

In order to investigate an envelope of possible cyclic plasticity responses for the T-piece,
within the constraints of the identified PM-WM-HAZ material model data, different
combinations of internal pressure, system constraint and thermal cycle conditions are
investigated, as tabulated in Table 3.4. Two internal pressures are considered: (i) a typical
operating (subcritical) pressure of 17 MPa and (ii) a significantly increased, USC operating
pressure of 25 MPa. Two different thermal conditions are considered: (i) an isothermal
condition (500 °C) and (ii) a small fluctuation of temperature between 480 oC and 520 oC, and
over this range of temperatures it is considered reasonable to assume that the 500 °C material
constants are unchanged. Finally, two different system constraint conditions are considered:
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(i) closed-end condition for the end cap, and (ii) extreme system constraint, leading to
constrained end cap in the axial direction, as illustrated in Figure 3.16.

Table 3.4: Summary of the results of the T-joint case study
Thermal Condition
Isothermal 500 oC

480 oC - 520 oC, inphase with cyclic
pressure

Pressure Load (MPa)
17 (case 1)
25
17
25
17
25
17
25 (case 2)

Branch End BC
Axial Pressure
Axial Pressure
Axial Constrained
Axial Constrained
Axial Pressure
Axial Pressure
Axial Constrained
Axial Constrained

Outcome
Elastic Shakedown
Elastic Shakedown
Elastic Shakedown
Elastic Shakedown
Elastic Shakedown
Elastic Shakedown
Elastic Shakedown
Ratcheting

(a)
Figure 3.16: Loading and boundary conditions on the T-joint FE model for (a) case 1 and (b)
case 2.
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(b)
Figure 3.16 (cont’d): Loading and boundary conditions on the T-joint FE model for (a) case
1 and (b) case 2.

The mesh development procedure for the T-piece is a complex process, especially due to the
geometrical complexity and need for explicit modeling of the weldment regions. Figure 3.17
shows detail of the mesh refinement for the final FE model (David Joyce, 2015). This final
mesh used a combination of 61,495 brick and tetrahedral elements, 31,854 hexahedral
elements of type C3D8, 2400 linear hexahedral (brick) elements of type C3D8R, 27,241
quadratic tetrahedral elements of type C3D10. The use of brick elements was critical to
analyse the HAZ in the weld saddle toe and the HAZ in the 15 mm weldment in the branch
header, as shown in Figure 3.17. The element sizes (in thickness) in these two regions are 0.5
mm and 1.35 mm, respectively. Tetrahedral elements were used in the fillet weld because the
geometry was too complex to apply hexahedral elements. It is also evident in Figure 3.17,
that there is a mesh concentration of tetrahedral elements at the inner bore crotch region
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where the WM resides between the weldolet and the steam header since this is an area of high
possibility of stress concentration. A mesh sensitivity study was conducted at this region to
establish converged elastic-plastic stresses. Five meshes were used with varying density from
coarser to finer mesh densities. It was shown that the mesh using 61,495 tetrahedral elements
with the smallest element size of 1.7 mm (the length of the tetrahedral element) provided the
same result as a significantly more refined fine mesh of 128,748 elements.

(a)
Figure 3.17: Detail of mesh (a) in the fillet weld and (b) the HAZ in the 15 mm weldment
between the branch header and the weldolet (David Joyce, 2015).
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(b)
Figure 3.17 (cont’d): Detail of mesh (a) in the fillet weld and (b) the HAZ in the 15 mm
weldment between the branch header and the weldolet (David Joyce, 2015).

A key objective of this T-piece study was to examine the effects of the inhomogeneous cyclic
plasticity, especially softening of the PM, WM and HAZ zones, on the T-piece response.
Thus, this evolution of constitutive behavior could be expected to give rise to elastic
shakedown, plastic shakedown or ratcheting within the complex multi-axial geometry of a Tjoint. In total, of the eight different T-joint analyses studied in Table 3.4, seven cases led to
plastic deformation in the HAZ regions, followed by elastic shakedown. It is also of interest
to investigate the possible failure modes and locations indicated by these multi-material
analyses, albeit with somewhat limited assumptions. Only the case of high internal pressure,
25 MPa, with fluctuating temperature and extreme system constraint, gave cyclic plasticity,
more specifically ratcheting, as given in Table 3.4.

Case 1: Isothermal, Normal Operating Pressure with Closed Ends
Isothermal conditions were specified in this first model, in order to assess the predicted
plastic deformation behavior and the predicted failure locations. Note that thermal expansion
loading is considered in this model but not transient thermal gradients, due to the assumption
of isothermal conditions in the analyses. Contour plots of the results from this simulation for
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the first cycle are presented in Figures 3.18 to Figures 3.20. In each contour plot, the outer
wall is shown in the left plot and the inner wall is shown in the right plot. There are two
regions with concentrations of maximum principal stresses; the inner crotch, labeled A, and
the outer saddle position, labeled B in Figures 3.18. The directions of the principal stresses at
these sites are shown by the vector plots in the inset images of Figures 3.18. These illustrate
the directions of the maximum (tensile) principal stresses. Of specific interest here is the
concentration of tensile stress at the saddle HAZ location (labeled B) and direction of these
principal stresses. This location is the observed location of premature cracking in a T-piece of
similar geometry (see inset in Figures 3.19).

Figure 3.18: Contour plots of maximum principal stress distribution for the case 1 model of
the T-joint. The two primary areas of interest are labelled A and B, with vectors indicating
the direction of maximum principal stresses and possible tensile fatigue failure.
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Figure 3.19: Contour plot of equivalent plastic strain in the T-joint model, showing a
concentration in the weldolet-header HAZ at the inner bore crotch region for Case 1 with an
internal pressure of 25 MPa.

For this same location (B), with the tensile principal stress concentration in Figures 3.18, the
contour plot of equivalent plastic strain in Figures 3.19 also shows a HAZ concentration,
associated with the initial plastic deformation. As cyclic softening in 9Cr steels is primarily
due to plastic strain induced recovery, the low plastic strain-range for an applied internal
pressure of 17 MPa (as illustrated in Figures 3.20) is expected to result in negligible softening.
Elastic shakedown has occurred at this stage and hence no further cycles are simulated.
Figure 3.20 shows the effect of applied pressure on the evolution of σ11 ~ ε11 response at this
HAZ location. A small initial plastic strain of 0.005% is predicted at the end of the first
loading cycle. Also shown in Figure 3.20 is the response for an internal pressure of 25 MPa,
resulting in initial plasticity of 0.05%, also with elastic shakedown. This result highlights
potential issues with operating power plants at higher pressures (i.e. corresponding to USC
plant operation). Coupled with typically higher USC plant operating temperatures, higher
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pressures will result in higher plastic strains and hence, increased risk of premature
component failure.

Figure 3.20: Predicted evolution of σ11-ε11 response of the weldolet-header HAZ inner bore
crotch region hot-spot, for 17 MPa and 25 MPa internal pressure load cases.

Case 2: Extreme USC TMF Operating Conditions
The second case of specific interest here corresponds to a USC cyclic pressure of 25 MPa
with an in-phase small cyclic temperature fluctuation from 480 °C to 520 °C, with a fixed end
constraint on the branch end. In this work, all the constants were specified at the mean
temperature of 500 °C. This particular model configuration can be regarded as the possible
extreme load condition within existing operational parameters. The resulting distribution of
predicted equivalent accumulated plastic strain after 51 cycles is shown in Figures 3.21.
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Figure 3.21: Contour plots of predicted equivalent plastic strain for the Case 2 T-joint model
after 51 cycles, showing a concentration in the weldolet-header HAZ at the inner bore crotch
position for an internal pressure of 25 MPa.

There are clear concentrations of accumulated equivalent plastic strain of about 0.3% in the
weldolet HAZ at the inner crotch position (i.e. at location A). The effect of applied pressure
on the evolution of σ11 − ε11pl (hoop) response accompanying the temperature variation is
shown in Figure 3.22.

Figure 3.22: Predicted evolutions of hoop stress-plastic strain response of the weldolet-header
HAZ at the inner bore crotch region hotspot, for Case 2.
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This component will deform plastically when the stress exceeds 120 MPa, the yield stress of
the HAZ. Initially, a plastic strain of 0.024% is predicted, followed by a clear ratcheting
effect, due to the fluctuating thermally-induced strains. The equivalent ratcheting strain (Δεr)
in this direction gradually decreases as the cycles continue, indicating a tendency towards
plastic shakedown, which can be calculated as Δε r =

2 r r
Δεij Δεij . Δεijr are the ratcheting
3

strain components of each cycle. However, it does not go to zero, as illustrated in Figure 3.23.

Figure 3.23: Multi-axial ratchetting strain evolution of weldolet-header HAZ at the inner bore
crotch region hot-spot for Case 2.

Obvious softening effects can be seen, whereby the σ11 stress component in this HAZ hotspot
of the T-joint deceases continuously from 243 MPa at the 1st cycle to 184 MPa at the 51st
cycle. The total axial plastic strain is 0.06 % after 51 cycles. The ratcheting response was
found at both the weldolet-header and weldolet-branch HAZ regions (Figures 3.21). It also
can be observed that the equivalent ratcheting strain is dominated by the σ11 stress component.
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For this ratcheting behavior, the number of ratcheting cycles to failure, Nf, may be estimated
by the following equation:
Nf

∑ Δε
i =1

r

(3.13)

= ε*f

where ε *f refers to the multi-axial failure strain. The void growth model proposed by Rice
and Tracey is adopted here as a method to describe the triaxiality effect on multi-axial failure
strain, which is presented as follows [49]:
ε*f
εf

=

(3.14)

0.521
 3 σm 

sinh 
 2 σe 

where εf is the uniaxial failure strain and the triaxiality is the ratio of σm to σe. σm is mean
stress and σe is von Mises equivalent stress. Figure 3.24 shows the predicted evolutions of
triaxiality response at the hotspot of the weldolet-header HAZ, with the following equation
used here to obtain the average value of triaxiality:

 σm 
1
  =
 σ e  av N T

∫

NT

0

σm
dN
σe

(3.15)

where NT is the total number of cycles. Thus, the average calculated triaxiality value is
approximately 0.5672.
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Figure 3.24: Predicted evolutions of triaxiality variation response in the weldolet-header HAZ
at the inner bore crotch region hot-spot, for Case 2.

The failure strain of a uniaxial 9Cr-1Mo CW test specimen is approximately 13.5%, based on
a monotonic test at 500 °C [130]. Using Eq. (3.14) and (3.15), this results in a predicted
multi-axial failure strain for this T-joint of 7.35% and a predicted number of cycles to failure
of approximately 3500 cycles. Assuming three temperature-pressure fluctuation cycles per
day (which is an extreme case also), corresponds to predicted failure after 3.2 years.

3.6 Summary and Conclusions
A multi-material PM, WM and CW FE analysis method coupled with a non-linear kinematic
and isotropic hardening cyclic plasticity model has been calibrated and validated against
uniaxial HTLCF testing of 9Cr-1Mo steel and applied to the analysis of a 9Cr-1Mo welded
branch header T-joint connection. The results highlight the importance of incorporating
multi-material cyclic plasticity parameters for prediction of plasticity and stress evolution in
such welded connections. Some key conclusions are as follows:
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•

Identification, calibration and validation of constitutive behavior parameters of PM,
WM and HAZ from uniaxial cyclic experimental tests of 9Cr-1Mo at 500 °C has
facilitated new insight into the evolutions of uniaxial CW tests.

•

Detailed analyses of uniaxial CW specimens illustrate the complex stresses and
strains in the vicinity of the heat affected zone. The heat affected zone is shown to
play a critical role in the evolution of plastic strain and localized stresses. The
evolution in the predicted stress distributions and stress-strain responses between the
first cycle and those in the latter stages of the cyclic response are significantly
different.

•

The modeling results show that the plastic strain concentrates at the interface of PMHAZ. This result is in agreement with the HTLCF experimental tests, where failure in
the Type-IV cracking region was observed [121,122].

•

Plasticity was predicted to occur at the region of weldolet-header HAZ in a 9Cr-1Mo
welded branch header T-joint under isothermal conditions leading to elastic
shakedown. The predicted critical location, due to a combined concentration of
maximum tensile principal stress and HAZ plastic strain, corresponds to a location of
observed premature cracking for in-service conditions.

•

In-phase, fluctuating ±20 oC temperature variation with a mean value of 500 oC, with
a significant increase in operating pressure and an assumed extreme system constraint
on the branch end, was predicted to lead to cyclic plasticity and ratchetting in the
weldolet-branch and weldolet-header HAZ at the inner crotch position. A strain-based
failure model, with triaxiality effects included for multiaxial failure strain, was
adopted to estimate failure life for the T-joint.
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•

Creep effects have not been simulated in this chapter, due to the focus on cyclic
loading for high flexibility conditions. However, clearly real plant will experience
long term thermal loading and therefore also creep effects. One could expect such
creep to cause stress relaxation leading to reduced localised stress concentrations.
Future work should investigate such creep effects in the context of creep-fatigue
loading etc.

There are two predominant explanations to account for the associated premature failure in
9Cr-1Mo welds. One attributes it to microstructural gradients leading to different deformation
and stress and strain states in each region [57,131], and the other attributes it to the weakness
in the weldments due to the low strength of the HAZ [11, 40, 54, 55]. The former could be
considered a mechanics-based explanation which was addressed in this chapter and the latter
a microstructure-based explanation. The HAZ is a small-size region (2~3mm) and exhibits
heterogeneities in micro-structure due to thermal gradients during welding, which causes a
significant difference in mechanical properties comparing PM and WM. Therefore, it is
important to characterize the mechanical properties of welded joints by identifying PM-HAZWM, simultaneously.
The findings of this chapter motivate a more detailed investigation of the premature failure of
9Cr-1Mo welded steel in the interface zone and, in particular, the IC-HAZ region. In the
following chapters, the premature failure in welded 9Cr-1Mo steel will be explained from the
latter perspective based on material defects after welding of HAZ region. Such failure can be
a result of material inhomogeneity within the HAZ and has been linked with regions of a
small amount of ferrite phase and tempered martensite within the inter-critical region of 9Cr1Mo welds. Thus, the following chapters are concerned with crystal plasticity modeling step
by step for the IC-HAZ region in 9Cr-1Mo welded steel.
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4. Crystal Plasticity Modelling of Material
Inhomogeneity in Welded 9Cr Steel
4.1 Introduction
Detailed FE analyses of uniaxial CW specimens in Chapter 3 illustrate that the stress and
strain distributions at the PM-HAZ interface region evolve significantly throughout the
duration of the tests. The interface region is shown to play a critical role in the evolution of
plastic strain and localized stresses, where the premature failure usually can be observed, as
illustrated in Figure 3.14. The failure in 9Cr-1Mo weldments operating at high temperatures
often occurs in the HAZ adjacent to the PM, which can be attributed to different deformation,
stress and strain states in each region, as explained in Chapter 2.
In this chapter, according to the material inhomogeneity of IC-HAZ in welded 9Cr steel, twodimensional Voronoi Tessellation (VT) for micro-structure modeling is firstly described and
then used to construct polygonal Voronoi cells to represent the micro-structure of the ICHAZ in a welded 9Cr-1Mo martensite steel. The lattice orientation at each material point is
specified by three Euler angles, which are assumed to be randomly distributed, to represent
the initial lack of texture in the IC-HAZ. The constitutive response is represented by a
nonlinear, rate-dependent, finite-strain crystal plasticity model.

The objective of this chapter is to capture the localised deformation characteristics of a small
amount of soft ferrite phase embedded within a hard martensite matrix in the IC-HAZ of 9Cr1Mo welded steel through a crystal plasticity approach. This represents an initial step for the
investigation of localized micro-cracks and their subsequent growth for this mixed-phase case
in IC-HAZ material in 9Cr-1Mo weldments.
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4.2 Generation of Poly-crystal Geometries
VT algorithms are used in many different fields for the generation of two-dimensional
polygon or three-dimensional polyhedron geometries, based on the isotropic growth of crystal
cells from a set of nuclei points for a three-dimensional columnar microstructure. Thus, this
algorithm can be used to generate random crystallographic FE morphologies. Poly-crystal
morphologies with a three-dimensional columnar micro-structure in hexagonal grains were
generated, allowing for modelling of micro-mechanical deformation of poly-crystal materials
[132, 133]. The approach adapted in this work is similiar to previous investigations using
equiaxed grains with a columnar shape in three-dimensional morphologies [134, 135].
The process for generation of a poly-crystal geometry with three-dimensional columnar
micro-structures is illustrated in the flowchart, given in Figure 4.1, with the idealized microstructure generation comprising of 200 poly-crystals as an example. A combination of
MATLAB and FORTRAN code was developed to generate the geometry of the
microstructure. As shown in Figure 4.1, the random nuclei points have to be transformed into
periodic points firstly, allowing for the application of periodic boundary conditions to ensure
that the grain boundaries on opposite faces of the generated micro-structure are aligned. The
RVE for a two-dimensional 4-node element mesh generated by GMESH is extended by
MATLAB code into an 8-node element (C3D8) in ABAQUSTM and to create the threedimensional columnar FE model.
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Figure 4.1: The flow chart for generation of poly-crystal geometry with three-dimensional
columnar to show the idealized micro-structure generation comprising of 200 poly-crystals as
an example.

Various alternative methods have been developed for the enhancement of the micro-structure
modelling to realize the real poly-crystal morphology, such as the details of grain size
distribution, poly-crystal geometries and the poly-crystal orientation [100, 110, 136, 137]. An
RVE, starting from the material micro-structure obtained from SEM image, has been
successfully shown to generate crystal morphologies with the geometry distribution which
more closely represents the real micro-structure of steel [137], as shown in Figure 4.2.
Material micro-structure acquired by EBSD measurement with the data of crystallographic
orientations of different grains was successfully implemented within the FE approach for
poly-crystal modelling to carry out TMF analysis for 9Cr-1Mo steel [100].
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(a)

(b)

Figure 4.2: (a) SEM image showing microstructure; (b) FE meshes corresponding to the
micro-structure [137].

Figure 4.3: Periodic boundary conditions applied on the RVE [48].
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4.3 Periodic Boundary Condition
The RVE geometry is two-dimensional, with out-of-plane deformations incorporated through
the use of three-dimensional elements (C3D8 in ABQUSTM) and periodic boundary
conditions in the out-of-plane direction. The detailed boundary conditions to achieve uniaxial
tension loading are illustrated in Figure 4.3.

(a)

(b)

Figure 4.4: Illustration of Voronoi constructions with RVEs consisting of, (a) threedimensional columnar, and (b) 3D-equiaxed grains. Grains can be identified based on the
crystallographic orientation [134].

A displacement u2 is applied in the y-direction on the top left corner. The constraint equation
of boundary conditions applied on the corresponding nodes at the left and right surfaces are
[48,134]:
u(0, y, 0) − u(0, 0, 0) = u(w, y, 0) − u(w, 0, 0),

(4.1)

where u is the nodal displacement vector and w is the width of the RVE. The constraint
equation of boundary conditions applied on the corresponding nodes at the top and bottom
surfaces are:
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u(x, h, 0) − u(0, h, 0) = u(x, 0, 0) − u(0, 0, 0),

(4.2)

where h is the height of the RVE. The constraint equation of boundary conditions applied on
the corresponding nodes at the front and back surfaces are:
u(x, y, c) − u(0, 0, c) = u(x, y, 0) − u(0, 0, 0).

(4.3)

where c is the thickness of the RVE. The node located at (w, 0, 0) is ﬁxed in the y direction to
suppress rigid body displacement and rigid body rotation about the z axis; the node at
location (0, 0, c) is ﬁxed in the x and y directions to suppress rigid body displacement and
rigid body rotation about the x and y axis. In the out-of-plane direction the mesh has oneelement thickness, representing the grains as columnar in the out-of-plane direction.
Illustrations of three-dimensional columnar and three-dimensional Voronoi constructions are
provided in Figure 4.4 [134]. It has been demonstrated that this method is effective in
modelling the mechanical response of this material [138] under in-plane loading. This
pseudo-three-dimensional representation of the micro-structure provides a good prediction of
the stress and strain distributions obtained using this approach when compared with a full
three-dimensional VT model, as shown in [138]. In Knezevic et al. [139], comparisons have
also been made between three-dimensional columnar and full three-dimensional models of
polycrystalline materials using the crystal plasticity approach. In their simulations from
Knezevic et al, plane strain elements were used in the three-dimensional columnar models
which would be expected to over-constrain the out of plane displacement. The comparison
between three-dimensional columnar and three-dimensional Voronoi constructions found that
while the predicted strain patterns were similar in the three-dimensional columnar, threedimensional analyses and the distributions of grain shapes after deformation are similar, the
three-dimensional-columnar simulations tended to predict higher levels of plastic strain.
Thus, it can be confirmed that that the three-dimensional columnar simulations will predict
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the correct trends in terms of deformation patterns in this and the following chapters,
although the predicted strain magnitudes may be higher than those that would be predicted in
a full three-dimensional simulation.

4.4 Orientation Representation
4.4.1 Pole Figure
A pole figure is a graphical representation of the orientation of the measured objects in space.
Any plane within this sphere has a pole, calculated by finding the point of intersection on the
planes normal to the sphere. Therefore, the distribution of poles on a pole figure is actually a
description of the orientations of the planes present. Figure 4.5 shows a crystal embedded
within a reference sphere. It highlights the varied orientations of the crystal faces and the
corresponding pole points.

Figure 4.5: Stereographical projection of a reference sphere with an embedded crystal
highlighting corresponding pole points.

Pole figures in the form of stereographic projections are used to represent the orientation
distribution of crystallographic lattice planes in crystallography and texture analysis in
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materials science, as provided in Figure 4.6(a) showing the stereographic projection of the
crystal with the faces identified by Miller indices, which are formed by plotting a threedimensional vector as a point on a unit reference sphere. Typically, the external frame is
defined by the normal direction (ND), the rolling direction (RD), and the transverse direction
(TD) in a sheet. The ND in the sample coordinate system is usually taken to be the north pole
of the reference sphere. The pole figures can be visualised in a two-dimensional field by
showing the poles on a single plane; an example of a pole figure, visualised in twodimensions with the equator plane can be seen in Figure 4.6(b), which is a typical inverse
pole plot of steel on the equator plane.

(a)

(b)

Figure 4.6: (a) the stereographic projection of a reference sphere; (b) typical inverse pole plot
of a cubic crystal on the equator plane.

4.4.2 Inverse Pole Figure
Inverse pole figures (IPF) are another useful method of visualising crystallographic
orientation. This method is used for the steel with a cubic structure and differs from the pole
figures by the way the sphere is characterised. The [100], [010] and [001] directions are lined
up parallel to the TD, RD and ND, respectively. The reference sphere can be divided into 24
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curvilinear triangles in Figure 4.6(a), each of which has <100>, <110> and <111> directions
at its corners. Due to the symmetry in the cubic crystal, these triangles are identical, and
therefore only one triangle is required to capture the crystal orientation information. The
standard triangle is the most commonly used triangle to visualise the orientation information
in cubic crystals, as illustrated in Figure 4.7.

Figure 4.7: IPF colour map for 9Cr-1Mo steel using EBSD scan technique [48].

4.5 Crystal Plasticity Constitutive Model
The crystal plasticity finite element (CPFE) model considers the microstructural deformation
at grain level, accounting for elastic and plastic flow anisotropies for the interaction effect
between the neighbouring grains, although, for simplicity, without considering a size effect
(length scale dependent plasticity).
Following [109], the deformation gradient F is decomposed into components, Fe and Fp, as
follows:

F = F eF p,

(4.4)
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where Fe is the elastic deformation gradient due to the reversible response of the lattice to
external loadings and rotation, while Fp is an irreversible deformation gradient due to slip.
The inelastic slip rate, γ α , on a slip system α is represented by a thermally activated flow
rule [108] dependent on the resolved shear stress


 F
τα − Sα
α
0
γ = γ0 exp −
1−
τ0
 kT


h1

h2

τ α , as follows:



,



(4.5)

In Eq. (4.5), T and k are absolute temperature and Boltzmann constant, respectively. The
material constants are: F0, the total free activation energy needed to overcome the lattice
resistance; τ0, the lattice friction stress at absolute temperature; h1 and h2 are the exponential
constants and γ0 is the pre-exponential constant. The resolved shear stress τα on a given slip
system, is defined as follows:

τ α = ( F e ) Τ F eT ∗ : (m α ⊗ n α ),

(4.6)

where mα and nα are unit vectors to define slip direction and slip plane normal in the
reference configuration. In Eq. (4.6), T ∗ indicates the stress elastically work-conjugate to the
elastic Green strain and may also be considered as the second Piola–Kirchhoff stress as
shown in Eq. (2.14) pushed forward to the intermediate configuration as follows:

T ∗ = ( F e ) -1 Jσ ( F e ) - T ,

(4.7)

where J = det(F), σ and Jσ are the Cauchy and Kirchhoff stress, respectively. The slip
resistance Sα in Eq. (4.5) is defined as,
β
N
α
αβ  S sat − S


S = ∑h 
β =1
 S sat − S 0

 β
 γ ,


(4.8)
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where hαβ in Eq. (4.8) is the hardening matrix and Ssat is the saturated slip resistance with
initial value S0. N denotes the total number of slip systems. The hardening matrix, hαβ, can be
written as:

[

]

h αβ = hs ω1 + (1 − ω 2 )δαβ ,

(4.9)

where hs is a material constant for all slip systems (active and inactive) and δαβ is the
Kronecker delta. The slip resistance hαβ depends not only on the active slip systems α (selfhardening) but also on the non-active slip system β (latent hardening), through the constants
ω1 and ω2 [134]. If ω1 = 1, ω2 = 1 all slip systems harden equally, irrespective of whether
active or not, leading to isotropic crystallographic hardening (Taylor hardening, [140]). Based
on recent studies [135,136] this model (ω1 = 1, ω2 = 1) has been used in this thesis. The
material model defined has been previously implemented in a user subroutine (UMAT) [135]
for the non-linear commercial FE code ABAQUSTM (2016).

4.6 Results
4.6.1 RVE Size Determination
In order to predict the localised inelastic response of the IC-HAZ material in 9Cr-1Mo
weldments, a representative micro-structure generated using VT, as explained in Section 4.2,
has been constructed and this includes sufficient numbers of convex polygonal grains to
represent the overall mechanical behaviour of the material. RVEs with different numbers of
grains are shown in Figure 4.8 and the corresponding PAG size in each RVE are 30 µm, 10
µm and 6 µm, respectively. The length of the side is 145 µm for all three RVEs. Here each
polygon represents a martensite grain (or ferrite grain) with a different crystal orientation in
the polycrystalline model. It should be noted that the martensite grain will not generally take
the shape of regular polygons, as explained the micro-structure of 9Cr-1Mo steel in Chapter
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2 and the current approach is a first step at a physical representation of the material microstructure for the welded martensite 9Cr-1Mo steel. The generation of hierarchical microstructures of welded 9Cr-1Mo steel are described in more detail in the Chapter 5.

(a)

(b)

(c)

Figure 4.8: Three RVEs consisting of different numbers of grains with random
crystallographic orientations, (a) RVE with 20 polygonal grains; (b) RVE with 200 polygonal
grans; (c) RVE with 600 polygonal grains.

The two-dimensional model is constructed with each grain randomly assigned with three
Euler angles to specify the orientation. A FE mesh is then generated using three-dimensional
elements, with one element through the thickness extruded in the normal direction (z
direction in Figure 4.8). Grain boundaries are assumed to be perfectly bonded and no special
elements are used at grain boundaries. The RVE is loaded with a uniform monotonic
displacement in the y direction. Periodic boundary conditions are applied through constraint
equations that have been introduced in Section 4.3, to represent a large (infinite) collection of
grains. Periodicity in the z direction corresponds to the case of columnar grains.
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As illustrated in Figure 4.8, three different RVEs were constructed to investigate the
sensitivity of the response to the RVE size, i.e. the number of grains in the RVE. Note that
since a length-scale independent model is used in this work, there is no grain size effect on
the result. Each RVE is loaded with a uniform monotonic displacement up to a strain of 1% at
a strain rate of 0.1%/s. The resultant true strain-stress curve is shown in Figure 4.9. It may be
seen that a converged solution is obtained when the number of grains exceeds 200. Further
study on the 200-grain RVE demonstrated that for three different random sets of grain
orientations, as measured by the three Euler angles (see Figure 4.10), the same response is
obtained (see Figure 4.11), confirming that the 200 grain RVE provides a representative
response of the 9Cr-1Mo steel.

Figure 4.9: RVE size effect on monotonic stress–strain response (macro-response).
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(a)

(b)

(c)

Figure 4.10: 200-grains RVE with three random distributions of crystal orientations. The
second Euler angles are used to represent crystallographic orientations in the poly-crystal FE
model.

Figure 4.11: Effect of three different random lattice orientations on the monotonic stress–
strain (macro-response) of the 200-grain RVE.
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4.6.2 Model Calibration
9Cr-1Mo steel has a crystalline structure made up of ordered repeating units which are
typically BCC, as reported in Chapter 2. There are 48 slip systems in 9Cr-1Mo steel,
comprising of three different types; twelve {110}<111> slip systems, twelve {112}<111>
slip systems and twenty-four {123}<111> slip systems (see Table 4.1). This results in more
ductile behaviour than face-centred cubic (FCC) systems, where there are 12 slip systems and
hence fewer paths for the motion of mobile dislocations and hence, plastic deformation.
Plastic deformation in crystalline materials is manifested in the form of plastic slip, i.e.
sliding of atoms along the crystallographic or slip plane. Plastic slip occurs along the most
densely packed crystallographic plane in the closest packed direction. Figure 4.12 shows
examples of a slip system for each of these slip families.

Table 4.1: Slip systems of BCC structure.
BCC slip systems

Slip normal
Slip direction

1

2

3

{110}

{112}

{123}

<111> <111> <111>

Number of slip systems

12

12

24

Figure 4.12: Examples of slip systems for BCC structure corresponding to each slip system
family. In each figure the arrow and the blue lines indicate the slip plane and slip direction,
respectively.
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Numerous researchers, e.g. [141], have argued that for BCC crystals, the slip along {110}
slip planes is the dominant deformation mode at room temperature. Therefore, only the
dominant twelve {110} slip systems of BCC are considered in the remainder of this work.
Table 4.2 gives the list of {110} slip systems that are used in the user subroutine (UMAT) in
this thesis.

Table 4.2: 12 slip systems list used in the crystal plasticity model
System
1
2
3
4
5
6
7
8
9
10
11
12

Plane normal Slip direction
(011)
[111� ]
(101)
[111� ]
(11� 0)
[111� ]
(011� )
[11� 1� ]
(101)
[11� 1� ]
(110)
[11� 1� ]
(011)
[11� 1]
(101� )
[11� 1]
(110)
[11� 1]
[111]
(011� )
[111]
(101� )
[111]
(11� 0)

The crystal plasticity material model described here has a total of 10 independent material
constants. The results in [57] showed that the measured tensile response of the IC-HAZ was
very similar to that of the PM of 9Cr-1Mo steel. Thus, since the volume fraction of the ferrite
phase in the IC-HAZ is low [40], the response of the martensite phase of the IC-HAZ can be
represented by that of experimental data. Table 4.3 gives the parameters of the martensite
phase (IC-HAZ) at room temperature used in this work, obtained by calibrating the material
parameters in Eq. (4.5) and (4.8), with the 200 grain RVE to match the measured tensile
response of 9Cr-1Mo steel. The values of h1 and h2 in the flow rule, Eq. (4.5) are those
suggested in [141] for a BCC material, viz. h1 = 0.5 and h2 = 1.25.
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Table 4.3: Material constants used in the single crystal material model for IC-HAZ
(martensite) at room temperature (20 °C)
T

E
(GPa)

20℃

219

v

𝛾̇ 0
(s-1)

0.336 450

F0
(J)
0.43*10-18

ℎ𝑠
𝜏0
𝑆0
𝑆𝑠𝑎𝑡
(MPa) (MPa) (MPa) （MPa)
325

2.2

250

670

h1

h2

0.5

1.25

It had been reported in [40, 55, 142] that the IC-HAZ is the region of the weldment with the
lowest hardness. In [40], it is suggested that the presence of a soft ferrite phase in the ICHAZ could be responsible for the lower hardness. Based on this assumption and on existing
experimental results for dual phase steels [143,144], it is assumed that the lattice friction
stress ( τ 0 f ) of the ferrite phase (see Eq. (4.8)) is lower than that of the martensite phase ( τ 0 ).
The relationship between τ 0 and τ 0 f is described by the ratio λ:

λ=

τ0
.
τ0 f

(4.10)

λ = 1 implies that the IC-HAZ is comprised of martensite only, while λ = 2 implies that the
lattice friction stress of the ferrite phase is half that of the martensite phase. It should be noted
that this approach was adopted in this work to define the soft grain in the mixed-phase crystal
plasticity simulation. All other material constants are assumed to be the same for the two
phases. The comparison of the macro stress-strain response of the two different phases,
obtained from the 200-grain RVE in Figure 4.8, is shown in Figure 4.13, which also includes
the experimental data for the 9Cr-1Mo material, from [136]. It is clearly seen that the current
CPFE model can obtain an excellent agreement with the experimental data, while the
corresponding predicted response for ferrite is also shown in Figure 4.13.
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Figure 4.13: Comparison of IC-HAZ RVE simulation with room temperature uniaxial data
for PM 9Cr-1Mo [136]. Also included is the predicted response for the ferrite phase using the
RVE with λ = 2 (see Eq. (4.10)).

4.6.3 Mesh Sensitivity Study
A mesh sensitivity study, for the global and local responses, is described in this section. Two
200-grain models with an average PAG size 10 µm for IC-HAZ material, with 35,000
elements and 62,000 elements were generated (see Figure 4.14). The corresponding smallest
element sizes are 0.78 µm and 0.58 µm, respectively. In each case, one grain labelled ‘f’ in
Figure 4.14, has been assigned ferrite properties (λ = 2). The two models have the same
orientation for the corresponding grains. Uniaxial loading was applied to both models up to 2%
strain.
As seen in Figure 4.15, the macroscopic stress responses are found to be indistinguishable for
the two meshes. For the local response study, the local maximum principal stress and
accumulated equivalent plastic strain, εeqpl , are examined at the ferrite grain boundary; Path-1,
as illustrated in Figure 4.14(b). The accumulated equivalent plastic strain has been proposed
by a number of authors, e.g. [129], as important indicator parameter for crack initiation,
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whilst the maximum principal stress is commonly adopted as an additional parameter to
modulate the fatigue indicator parameter [145] for early crack growth or additional
directionality effects. These two parameters, in combination, have also been used for CPbased assessment of cold dwell fatigue due to microstructure inhomogeneities in titaniuk
alloys for aerospace applications [146]. The corresponding maximum principal stress and
accumulated equivalent plastic strain are compared between the two meshes and good
agreement between the two meshes is seen in Figure 4.16. These results indicate that the
35,000-element mesh is a converged mesh for the problem examined, and is henceforth used
in this study to assess the effect caused by ferrite phase.

(a)

(b)

Figure 4.14: Illustration of mesh sensitivity study for 200-grains RVE with an isolated ferrite
embedded within the martensite matrix (a) Overall mesh (b) zoomed-in mesh showing the
Path-1 used to plot variables outputs.
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λ= 2

Figure 4.15: Macro-response of 200-grain RVE with different mesh densities.

λ= 2

λ= 2

(a)

(b)

Figure 4.16: Distribution of local variables along the ferrite grain boundary with different
mesh densities, the path had been shown in Figure 4.14: (a) maximum principal stress and (b)
accumulated equivalent plastic strain ( εeqpl ).
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4.6.4 Influence of Localised Strength of Ferrite Matrix
Due to the low volume fraction of ferrite [40], the influence on the macroscopic stress-strain
response is negligible and attention is focused on the local response. Figure 4.17 depicts the
maximum principal stress and equivalent strain for different ratios of λ along a path
traversing the ferrite and martensite grains, designated Path-2 in Figure 4.17(a), at the same
remote strain level (2%).

(a)

(a)

(c)

Figure 4.17: Isolated ferrite grain embedded within a martensite matrix (a) Path-2 used for
variables outputs; (b) maximum principal stress variation along Path-2; (c) accumulated
equivalent plastic strain ( εeqpl ) variation along Path-2. (The regions corresponding to ferrite
and martensite grains are labelled ‘m’ and ‘f’, respectively).
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As expected, stress and strain are highly discontinuous across the grain boundary, even for λ
= 1, due to the different crystal orientations. The average mis-orientation between the ferrite
grain and the neighbouring martensite grains (blocks) is 30.5° (using the crystal deformation
definition in [147] to quantify mis-orientation between grains). As λ increases, the peak stress
at the martensite-ferrite boundary in Figure 4.17(b) increases significantly from ~685 MPa to
~925 MPa. In all cases the peak accumulated equivalent plastic strain is in the softer ferrite
grain and the peak strain increases with increasing λ (decreasing strength of the ferrite grain),
with the peak value increasing from ~3.1% for λ = 1 to ~4.8% for λ = 4, shown in Figure
4.17(c). Thus, the occurrence of the soft ferrite phase within a hard martensite matrix leads to
a stress concentration at the ferrite-martensite boundary matrix and higher plastic strains at
the boundary and within the ferrite phase. It may be noted that similar trends have been
observed in simulations of hard and soft grain combinations within titanium alloy polycrystals [146].
Contours of maximum principal stress, corresponding to the results in Figure 4.17 are
provided in Figure 4.18, again due to a remote strain of 2% in each case. The larger contour
plots in Figure 4.18 give the result for the full 200-grain RVE while the smaller contour plots
provide the results close to the ferrite grain (indicated by ‘f’ in the zoomed-in figures). It may
be noted that even when the applied loading is uniform and λ = 1, the local stress distribution
is quite inhomogeneous inside the RVE, due to the different lattice orientations of the grains.
In Figure 4.18(a), the increase in stress at the ferrite-martensite boundary is clear from these
contours: see corresponding regions 1 and 2, indicated in the zoomed-in Figure 4.18(a) for λ
= 2 and λ = 4. There is also a significant increase in stress in region 3 with increasing λ and a
corresponding reduction in stress in the ferrite grain with increasing λ. In Figure 4.18(b), the
local increase in plastic strain with increasing λ may also be noted. Away from the ferrite
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grain, e.g. the regions outside the square, stress and strain inhomogeneities within the
material are negligible.

(a)

(b)
Figure 4.18: Predicted contour plots with single ferrite grain (a) maximum principal stress (b)
accumulated equivalent plastic strain ( εeqpl ). The ferrite grain is labelled ‘f’ on the zoomed-in
images.
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4.6.5 Effect of Ferrite Aggregation
The results presented in Section 4.6.4 are for an isolated ferrite grain. In Figure 4.19 results
for ferrite aggregation, viz for N = 1, 2 and 3 ferrite grains, respectively are presented (the
results for N = 1 from Section 4.6.4 are repeated for comparison). Increased localization of
plastic deformation can be observed in Figure 4.19(b) as the number of ferrite grains
increases. These bands of high plastic strain occur at the ferrite-martensite boundary.

(a)
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(b)
Figure 4.19: Predicted contour plots of ferrite aggregation case with N = 1, 2, 3, respectively
(λ = 2) (a) maximum principal stress (b) accumulated equivalent plastic strain ( εeqpl ).

4.7 Summary and Conclusions
This chapter examines an idealised micro-structure of the inter-critical region in the heat
affected zone of welded 9Cr-1Mo steel, which is the first step to investigate the localised
deformation of IC-HAZ in welded 9Cr-1Mo steel. RVEs with realistic material microstructure (without considering the hierarchical micro-structure of matensite steel) and
containing different numbers of grains with random orientations of various sizes were
developed for crystal plasticity modelling. Model parameters were calibrated using
monotonic test data at room temperature. A soft ferrite grain was then introduced into the
hard grain martensite matrix. Some key conclusions are as follows:
•

The results obtained for the RVEs with different numbers of grains were compared
(no length-scale effect included), which shows that the convergence of stress–strain
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curve was obtained for a 200-grain RVE. Further, FE analysis of the RVE containing
200 grains exhibited negligible perturbation in the stress–strain curves for different
sets of random grain orientations. These results confirmed that the RVE with 200
grains is large enough to assess the effective mechanical response of IC-HAZ in
welded 9Cr-1Mo steel.
•

The results indicate that a soft ferrite phase, even at a low volume fraction, can have a
significant influence on local stress and strain behaviour, and hence crack initiation
behaviour and material lifetimes. Similar trends have been observed in simulations of
hard and soft grain combinations within titanium alloy poly-crystals [147]. These
results will provide guidance into optimised heat treatments for welded martensite
components and material design. Aspects such as the volume faction of ferrite grain,
the ferrite grain size and the distribution of ferrite in the IC-HAZ of welded 9Cr-1Mo
steel should also be investigated in future work.

•

The RVE exhibited severe heterogeneous distributions of stress and strain due to
crystallographic orientation mismatch of individual grains, which may be an
important factor in the micro-mechanical deformation of poly-crystal material. This
may influence the initiation of micro-cracks and their subsequent growth, and will be
investigated in Chapter 5.

The current approach is a first step at a physical representation of the material micro-structure
for the welded martensite 9Cr-1Mo steel. The predicted localized result for a soft grain
embedded with in hard grain matrix in this chapter motivates the further investigations for a
small amount of ferrite on the material response and the growth of micro-cracks in IC-HAZ
material of welded 9Cr-1Mo steel. It had been already reported that crack-like cavities may
form along the ferrite-martensite grain boundary in the IC-HAZ of a 9Cr-1Mo weld [54],
indicating that these areas are locations of stress and strain concentration. In the next chapter,
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in order to achieve this goal, the uniaxial test data through Digital Image Correlation (DIC)
for IC-HAZ until failure will be utilised for this study [57]. The modified VT model for
generation of hierarchical micro-structures of welded 9Cr-1Mo martensitic steel
is described in more detail, which explicitly accounts for the packet-block micro-structure of
the martensite grain. Meanwhile, a damage model driven by localized plastic strain will be
incorporated into the crystal plasticity model described in this chapter in order to describe the
localized deformation for this mixed-phase case in the IC-HAZ material of welded 9Cr-1Mo
steel.
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5. The Effect of Ferrite Phase on the Mechanical
Response of Heat Affected Zone Region
5.1 Introduction
It is important to understand the influence of IC-HAZ micro-structure on the mechanical
behaviour as failure generally occurs in the IC-HAZ under long term service [9,104,148]. It
had been reported that the IC-HAZ material has the lowest hardness compared to the other
regions of the weld after PWHT [9, 11, 55, 104, 131]. The IC-HAZ is a partially transformed
region, resulting in a mixture of metallurgical features [11, 12, 55]. The existence of small
amounts of pro-eutectoid ferrite in the IC-HAZ has been reported in [40], as shown in Figure
5.1(a). The low values of micro-hardness in the IC-HAZ have been attributed to the presence
of this soft ferrite phase within a hard martensite matrix. TEM images indicate that the ICHAZ exhibits ferrite with lower dislocation density than martensite [29, 56], as shown by
TEM micrograph in Figure 5.1(b).

(a)

(b)

Figure 5.1: (a) Hardness indentation on the IC-HAZ of welded 9Cr-1Mo steel showing
difference for martensite and ferrite. (b) TEM micrograph showing different dislocation
densities for martensite and ferrite (red line is for ferrite and blue line for martensite) [149].
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Small amounts of ferrite can induce significant stress concentrations and associated strain
gradients at the ferrite-martensite grain boundaries, as investigated in Chapter 4. This may
lead to premature micro-crack initiation and influence the fatigue life of 9Cr-1Mo welded
joints. It has been shown experimentally that the presence of soft ferrite grains in a hard
martensite matrix has a detrimental effect on the LCF life of 9Cr-1Mo steel, leading to
acceleration of fatigue crack initiation [35]. It had been introduced in Figure 2.4 (Chapter 2)
that 9Cr-1Mo steel exhibits a hierarchical arrangement, divided into PAGs. A PAG is
comprised of a collection of packets which contains blocks and laths forms within the blocks.
The initial work for modelling the micro-structure of 9Cr-1Mo steel had been described in
Chapter 4, which did not take the hierarchical micro-structure into consideration and also did
not investigate the damage for the IC-HAZ region in the welded 9Cr-1Mo steel.
In this chapter, the influence of a low volume fraction of ferrite is examined within a
martensite matrix on the microstructural deformation and the initiation of micro-cracks for
the room temperature tensile response of IC-HAZ in 9Cr-1Mo welded steel. A modified twodimensional VT model is implemented, which explicitly accounts for the packet-block microstructure of the martensite. The Kurdjumov-Sachs (K-S) orientation relationship [150] is used
to describe the crystallographic orientation of the martensite grains at each material point
[134]. A crystal plasticity model is utilised to predict the tensile response in a mixed ferritemartensite material with a low volume fraction of pro-eutectoid ferrite, representative of a
welding-induced IC-HAZ in 9Cr-1Mo welded steel. A strain controlled damage model is
adapted to assess the influence of the soft ferrite phase on the development of damage and
crack initiation.

131

5.2 Description of Crystallographic Relation of 9Cr-1Mo Steel
A number of relations have been developed to describe the relationship between the
orientation of a PAG and the newly formed martensite, such as Nishiyama–Wassermann (N–
W), K–S relationship, Pitsch, Greninger and Troiano (G–T), and Bain [47, 151-154].
Martensitic transformation is a diffussionless and shear transformation on habit planes, the
preferred crystallographic planes of the austenite where the martensite crystals form [79]. The
difference between these relationships derives from the different assumptions for the habit
plane and directions. Table 5.1 lists the orientation and habit planes for the most commonly
used relationships.

Table 5.1: Crystallographic orientation relationships between prior austenite and martensite
[47]
Name

Habit plane

Direction parallel

Number
of variants

Bain

{100}γ //{100}α’

{100}γ //{110}α’

3

N-W

{111}γ //{110}α’

{111}γ //{110}α’

12

K-S

{111}γ //{110}α’

{111}γ //{111}α’

24

Pitsch

{100}γ //{110}α’

{100}γ //{111}α’

12

G-T

{111}γ : {110}α’ ≈ 1°

{111}γ : {110}α’ ≈ 2.5°

24

A combination of K–S, N–W and Pitsch has been used to describe the orientation of the BCC
structure in TRIP Steels, based on EBSD studies [155]. Sonderegger et al. [156] found that a
combination of the K–S and N–W relation could be used to represent the micro-structure of a
martensite steel similar to the material with 11%Cr content. Since the orientation of the PAG
has a unique relation to that of the martensite blocks, the K–S relationship can be inverted to
provide a unique determination of the PAG orientation from the martensite orientation [157].
The orientation relationship for 9Cr-1Mo between the PAG and the martensitic packet-block
is determined and found to be consistent with the K–S relationship [47].
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A (001) pole ﬁgure of the PAG is shown in Figure 5.2. The red circles in Figure 5.2(a) are the
martensite orientations determined from the Bain relation while the smaller blue dots are the
orientations as determined from the EBSD analysis. The Pitsch, N–W and K–S orientations
are provided in Figures 5.2(b)–(d), respectively. It may be seen in Figure 5.2(d) that the
measured block orientations are closely matched by the predicted orientations in the K–S
relation [48].

(a)

(b)

Figure 5.2: (001) Pole ﬁgure to show orientation relationship of 9Cr-1Mo steel. The circle
symbols indicate the crystallographic orientations calculated with (a) Bain, (b) Pitsch, (c) N–
W and (d) K–S relationship [48].
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(c)

(d)

Figure 5.2 (cont’d): (001) Pole ﬁgure to show orientation relationship of 9Cr-1Mo steel. The
circle symbols indicate the crystallographic orientations calculated with (a) Bain, (b) Pitsch,
(c) N–W and (d) K–S relationship [48].

5.3 Finite Element Modelling Framework
5.3.1 Implementation of Finite Element Model for IC-HAZ
A typical tempered martensite grain has a BCC lattice structure comprised of three different
types of slip systems (see Table 4.1) as reported in Section 4.6.2 of Chapter 4, twelve <110>
slip systems, twelve <112> slip systems and twenty-four <123> slip systems. Figure 4.12
gives examples of a slip system for each of these slip families. The hierarchical microstructure of martensite grains is shown schematically in Figure 2.4. The PAG is divided into
martensite packets containing blocks with specific misorientations as described in [150],
while each block consists of collections of laths with similar orientations separated by low
angle grain boundaries [46], as shown by the blue dots in Figure 5.2. In recent work from Sun
et al. [48], the K-S relationship was successfully implemented into our VT code introduced in
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Section 4.2 of Chapter 4, providing a physical description of the orientation relationship
between the neighbouring blocks and packets within a PAG for low carbon martensite steel.
Figure 5.3(a) shows a micrograph of the IC-HAZ region from a sample of 9Cr-1Mo steel.
The micrograph shows a region, without internal block boundaries, which may be identified
as a ferrite region within a matrix of martensite grains. Similar micro-structures have been
reported [40,149]. The present work is focused on assessing the influence of such an isolated
ferrite region within a martensite matrix. The corresponding idealised FE representation
derived from the modified VT code is shown in Figure 5.3(b), including one randomly
distributed ferrite grain (approximately 5% by volume based on experimental observations
[40]). The colour contours correspond to one of the Euler angles for each martensite block,
obtained from the K-S relation based on a random distribution of PAGs. The grain size of the
martensite PAG in the IC-HAZ is typically 10 µm [7], whereas the mean block width within
the PAG is approx. 1.5 µm [33]. In this chapter, attention is focussed on the tensile response
of the IC-HAZ material, with particular focus on the in-plane interactions between grains,
packets, blocks within the PAG between the ferrite and martensite phases. Hence, it is
assumed here that the grains are columnar in the out-of-plane direction (with one element in
that direction), following the approach adopted previously for modelling of single-phase 9Cr1Mo martensitic steel as explain in Section 4.3 of Chapter 4.
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(a)

(b)

Figure 5.3: (a) IC-HAZ micro-structure morphology measured by SEM; (b) Distribution of
Euler angle in a poly-crystal FE model and the blue region indicate α-ferrite embedded in
martensite matrix.

Three-dimensional, linear brick elements are used within the framework of the fully threedimensional user material constitutive model presented below, with periodic boundary
conditions in both the in-plane and out-of plane directions, as described and illustrated by
Figure 4.3 in Chapter 4. The present quasi-2D representation is considered appropriate to
capture the dominant in-plane interactions of the ferrite-martensite phase mixture in the ICHAZ, at least as a first step towards more detailed application of a full 3D modelling
approach, which would actually be prohibitively onerous, in terms of computational
overheads. The key differences will, of course, be in terms of fracture and failure modes, e.g.
clearly, 3D aspects of the fracture surfaces and crack morphology will not be captured in the
quasi-2D approach. The crystal plasticity model used to represent the constitutive response is
discussed in the following section.
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5.3.2 Micro-mechanical Crystal Plasticity Constitutive Formulation
The CPFE model had been already described in Chapter 4 (Section 4.5), which can be used
to describe the micro-structural deformation at the block level in this chapter, accounting for
elastic and plastic flow anisotropies for each block, without considering a size effect (length
scale dependent plasticity) for simplicity. Length scale effects may be important when block
size is lower than ~1 µm [143], which will be considered in our future work. Martensite laths
are not explicitly modelled in this chapter; the constitutive model at the block level accounts
implicitly for the lath contributions, as described in [110].

5.3.3 Damage Model
The accumulated equivalent plastic strain ( εeqpl ) has been proposed by a number of authors as
an important indicator parameter for crack initiation [129,158]. In this chapter, we adopt a
strain-controlled damage progression model in conjunction with micro-plasticity in order to
describe the localized deformation. This damage model has previously been applied for
austenitic stainless to account for damage development [159]. The accumulated equivalent
plastic strain εeqpl is defined as:
1

ε

pl
eq

2
2
= ∫  D p : D p  dt ,
0 3


t

(5.1)

where t is the current simulation time and Dp is plastic strain rate, expressed as:

Dp =

[

]

1 N α e α
γ F m ⊗ n α ( F e ) −1 + ( F e ) −T n α ⊗ m α ( F e )T ,
∑
2 α =1

(5.2)

A micro-structural damage variable, ω, varying from 0 (no damage) to 1 (fully damage), is
adopted to describe the degradation of the elastic stiffness. The modified local elastic
stiffness matrix is written as follows:
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C = C 0 (1 − ω) ,

(5.3)

where C 0 is the material elastic stiffness without damage. A continuously varying ω is
assumed using a modified Cauchy-Lorentz cumulative distribution function [160] as follows:
1 1
 ε 
ω = 1 +  + arctan c 
 d 
2 π

−1

1
 ε eqpl − εc  1 
 − .
 arctan
 2
d
π





(5.4)

The Cauchy-Lorentz function in Eq. (5.4) provides a phenomenological description of a
damage transition with ω = 0 at εeqpl ≤ 0 and ω → 1 as ε eqpl → ε c and εc is the critical strain.
The width of the damage transition region is defined by d. Figure 5.4 gives the variation of ω,
which indicates the damage evolution for different values of the critical failure strain, εc.

Figure 5.4: Comparison of damage evolution based on Cauchy-Lorentz cumulative
distribution function for different values of the critical strain constants.

The material model defined in Section 4.5 and 5.3.3 has been previously implemented in a
UMAT [159] in the non-linear commercial FE code ABAQUSTM (2016).
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5.4 Model Calibration and Material Parameters Identification
A methodology to obtain the visco-plastic constitutive response in heterogeneous (welded
9Cr-1Mo steel) material using digital image correlation (DIC) at room temperature and 625°C
has been presented previously [57], as shown in Figure 2.9. In this chapter, the material
parameters for the constitutive model are determined by fitting to the experimental data [57]
for the IC-HAZ at room temperature. The RVE, constructed as described in Section 5.3.1,
has been checked to establish a sufficient number of blocks to give a consistent macroscopic
response using the polycrystalline FE model [48, 137,161]. Two RVEs were first generated:
an all-martensite RVE and an all-ferrite RVE as shown in Figure 5.5. The all-martensite RVE
consists of 20 PAG grains, containing 444 blocks. The all-martensite RVEs with varied
number of elements are generated for mesh sensitivity study as shown in Figure 5.6 and
variation of mesh size with the increasing number of element is given in Figure 5.7. The
number of elements ranged from about 12,500 to 72,000 with average element size ranging
from 0.037 μm to 0.089 μm. It is shown that the RVE (30,600 elements) with the smallest
element size (~ 0.057 µm) about 4 or 5 elements across the width of each block (see Figure
5.5(a), inset), gives the same response comparing with RVE with finer mesh which is utilised
for the subsequent computations. The all-ferrite RVE (see Figure 5.5(b), inset) consists of
200 PAG grains with 35,000 elements, following the RVE used in Section 4.6. In both cases
periodic boundary conditions (see Figure 4.3) are used to represent the overall material
microstructure.
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(a)

(b)
Figure 5.5: Illustration of the micro-mechanical FE model for mixed-phase constitutive
parameter identification: (a) single-phase martensite model showing FE mesh (b) singlephase ferrite model (from Chapter 4).
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(a)

(b)

(c)

(d)

(e)

(f)

Figure 5.6: Different mesh strategies for the RVE to carry out mesh convergence, (a) 12,500;
(b) 19,000; (c) 30,600; (d) 49,000; (e) 63,000; (f) 72,000.
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Figure 5.7: Variation of mesh size with the increasing number of element.

Micro-hardness indentation tests for the ferrite and martensite phases in the IC-HAZ
demonstrated a hardness value for martensite of approximately 1.25 times that of the ferrite
phase [149] measured at room temperature, as illustrated in Figure 5.1(a). In the CPFE model,
the lattice friction stress (Eq. (4.5)) largely controls the material strength. Therefore, in this
work the constitutive response of the ferrite phase is represented by scaling τ 0 according to
this micro-hardness ratio between the two phases (see Eq. (4.10)); the martensite and ferrite
lattice friction stresses are given by τ 0 m and τ 0 f , respectively. The resulting predictions of
the macro stress-strain responses of both martensite and ferrite phases are shown in Figure
5.8, taken from the RVEs of Figure 5.5. Table 5.2 presents the identified elastic constants and
flow parameters used in the analysis. Table 5.3 gives the parameters associated with the strain
hardening for both phases. The material parameters for matensite phase are obtained by
fitting to the IC-HAZ data at room temperature. The parameters for the ferrite phase are
assumed to be the same with martensite phase except the lattice friction. Only the dominant
twelve <110> slip systems of BCC as described in Chapter 4 are considered.
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Figure 5.8: Identification of parameters for martensite by fitting the IC-HAZ data from ref
[57]; The predicted ferrite response is also included.

Table 5.2: Elastic constants and flow rule parameters used in the poly-crystal model (20 °C).
C11
C22 C44(μ) γ0
(GPa) (GPa) (GPa) (s-1)
219.7

112.2

140.0

h1
(-)

h2
(-)

τ0m
τ0f
(MPa) (MPa)

F0
(J)

450 0.5 1.25 0.43*10-18

305

244

Table 5.3: Strain hardening and damage parameters used in the poly-crystal model (20 °C).
S0
Ssat
hs
ω1 ω2
(MPa) (MPa) (MPa) (-) (-)
2.2

250

520

143

1

1

5.5 Results
5.5.1 Crystal Orientation Effect on Global Response
The global and local deformation mechanical responses induced by different ferrite
orientations are first investigated. Figure 5.9(a) illustrates the approach with an isolated
ferrite grain embedded within the martensite matrix. The darkest lines correspond to the
PAGs (or ferrite phase), the heavy lines correspond to packet boundaries and the lightest lines
are the block boundaries. The regions A, B, C D in Figure 5.9(a) and the path have been
identified for further analysis in Section 5.5.2 and 5.5.3. Three orientations are chosen for the
single crystal ferrite grain, as shown in Figure 5.9(b); the loading direction is [010] in all
cases. The corresponding Euler angles for each crystal orientation can be computed by the
crystallographic rotation matrix as introduced in the Appendix A.

(a)

(b)

Figure 5.9: (a) Isolated ferrite grain embedded within a martensite matrix; (b) Three typical
ferrite orientations chosen for ferrite grain.
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Figure 5.10(a) shows a comparison of the global tensile stress-strain responses obtained from
the FE analysis for the three different ferrite orientations up to a strain of 5%. Also included
is the measured IC-HAZ response from ref [57]. It is clear that at the macro-scale the
influence of the ferrite orientation is weak, with the <100> orientation giving a slightly softer
response than the other two orientations and all three cases are similar to the all-martensite
response at the macro-scale (Figure 5.8). Figure 5.10(b) provides a comparison of the single
crystal stress-strain responses for the three orientations, showing the softest response for the
<100> orientation, which is also significantly softer than a typical martensite-only response
(compare to Figure 5.8). The hardest response is for the <110> orientation, which is a similar
response to that of martensite.

(a)

(b)

Figure 5.10: Comparisons of stress-strain responses for the ferrite with different orientations.
(a) Global responses for the RVE including ferrite with different orientations; (b) single
crystal response for the ferrite with different orientations.
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5.5.2

Crystal Orientation Effect on Local Micro-mechanical Response

Figure 5.11 shows the σ yy distribution at 5% macroscopic strain. The thick solid white lines
indicate the PAGB or ferrite boundary, the thin solid lines are the packet boundaries and the
dash lines are block boundaries. The predictions show a complex pattern of stress due to the
orientation mismatch between neighbouring packets and blocks and for Figures 5.11(b) to (d)
the influence of the ferrite grain with different applied orientations.

(a)

(b)

Figure 5.11: Stress distribution (σyy) at 5% macroscopic tension for the ferrite with different
orientations; (a) No ferrite; (b) ferrite with <100> orientation; (c) ferrite with <110>
orientation; (d) ferrite with <111> orientation.
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Figure 5.11(b) shows that the introduction of a ‘soft’ <100> ferrite grain causes reduced
stress within the grain, compared to the equivalent PAG in Figure 5.11(a); the average σ yy in
the ferrite region decreases from ~610 MPa for single phase martensite RVE to ~500 MPa for
the mixed-phase RVE. There is some increase in the local stress in transversely-adjacent
martensite grains of the A and B regions (defined in Figure 5.9) and concomitantly, reduced
stresses in C and D regions. In contrast, Figure 5.11(c) shows that the introduction of a ‘hard’
<110> ferrite grain increases the local stress in the C and D regions but slightly decreases
local stresses in the A and B regions. Figure 5.11(d) shows that the introduction of the
intermediate-hardness <111> ferrite grain gives an almost identical inter- and intra-granular
stress distribution to the ‘no ferrite’ case, Figure 5.11(a).
Figure 5.12 shows the equivalent plastic strain distribution ( ε eqpl ) for the cases examined in
Figure 5.11. As before, the results are presented at the same macroscopic strain level of 5%.
As discussed in Section 5.3.3, ε eqpl is a key variable controlling prediction of micro-crack
initiation for the strain-based damage model. It can be seen from Figure 5.12(b), that the
introduction of a ‘soft’ <100> ferrite grain leads to an increase in average ε eqpl from 0.054 to
0.069 in this grain (relative to Figure 5.12(a)), and, more importantly, an associated reduction
in ε eqpl in the transversely-adjacent B region and, especially, in the block and packet of
maximum ε eqpl . In other words, the high plastic strain experienced by this martensite block in
region B of Figure 5.12(a) is ‘shared’ with the ferrite phase in this configuration. In contrast,
Figures 5.12(c) and (d) show that the ‘hard’ <110> ferrite grain (and to a lesser extent the
<111> ferrite grain) further accentuate the ε eqpl concentration in the most highly strained block
location, relative to the original single-phase martensite micro-structure. This trend is
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consistent with CPFE simulations of hard-soft grain interactions for titanium alloy polycrystals [147].

Figure 5.12 (cont’d): Accumulated equivalent plastic strain distribution ( εeqpl ) at 5%
macroscopic tension for the ferrite with different orientations; (a) No ferrite; (b) ferrite with
<100> orientation; (c) ferrite with <110> orientation; (d) ferrite with <111> orientation.
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To further examine this issue and to quantify the trends illustrated in the contour plots of
Figure 5.11 and Figure 5.12, Figure 5.13 shows the predicted σ yy and ε eqpl distributions (at
5% macroscopic strain) plotted along the path identified in Figure 5.9(a) for the all-martensite
and mixed-phase analyses. The path traverses the single-phase martensite micro-structure
from region A to region B. Significantly inhomogeneous distributions of σ yy and ε eqpl are
predicted in Figure 5.13(a) and (b), due to traversing of multiple block boundaries within the
fully martensitic microstructure. Figure 5.13(c) shows the increased stresses within adjacent
martensite grains for the ‘soft’ <100> case, relative to both the <110> and martensite-only
cases; the highest localisation of stress occurs at the ferrite-martensite grain boundaries for
the case of the ‘soft’ <100> ferrite grain, leading to accentuated micro-stress concentrations
factors of ∼1.8 (relative to the global stress of Figure 5.8).

(a)

(b)

Figure 5.13: Effect of ferrite orientation on local stress and strain distributions at 5% global
strain for path identified in Figure 5.9(a). (a) all-martensite analysis σyy (b) all-martensite
analysis εeqpl (c) mixed-phase analysis σyy (d) mixed-phase analysis εeqpl
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.

(c)

(d)

Figure 5.13 (cont’d): Effect of ferrite orientation on local stress and strain distributions at 5%
global strain for path identified in Figure 5.9(a). (a) all-martensite analysis σyy (b) allmartensite analysis εeqpl (c) mixed-phase analysis σyy (d) mixed-phase analysis εeqpl

.

This type of micro-stress ‘hot-spot’ at a grain boundary is potentially detrimental with respect
to micro-crack nucleation. Figure 5.13(d) shows the peak ε eqpl localisation in the martensite
packet-block adjacent to the ferrite grain (region B). For the ferrite with <110> orientation,
the peak strain is significantly higher than that in the martensite-only and <100> ferrite cases.
Note that this is the location of predicted failure for the martensite-only and the <110> case;
The latter is shown below to have a lower ductility than the former, which is consistent with
the relative strain localisations, viz. the higher localisation in the <110> case gives lower
ductility. It may be noted that the value of peak strain at the failure location for the <100>
case (not shown here in the interest of space) is ~13% which is lower than the martensiteonly and <110> cases, as highlighted in Figures 5.13(b) and (d), resulting in higher predicted
ductility.
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5.5.3

Prediction of Micro-crack Initiation of IC-HAZ

The preceding analyses have been for strain levels up to 5% with the damage model inactive.
Figure 5.14(a) shows a comparison of the CPFE-predicted tensile stress-strain response to
failure, for the single-phase martensite (assuming no ferrite in the IC-HAZ), with the
measured IC-HAZ response [57]. The predicted response shown is for a range of critical
strain values, ε c , in the damage model of Eq. (5.4) up to ε c = 0.3. For critical strain values
above 0.3 it was found that a converged solution was not obtained in the FE analysis, and
therefore the critical strain value of ε c , which is closest to the measured value for the ICHAZ has been used in the subsequent analysis. The value of the damage transition parameter
d is fixed at 0.1. Figure 5.14(b) shows the predicted damage distribution at failure.
Intergranular cracking is predicted generally, i.e. along PAGB and block boundaries.

(a)
Figure 5.14: Prediction of tensile damage and micro-crack initiation in tensile test for singlemartensite phase RVE: (a) comparison of CPFE tensile stress-strain response with IC-HAZ
data from [57] (b) CPFE-predicted damage distribution showing predicted failure locations
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(b)
Figure 5.14 (cont’d): Prediction of tensile damage and micro-crack initiation in tensile test
for single-martensite phase RVE: (a) comparison of CPFE tensile stress-strain response with
IC-HAZ data from [57] (b) CPFE-predicted damage distribution showing predicted failure
locations.

Figure 5.15 shows a comparison of the CPFE-predicted tensile stress-strain responses for the
two-phase martensite-ferrite IC-HAZ micro-structures with ‘soft’ and ‘hard’ ferrite grains
with the measured IC-HAZ response from [57] and the corresponding damage distributions at
failure. It can be seen from Figure 5.15(a) that the effect of the ‘soft’ <100> ferrite grain is to
cause a softer overall response with reduced hardening, leading to a discernible reduction in
tensile strength and marginal effect on ductility for ε c = 0.3 (see Table 5.4). In contrast, the
most significant effect of the ‘hard’ <110> ferrite grain is to reduce predicted ductility with a
negligible effect on hardening response (up to the maximum stress). Although the single-

152

phase martensite model has been calibrated (in Figure 5.14) to correlate closely to the
measured IC-HAZ stress-strain response, on the assumption of no ferrite phase, the purpose
of the mixed-phase models is to investigate the global (tensile stress-strain) and local
(inhomogeneity of local stress-strain distributions and cracking-fracture behaviour) effects of
inclusion of such a ferritic phase (material imperfection), specifically, in the context of
premature creep or CF failure of 9Cr-1Mo weldments.

(a)
Figure 5.15: Prediction of damage and micro-crack initiation for the mixed-phase martensiteferrite RVE: (a) comparisons of predicted responses against measured IC-HAZ data [57]; (b)
damage distribution for ‘soft’ <100> ferrite ; (c) damage distribution at failure for ‘hard’
<110> ferrite.
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(b)

(c)

Figure 5.15 (cont’d): Prediction of damage and micro-crack initiation for the mixed-phase
martensite-ferrite RVE: (a) comparisons of predicted responses against measured IC-HAZ
data [57]; (b) damage distribution for ‘soft’ <100> ferrite ; (c) damage distribution at failure
for ‘hard’ <110> ferrite.

Table 5.4: Comparison of CPFE results with measured IC-HAZ data.
Tensile strength Ductility
ε f (%)
(MPa)

Method
Experiment [57]

665

10.2

CPFE-single phase

615

9.0

CPFE-mixed phase: <100> ferrite

590

9.3

CPFE-mixed phase: <110> ferrite

600

8.5

Small amounts of ferrite can be seen in the IC-HAZ region after welding. Figures 5.15(b) and
(c) show the predicted micro-cracking patterns for the ‘soft’ and ‘hard’ ferrite cases,
respectively. It can be clearly observed that the ferrite grain can strongly influence the
154

location of crack initiation with the ‘soft’ <100> ferrite grain causing a significant change in
micro-cracking pattern, i.e. transgranular, relative to the single-phase martensite case (Figure
5.14). Figure 5.15(c) shows that the damage distribution for the ‘hard’ <110> is more
consistent with that for the single-phase martensite, i.e. intergranular, though with increased
damage at the same level of macroscopic strain (see also Figures 5.12 (a) and (c)).

5.6 Summary and Conclusions
A micro-mechanical modelling methodology is presented for tensile damage and crack
initiation in the IC-HAZ zone in welded 9Cr-1Mo steel, due to the ferrite-martensite
inhomogeneity. A damage model based on accumulated plastic strain, but independent of
stress history has been examined. The key conclusions are as follows:
•

The predicted ductility and strength are shown to be in general agreement with
previously-published measured test data for the IC-HAZ welded material at room
temperature.

•

The mechanical response of ferrite grain is not only controlled by its material
composition, such as carbon content, but also controlled by its orientation. The
crystallographic orientation of ferrite grains with small amount of volume fraction
significantly affects the localization of strain and the behaviour of crack initiation in
the IC-HAZ.

•

Small volume fractions of softer ferrite are shown to have a relatively negligible
effect on material strength at room temperature. The effect on ductility can be
detrimental or marginally beneficial, depending on ferrite grain orientation.

•

The present quasi-2D approach has provided a key first step in crystal plasticity
modelling of IC-HAZ failure under tensile loading. It is argued that this simplification
allows more accessible interpretation of the trends in terms of predicted inter- and
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intra-granular cracking vis-à-vis in-plane grain-block-packet and ferrite-martensite
phase interactions. The present quasi-2D representation is considered as a first step
towards more detailed application of a full 3D modelling approach.
•

Although the present quasi-2D modelling approach can match the overall stress-strain
response, the predicted local (detailed) fracture morphology and fracture
characteristics will undoubtedly be different to what would be predicted by a full 3D
micro-structure model (with micro-structure variation in the out-of-plane direction, as
opposed to the columnar assumption of the present approach). Specifically, 3D
aspects of the fracture surfaces and crack morphology will not be captured in the
quasi-2D approach. A 3D RVE model equivalent to the present quasi-2D RVE would
contain about 7,525,000 elements, as opposed to the 30,100 required here. With
damage and large-deformation effects, this would require prohibitively enormous runtimes, particularly for the range of sensitivity analyses presented.

•

The present work has adopted a quasi-2D approach, effectively using solumnar grains
in the out of plane direction. Hence, the analyses are strictly 3D, with 3D orientation
effects, but in reality do not realistically represent the full 3D geometrical or
morphological effects of a fully 3D microstructure, e.g. equiaxed grains. Therefore,
future work should extend the present methodology and investigations to fully 3D
microstructures, even though this will further significantly increase the computational
overhead and costs. It was reported in [139] that in comparisons of 3D and
equiavalent 2D models, for the same microstructures, the 2D models predicted larger
stresses and strains, in general. However, the differences were not significant, so that
it was concluded that 2D representations of 3D microstructures can be an effective
tool for assessment of the effects of heterogeneities and other microstructure effects.
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The micro-mechanical deformation of IC-HAZ with small amount of ferrite in 9Cr-1Mo
welded steel was investigated at room temperature. According to the findings in this chapter,
the occurrence of ferrite after welding are found to have a relatively negligible effect on
material strength and localized deformation at room temperature. However, this martensitic
steel is generally in service at elevated temperature in the power plant. Therefore, according
to its real working condition of 9Cr-1Mo steel, it is necessary to investigate the ferrite effect
to the material response at higher temperature, giving us the motivation for the work in the
next chapter.

157

6. High Temperature Micro-crack Nucleation
and Evolution of Heat Affected Zone Region
6.1 Introduction
Welded joints in tempered 9Cr-1Mo operating at elevated temperatures are well known to be
prone to premature failure due to cracking in the HAZ as introduced in the Chapter 2 and
Chapter 3. A thorough understanding of the physical mechanisms of IC-HAZ cracking is
necessary for detecting and preventing the failure of 9Cr-1Mo welds at elevated temperature
[35, 77, 162]. Based on the micro-scale experiments, Kumar et al. [162] established that
inter-granular triple-point cracking and the linking-up of cavities along the boundaries to
form micro-cracks are responsible for the micro-damage in the IC-HAZ of 9Cr-1Mo welds
under creep loading. Park et al. and Yu et al. [35, 77] reported that the occurrence of ferrite in
IC-HAZ of 9Cr-1Mo welds is correlated with de-cohesion and micro-crack formation at grain
boundaries under high temperature.
Extending the methodology of Chapter 5, a CPFE approach coupled with a strain-controlled
damage model is used to investigate the mechanical behaviour of 9Cr-1Mo welded material
under monotonic tensile loading at high temperature (625 oC). The objective of the study in
this chapter is to gain an understanding of effect of small amount of ferrite to the global
response at elevated temperature by comparing with the results in Chapter 5 and the damage
mechanisms in crack initiation and crack growth in 9Cr-1Mo welded steel by using an
idealised micro-structure mesh model within a CPFE analyses. Given the presence of ferrite
in the IC-HAZ, it was important to assess its role in the failure process. Thus, the effect of a
small volume fraction of ferrite and its orientations, on the global and local responses was
investigated in this chapter. To address these objectives two different models were created. In
the first model, ferrite was not included and this is referred to as single phase. However, in
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the second model, a small amount of ferrite, with different crystallographic orientations, was
introduced for comparison and this is referred to as mixed-phase. In this work, the
significance of a low volume fraction of ferrite in a martensite matrix on the micro-structural
deformation and the initiation of micro-cracks at high temperatures under uniaxial tensile
loading is investigated.

6.2 Methodology
6.2.1 Micro-structure of IC-HAZ
The micro-structure of IC-HAZ in 9Cr-1Mo welded martensitic steel with a hierarchical
micro-structure has been investigated in this work and the details had been given in Chapter
2 and Chapter 5. The martensitic steel has a BCC lattice structure consisting of packets,
blocks, laths and precipitates. A collection of packets forms within a PAG and can be subdivided into blocks with inherent block orientation relationship containing laths (Figure
5.2(d)). The micro-structure of IC-HAZ in 9Cr-1Mo welds consists of small amounts of
softer ferrite embedded in a martensite grain matrix, as described in Chapter 5. This ferrite
has been found to be about 5% by volume [40]. A similar crystallographic morphology for
IC-HAZ in 9Cr-1Mo welds had already been reported in [53].

6.2.2 Micro-mechanical Kinetic Formulation and Micro-damage Model
The same crystal plasticity model and micro-damage model as in Chapter 5 are utilised in
the FE analysis of this chapter, which is based on a material flow developed by Busso et al.
[108]. The damage model has since been updated to account for the austenitic stainless steels
by Li et al. [159]. This model is discussed in more detail in Section 5.3.3 (Eq. 5.4) in this
thesis. For the high temperature analysis at the meso-scale (block-packet scale), the relevant
material parameters, along with the elastic constants, are now calibrated with the
experimental data for IC-HAZ at high temperature.
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6.3 IC-HAZ Parameters Identification at 625 °C
6.3.1

Morphological Representation and Boundary Conditions

To reflect the micro-structure morphology of the polycrystalline aggregates of martensite
grain with internal microstructure, a modified VT method was created comprising of 444
blocks distributed within 80 packets for a total of 20 PAGs following the approach in
Chapter 5. The corresponding FE model is shown in Figure 6.1(a) with the internal microstructure details in an RVE, which illustrates the topology of Voronoi columnar PAG and
blocks both possessing a grain size of 10 µm [7] and block width of approximately 1.5 µm
[33], respectively. Following the work of Sun et al. [48] as described in detail in Section 5.2,
the measured Euler angles of the micro-structure in 9Cr-1Mo steel can be represented by the
K–S relationship [47], so that the crystallographic information in the FE model exactly
matches the measured EBSD results.

(a)

(b)

Figure 6.1: (a) Micro-mechanical FE model for IC-HAZ (single-phase) in 9Cr welds; (b) The
spatial distribution of the second Euler angle from Figure 6.1 (a).
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The second Euler angles are used to represent crystallographic orientations in the poly-crystal
FE model. The IPF gives the initial crystallographic orientations used in the FE model, which
indicates that 9Cr-1Mo steel has a uniform crystal orientation distribution as illustrated in
Figure 6.1(b). Note that the dimension of the RVE is appropriate such that a representative
macroscopic response can be obtained using the poly-crystal FE model. Periodic boundary
conditions in the out-of-plane direction are imposed on the quasi two-dimensional RVE
model incorporated through the use of 3D elements (C3D8 in ABAQUSTM) to reflect the
spatial periodicity of deformations in an infinitely large body, as described by Figure 4.3 in
Section 4.3.

6.3.2

Mesh Sensitivity Study

The single-phase model (no ferrite included) continues to be utilised here in the first instance
to conduct mesh sensitivity studies and for fitting the IC-HAZ data to obtain the material
parameters at elevated temperatures. Since the FE predictions for the micro-cracking
nucleation may depend on the mesh reﬁnement, a mesh sensitivity study is conducted to
investigate the rate of convergence of the VT model. The RVEs as already shown in Figures
5.6 and 5.7 of Chapter 5 (Section 5.4) are employed here for this objective. The average
element sizes rang from 0.037 μm to 0.089 μm.
Tensile test data for IC-HAZ was measured by Touboul et al. [57] from a 9Cr-1Mo weld
through digital image correlation (DIC) testing at 625 °C. Figure 6.2(a) shows a comparison
of the experimental data for IC-HAZ at a strain-rate of 1.0 × 10-3/s, represented by symbols,
and the corresponding predictions of average true stress-strain from the RVE, with different
numbers of elements shown as solid lines. It can be seen that at lower strain levels (<4%),
prior to the accumulation of damage, the computed results are independent of mesh size. The
maximum macroscopic stress of 280 MPa is accurately captured by the model.
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As one of the main objectives in this study is to investigate micro-crack initiation and
evolution, it is important to ensure that the predicted failure strain εf converges for these
micro-damage studies. A 20% load drop is chosen to represent the failure condition and this
is consistent with the experimental data in Figure 6.2(a). It can be clearly seen that the failure
strain decreases marginally at increasing levels of mesh refinement. From Figure 6.2(b), it is
evident that the failure strain (based on the 20% load drop) converges when the number of
elements is 30,600. Thus, the 30,600-element mesh with average element size 0.057 μm is
used in the subsequent FE VT analysis and this is consistent with the room temperature study.

(a)

(b)

Figure 6.2: (a) Predicted effect of mesh refinement on single phase tensile response used here
with different numbers of elements for sensitivity study until failure; (b) Effect of number of
elements on 20% drop load failure strain.

The material parameters used in the crystal plasticity model for IC-HAZ are listed in Table
6.1. In the experimental work by Touboul et al. [57], testing was carried out at three different
strain rates, namely 10-3, 10-4 and 10-5/s. The strain-rate effect on flow stress for IC-HAZ at
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625 °C is reasonably captured through the current CPFE model by using this set of constants,
as shown in Figure 6.3 where the different strain rates are indicated by the different colours.

Table 6.1: Elastic constants, flow rule and damage parameters used in the poly-crystal model
(625 °C)

γ0

C11
C22 C44(μ)
(GPa) (GPa) (GPa)

(s-1)

98.14

0.01 0.5 1.25

65.7

90.2

h1
(-)

h2
(-)

F0
10-18J
0.43

τ0m
S0
Ssat
hs
ω1 ω2
(MPa) (MPa) (MPa) (MPa) (-) (-)
220

2.2

250

520

1

1

Figure 6.3: Prediction of strain-rate effect for IC-HAZ at 625 °C; IC-HAZ data is from [57]
through DIC testing.

6.4 Results
6.4.1 Micro-crack Initiation and Evolution for Single-phase
The multiple-slip crystal plasticity formulation and the representation of cracks using a
modified damage model were used to investigate the microstructural failure of martensitic
steel. σ yy and equivalent plastic strain distributions ( ε eqpl ) at 3.8% macroscopic strain, which
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is just before the onset of micro-crack nucleation, are shown in Figures 6.4(a) and (b) for a
strain rate of 10−3/s where the loading is aligned along the axial y direction. The non-uniform
nature of σ yy and ε eqpl is primarily caused by the differing distributions of crystal orientations.
The average predicted σ yy in Figure 6.4(a) is approximately 280 MPa. The computed results
show a complex pattern of stress due to the orientation mismatch between neighbouring
blocks with local stress concentration zones forming in some regions. The maximum microstress concentration factor is ~1.5 relative to the global response. The blocks showing stress
concentrations in Figure 6.4(a) do not generally exhibit higher localized ε eqpl ; the higher strain
areas generally exhibit lower stresses. In contrast, the strains more easily initate and
concentrate at the vicinity of boundary regions, as highlighted in Figure 6.4(b). It can be
inferred that for 9Cr-1Mo steel, the boundary regions are more detrimental with respect to
localized strain initiations and concentrations.

(a)

(b)

Figure 6.4 (a) σ yy distribution (b) ε eqpl distribution and (c) damage contour plot, showing
multiple sites of micro-crack nucleation at 3.8% strain and10-3/s strain-rate.
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(c)
Figure 6.4 (cont’d): (a) σ yy distribution (b) ε eqpl distribution and (c) damage contour plot,
showing multiple sites of micro-crack nucleation at 3.8% strain and10-3/s strain-rate.

In this CPFE model, the accumulation of damage and the formation of micro-cracks and their
subsequent growth towards failure are primarily controlled by the localized strain state.
Figure 6.4(c) provides the damage contour plot with the elongation at 3.8% strain (with PAG
and block boundaries hidden for the purpose of clarity) in order to show the predicted microcrack initiation regions. Note that the damage in Figure 6.4(c) has been selected to more
clearly illustrate the micro-crack locations. Six different micro-crack nucleation regions are
highlighted and these are consistent with regions of localised strain (Figure 6.4 (b)).
These regions are illustrated in Figure 6.5, giving greater clarity for the crack nucleation sites
relative to the PAG and block boundaries. The predicted micro-crack nucleation results
illustrate that the micro-cracks nucleate around PAG-packet-block boundaries or PAG-block
boundaries as summarized in Table 6.2. Note that the micro-crack nucleation regions
predicted by the CPFE model are independent of the mesh.
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(1)

(2)

(4)

(3)

(5)

(6)
Figure 6.5: PAG and block boundaries at the micro-crack nucleation regions corresponding to
Figure 6.4(c).
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Table 6.2: Summary of PAG boundaries (PAGB) and block boundary details at the microcrack nucleation regions
Nucleation Micro-crack
location
nucleation

boundary details at the nucleation region

1

PAGB

PAG-block-packet boundary junction

2

PAGB

PAG boundary

3

PAGB

PAG-block-packet boundary junction

4

PAGB

PAG-block-packet boundary junction

5

PAGB

PAG-block boundary

6

PAGB

PAG-block boundary

Kumar et al. [162] reported that micro-cracks have been observed experimentally both in the
PAGB regions and in the triple junctions through SEM images and this is consistent with the
results predicted numerically in this chapter as shown in Figure 6.6. Since IC-HAZ regions in
9Cr-1Mo welds contain super-fine PAG (~10 µm) compared with other regions, higher
boundary density of IC-HAZ compared with other regions in the welds can result in more
micro-damage nucleation possibilities according to these predicted micro-crack nucleation
results. The occurrence of coarse particles as reported in Chapter 2, i.e. M23C6, along
boundaries will assist the formation of cavities in IC-HAZ [12, 54]. The interaction of these
two factors would be detrimental for the material, leading to premature failure in 9Cr-1Mo
welds at elevated temperature.
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Figure 6.6: SEM image adapted from Kumar et al. [162], indicating grain boundary
cavitation and triple-point cracking in 9Cr-1Mo welded steel.

The evolution of damage and its effect on crack growth in martensite steel is already
recognized as a complex phenomenon, owing to the inherent microstructural inhomogeneity
with the prior martensitic substructure [29]. Therefore, it is useful to observe the micro-crack
growth for the single-phase first. For this distribution, the initiation of the micro-cracks
occurs mainly at PAGB (Figure 6.5 and Figure 6.6), as a result of the local strain
concentrations due to the favourable orientation of the cleavage planes in contiguous blocks.
The crack propagation paths as the strain is further increased to 4.5% and then 5.5% are
illustrated in Figures 6.7(a) and (b), respectively. The dominant micro-cracks align along the
high-angle boundary and along favourably oriented cleavage planes across adjacent blocks.
The fracture mechanism is determined by the competition between large strain concentrations
along high-angle boundaries, due to the accumulation of strain, and the favourable orientation
of cleavage planes in blocks.
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(a)

(b)

Figure 6.7: Predicted micro-crack evolution for single martensite phase as the strain is
increased to (a) 4.5%, (b) 5.5%, at 10-3 /s strain-rate.

Figure 6.8 provides the details of two main micro-crack paths corresponding to the paths in
Figure 6.9(b). Two fracture mechanisms are predicted by the current CPFE model, intergranular to trans-granular for Path-1 and trans-granular for Path-2. Similar intergranular and
transgranular fracture mechanisms have been reported in previous experimental work for low
carbon martensite steel at high temperature [163].

(a)

(b)

Figure 6.8: Schematic illustration of micro-cracking propagation of two main cracks from
Figure 6.7(b) for single phase (5.5% strain) at 10-3/s strain-rate.
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(a)

(b)

Figure 6.9: (a) Micro-mechanical FE model for mixed-phase with a small amount of ferrite;
(b) Isolated ferrite grain embedded within a martensite matrix and two ferrite orientations
chosen for ferrite grain in mixed-phase.

6.4.2 Micro-crack Initiation and Evolution for mixed-phase
Small amounts of ferrite can be seen in the IC-HAZ region after welding [40, 53]. Although
the single-phase martensite model has been calibrated (in Figure 6.2) to correlate closely to
the measured IC-HAZ stress-strain data at 625°C, on the assumption of no ferrite phase, the
purpose of the mixed-phase model is again to investigate the stress-strain and inhomogeneity
of local micro-cracking behaviour as a result of the inclusion of such a softer ferritic phase.
Micro-hardness indentation tests for the ferrite and martensite phases in the IC-HAZ of 9Cr1Mo welds demonstrated a hardness value for martensite of approximately 1.25 times that of
the ferrite phase, as shown in Figure 5.1 [149].
Figure 6.9 illustrates the approach with an isolated ferrite grain embedded within the
martensite matrix. Two important orientations are chosen for the single crystal ferrite grain
based on previous studies in Chapter 5, <100> orientation which exhibits a softer response
and <110> orientation (Figure 6.9(b)) which shows a slightly harder crystallographic
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response. The corresponding mixed-phase FE model is shown in Figure 6.9(a) and includes
the ferritic phase (5% by volume) which does not have the same internal micro-structure as
the martensite grains. The martensite grains in the mixed phase model have the identical
orientations to those in the single phase case (Figure 6.1(a)).

(a)
(b)
Figure 6.10: Comparison of CPFE-predicted results at 20 °C and 625 °C (a) Predicted singlephase and mixed-phase responses correlated to the measured IC-HAZ stress-strain data 20 °C;
(b) Predicted single-phase and mixed-phase responses correlated to the measured IC-HAZ
stress-strain data 625 °C.For calibration purposes, the single phase result (all martensite) is
shown in Figure 6.2(a) at 625 °C with the measured IC-HAZ data from [57]. A result
showing similar agreement at 20 °C is shown in Chapter 5. Figures 6.10(a) and (b) present
the comparison of the single-phase with two mixed-phase analyses containing ferrite with
<100> and <110> orientations at temperatures of 20 °C and 625 °C, respectively. It can be
seen from Figure 6.10(a) that the effect of ferrite (with either orientation) at room
temperature is relevantly small with a negligible reduction in hardening for the <100> case
and a relatively small reduction in strain to failure for the <110> case. In contrast, for the
results in Figure 6.10(b) at 625 °C, the effect of the ferrite grain is more significant, with
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considerable softening and reduced tensile strength exhibited by the mixed-phase for both
ferrite orientations especially for the <100> case, leading to significant material degradation
compared with the single-phase response. The strain to failure (based on the 20% load drop)
is also reduced by the ferrite grain and the crystallographic orientation. The softer <100>
gives a more severe reduction than the slightly harder <110>. The comparison of predicted
single-phase tensile responses with mixed-phase at 20 °C and 625 ° is summarized in Table
6.3. Therefore, the mixed-phase model predicts that a relatively small amount of ferrite will
accelerate the material degradation in IC-HAZ at high temperature, leading to failure of 9Cr1Mo welds at lower bulk stress.

Table 6.3: Comparison of predicted single-phase tensile results with mixed-phase at 20 °C
and 625 °C
Method

Ultimate
strength, 20 ℃
(MPa)

CPFE-single phase

615

Ductility
20 ℃(%)

CPFE-mixed phase:
<100> ferrite

590

9.3

262.6

5.85

CPFE-mixed phase:
<110> ferrite

600

8.5

271.4

6.35

9.0

Ultimate
strength, 625 ℃
(MPa)

Ductility
625 ℃
(%)

285.8

6.64

Figure 6.11 shows the prediction of micro-crack evolution for the single-phase and mixedphase with the different ferrite orientations at 625 °C. The 20% load drop is again used here
as the criterion for strain at failure and the damage evolutions at those three corresponding
strains are plotted here. A larger RVE in the left for each image is based on periodic
boundary conditions in order to understand the trend of micro-crack propagation for the three
cases. It can be clearly seen that the micro-crack and damage patterns are significantly
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changed when the ferrite is included and are very much dependent on the local grain
crystallographic orientations and the grain morphology.
For the ferrite with the softer <100> orientation (Figure 6.9(b)), there is a significant decrease
in the material ductility of about 13.2% compared to the single-phase predicted response,
since micro-cracks can grow across inter-ferrite ligaments with large damage accumulating in
this softer ferrite. This can influence the softening rate, leading to material degradation at
lower loads. The micro-cracks for the mixed-phase with the <100> ferrite nucleates at the
PAGB due to strain concentration and then penetrates into the ferrite region with significant
strain along the crack path with the micro-cracking mechanism transitioning from
intergranular to transgranular, as shown in Figure 6.11(b) at 45° to the loading direction.
Furthermore, micro-cracks are also observed at the boundaries of the ferrite grain leading to
potential grain boundary de-cohesion, in agreement with the experimental work of Park et al.
[35], who confirmed that micro-cracks easily nucleate at soft δ-ferrite grain boundaries in
9Cr-1Mo steel.
As shown in Figure 6.11(c), the ferrite grain with the harder <110> orientation acts as an
obstacle to micro-crack growth compared with Figure 6.11(b), leading to a smaller reduction
in ductility and tensile strength than the <100> case (see Table 6.3), and an obvious effect on
softening. However, this orientation can lead to more damage than the single phase due to a
stronger interactive effect with the surrounding blocks. It had been confirmed in Chapter 5
that the <110> ferrite grain further accentuates the ε eqpl concentration in the most highly
strained block location, relative to the original single-phase martensite microstructure. In this
case, the micro-cracks distribute around the ferrite grain with ± 45° cracking pattern,
contrasting with that of <100> case. It was reported by Yu et al. [77] that micro-cracks and
voids were also found to be loacted around the ferrite grain regions in 9Cr-1Mo welded steel.
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Note that similar micro-crack mechanisms are predicted by the current CPFE approach for
both single-phase and mixed-phase at 20 °C and 625 °C, respectively. However, more slip
systems will be activated due to the availability of sufficient free activation energy at high
temperature to overcome the lattice resistance, leading to more damage accumulation and
further promoting the micro-crack nucleation and growth. The introduction of ferrite grain at
high temperature can significantly accentuate the material softening as reflected in the global
response.

(a)

(b)

Figure 6.11: Prediction of micro-crack evolution for the single-phase and mixed-phase at
625 °C with 20% drop load, (a) Single-phase at 6% strain; (b) mixed-phase with <100> at
5.1% strain; (c) mixed-phase with <110> at 5.75% strain.
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(c)

Figure 6.11 (cont’d): Prediction of micro-crack evolution for the single-phase and mixedphase at 625 °C with 20% drop load, (a) Single-phase at 6% strain; (b) mixed-phase with
<100> at 5.1% strain; (c) mixed-phase with <110> at 5.75% strain.

6.5 Summary and Conclusions
Crystal plasticity modelling with damage has been presented for poly-crystalline martensite
steel at 625 °C and compared to the corresponding results for 20 °C. An RVE, consisting of a
number of martensite grains with the K-S orientation relationship and a small amount of
specifically orientated ferrite grain, has been constructed using the modified VT and meshed
for FE analyses under periodic boundary constraints. The model parameters were determined
from DIC test data at 625 °C using a fitting process. Simulations using fitted parameters
showed agreement with experimental data. A particular focus of this work was on the ICHAZ region in the welds as this can be the location for the onset of premature cracking.
These studies can be summarised by the following conclusions:
•

Mesh sensitivity studies for a CPFE model established an appropriate level of
refinement and comparison with experimental data led to the implementation of a 20%
load drop criterion as an indicator of strain to failure.
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•

The strain rate effect of IC-HAZ at 625 °C was successfully predicted by the current
crystal plasticity model.

•

More slip systems are likely to be activated at 625 °C, leading to additional plastic
slip and further increases in the damage accumulation in the poly-crystal material
compared to the corresponding results at 20 °C in Chapter 5 (Figure 5.14). A small
amount of ferrite can promote micro-crack nucleation and accelerate the material
degradation in IC-HAZ at high temperature, leading to weld failure at lower loads,
which is detrimental to the integrity of 9Cr-1Mo welded steel pipes.

•

The CPFE model demonstrated that micro-cracks in welded 9Cr-1Mo steel generally
initiate at the PAGB and boundary clustered regions, which is consistent with
experimental observations. Inter-granular and trans-granular micro-cracking modes
were predicted for 9Cr-1Mo steel by the crystal plasticity model.

•

Predicted results show that the ferrite phase in 9Cr-1Mo welded steels leads to a
reduced strength at high temperatures and also plays an important role on micro-crack
initiation and evolution. Ferrite grains with a ‘soft’ orientation are prone to causing
crystal de-cohesion at the ferrite boundary.

Since the real application of welded 9Cr-1Mo steel is at high temperature, the results in this
chapter demonstrate the detrimental defects of relatively small amount of ferrite in the ICHAZ region of 9Cr-1Mo weldments. More slip systems are likely to be activated at 625 °C,
leading to additional plastic slip and further increases in the damage accumulation in the
poly-crystal. The occurrence of ferrite, no matter what orientation it has, can further
aggravate material degradation of IC-HAZ compared with the predicted response for singlephase (Figure 6.10(b)), which can be regarded as the possible explanation of premature
failure within welded joint and weld connection of 9Cr-1Mo steel in the power plant as
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discovered in Chapter 2. The findings in this chapter can be used as a reference to avoid the
generation of ferrite during welding in order to the improve fatigue life of 9Cr-1Mo
weldments.
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7. Discussion, Future Work and Conclusions
7.1 Chapter Summary
In this chapter, the key activities and findings of this thesis will be discussed, with respect to
the original aims and objectives highlighted in Chapter 2. Issues about the limitations and
gaps of this work are also laid out, along with suggestions for potential future research and
further improvements. The most significant innovative aspects of this work are provided in
the final remarks.

7.2 Discussion of Findings
The primary objective of this body of work, as set out in Chapter 2, is the development of a
macro and micro-mechanical framework to deepen the understanding of premature failure
generally observed within the 9Cr-1Mo weldments and this has been the focus of the results
presented in each chapter. The development, calibration and validation of such a
computational framework at the macro-scale have been presented for a multi-material model,
including PM, WM and HAZ, within the framework of a case study on the premature failure
of a real 9Cr-1Mo welded header-branch T-piece with realistic thermal histories. The other
key output of this thesis is the demonstration of a micromechanical framework as a tool for
investigation of a small amount of ferrite in IC-HAZ region, which influences the tensile
response and micro-cracking mechanism.
The macro-mechanical computational framework presented in Chapter 3 of this thesis has
three aspects, including (i) parameter identification for PM, WM and HAZ, (ii) parameter
calibration and validation through a multi-material FE model for a cross-weld specimen, and
(iii) a case study for a 9Cr-1Mo multi-material welded header-branch T-piece from the
Aghada ESB plant. The parameters for PM and WM are identified from previously published
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HTLCF test data with an applied strain-range of 1.0% and strain-rate of 0.0333%/s at 500 °C.
Since strain rate effects of 9Cr-1Mo steel are not obvious when the temperature is lower than
500 °C, a time-independent cyclic plasticity model, including non-linear kinematic and
isotropic hardening, is adopted here for calibration of the constitutive behaviour of the
relevant materials. The identified parameters are then applied into a three-material FE model
(CW specimen), coupled with the constitutive material model, to determine the
corresponding HAZ parameters, by comparing against with the measured CW HTLCF cyclic
response. The HTLCF test data for CW specimen, with applied strain-ranges of 0.8 % and
0.6 % at 500 °C, is utilized here for parameter validation. This has facilitated new insight into
the deformation occurring during uniaxial CW tests, and also provides the key motivation for
the application of crystal plasticity of micro-structure study at the premature failure region
within the 9Cr-1Mo weldments.
A three-dimensional multi-material FE model of a real 9Cr-1Mo welded header-branch Tpiece is developed, for cyclic plasticity analyses, using the determined constitutive
parameters of PM, WM and HAZ, under combined thermo-mechanical fatigue loading
histories, to predict the effects of cyclic internal pressure and small amplitude thermal
fluctuations. The results in Chapter 3 highlight the significant importance of incorporating
multi-material cyclic plasticity parameters for prediction of plasticity and stress evolution in
such welded connections. Specifically, the HAZ interface region of PM and HAZ is predicted
to be a key failure location, corroborating the observed findings of the ESB metallurgical
failure investigation. The latter, more specifically, identified the IC-HAZ region as the
cracked HAZ sub-region.
The micromechanical framework initially employed in Chapter 4 includes polycrystalline
FE geometries, a crystal plasticity constitutive model, and localized micro-mechanical
deformation for a mixed-phase study (martensite-ferrite) of IC-HAZ (the identified premature
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failure region of 9Cr-1Mo weldments in general and in particular for the Aghada case study).
According to the micro-structure characteristics of IC-HAZ, Voronoi Tessellation has been
successfully utilised to generate quasi two-dimensional polycrystalline morphologies,
assumed to be columnar in the out-of-plane direction. For this mixed-phase study, three
RVEs with different numbers of grains are modelled for the IC-HAZ in 9Cr-1Mo weldments,
which are designed to be statistically representative of the IC-HAZ material. Periodic
boundary conditions are applied through constraint equations on the RVE, to represent a large
(infinite) collection of grains. Emphasis has been placed in this thesis on the crystal plasticity
constitutive formulation consisting of twelve {110}<111> slip systems for BCC martensitic
steel crystals to represent the IC-HAZ material. The crystal plasticity IC-HAZ model was
initially calibrated from previously published monotonic IC-HAZ data at 20 °C for the case
of a small volume fraction of ferrite. The martensitic grains were assigned cubic elastic
anisotropy via three independent elastic constants C11, C22 and C44. Taylor hardening is
utilised, assuming that all slip systems interact equally during strain hardening. The predicted
results demonstrate that a low volume fraction of soft grain can have a significant influence
on localized stress and strain behaviour, and hence crack initiation behaviour and material
lifetimes. This facilitates our investigations of the effect of microstructural inhomogeneity on
the localized damage evolution presented in Chapter 5 and Chapter 6.
The orientation of martensite blocks and PAGs in the welded 9Cr-1Mo steel closely follows
the Kurdjumow–Sachs (K–S) relationship [47]. In Chapter 5, a modified two-dimensional
VT model is implemented for 9Cr-1Mo IC-HAZ with a more physically-based
polycrystalline morphology compared with the approach in Chapter 4, by explicitly
accounting for packet-block arrangements of the martensite grains via the K-S orientation
relationship [47, 48]. The micro-structure characteristics, such as PAG size, block width and
volume fraction of ferrite without internal micro-structure, based on experimental
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observations of IC-HAZ material, are also taken into consideration for the corresponding
idealised FE representation. The crystal plasticity formulation adopted in Chapter 4 is
modified to include a strain-controlled damage model, based on the accumulated equivalent
plastic strain ( εeqpl ) as an important indicator parameter for micro-cracking. Calibration of the
crystal plasticity formulations is carried out via comparison of the bulk poly-crystal model
response with previously-published experimentally-observed tensile behaviour for the
relevant material at 20 °C. However, with damage and large-deformation effects,
prohibitively enormous computational time is required when the simulated failure strain
exceeds ~9%. The effect of crystallographic orientation of ferrite is investigated as an
accelerating factor for micro-crack initiation and hence the material strength. A softer
orientation, relative to the loading direction, is shown to have a more detrimental effect,
acting as a path for propagation of the micro-cracks nucleated at the PAG boundaries. In
contrast, a harder ferrite orientation (still softer than material) has a less detrimental effect,
acting somewhat as an obstacle to micro-crack propagation from the heterogeneous grainboundaries. However, it was found that crystallographic orientation of ferrite grains, with a
small volume fraction are shown to have a distinct but relatively small effect on material
strength and ductility at 20 °C. Thus, it is important to investigate the ferrite effect to the
material strength under high temperature according to our initial objective set out in Chapter
2, 3 and 6.
Thus, the same micromechanical framework described in Chapter 5 for IC-HAZ material
within 9Cr-1Mo weldments has been successfully applied to higher temperature in Chapter 6
of this thesis. Here monotonic tensile loading, until failure, at 625 °C was considered. The
micromechanical approach not only allows the strain-rate effect of IC-HAZ at 625 °C to be
captured, but also predicts micro-cracking mechanisms, which are consistent with
experimental observations. More slip systems are likely to be activated at high temperature,
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leading to additional plastic slip and further increasing the damage accumulation in the polycrystal material. A small amount of ferrite can promote the micro-crack nucleation and
accelerate the material degradation in IC-HAZ at high temperature, leading to weld failure at
lower loads. Thus, the presence of ferrite in the IC-HAZ of 9Cr-1Mo welds, with the
accompanying effects of ferrite grain size and orientation and ferrite grain distribution and
are critical to the localized plastic behaviour and can be expected to reduce the fatigue life of
9Cr-1Mo weldments (see in Chapter 3). The work in Chapters 4, 5 and 6 of this thesis has
demonstrated a micromechanical framework to deepen the understanding the effects of mixed
ferrite-martensite phases on material strength and failure of 9Cr-1Mo weldments at elevated
temperature for improve micro-structure design of such materials and connections.

7.3 Open Issues and Further Improvements
The work presented in this thesis represents a methodology in the development of a material
modelling approach for welded 9Cr-1Mo steel, in order to explain the premature failure of
welded martensite components based on material inhomogeneity, providing guidance into
material and component design for high temperature loading conditions. Further work is
necessary to achieve the overall aim of an advanced materials capability to design and
optimise materials for next generation power plant. The following section highlights some of
the key steps required to fulfil this aim, with concepts relating to microstructural analysis,
physically-based modelling and experimental testing.
The work presented in Chapter 3 provides the development of a design tool for welded
connection in the next generation power plant under flexible operations. However, significant
strain-rate effects are observed at temperatures of greater than 500 °C in the 9Cr-1Mo steel
which requires extension of the approach to a rate-dependent visco-plasticity constitutive
model for USC power plant and weld connections [164]. Application of the extended model
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to uniaxial CW and three-dimensional T-piece connections for USC working conditions is
required for identification of HAZ parameters and behaviour. Furthermore, CF analysis of
multi-material weldments requires the development of a combined CF failure prediction
methodology, incorporating the complex interactions between cyclic softening with
kinematic hardening effects, and time-dependent creep stress re-distribution [83, 165].
Premature failure can occur in the IC-HAZ region of 9Cr-1Mo weldments at elevated
temperature, with the generation of micro-cracks at microstructural defects such as in the
vicinity of large precipitates dispersed along PAGBs. The presence of coarse precipitates
along the grain boundaries leads to nano-void nucleation and coalescence to form microcracks at the PAGB in the IC-HAZ region. The formation of such micro-cracks, which have
been observed in practice, can propagate to form macro-scale cracks leading to a premature
failure. The micromechanical framework described in Chapters 4 to 6 accounts for the PAGs,
packets and blocks of martensitic grains under monotonic loading, without physically
modelling the precipitates. In future work, there is a necessity to account for the precipitates,
to capture precipitate size and volume fraction effects in the poly-crystal model, to investigate
their influence on the micro-cracking mechanism and the corresponding mechanical response
under fatigue and CF conditions.
Length-scale effects are more obvious when block size is lower than ~1 µm for low carbon
martensite steel [143]. The current crystal plasticity FE modelling methodology considers the
microstructural deformation at the block level without considering length-scale dependent
plasticity. One of the difficulties with modelling strain localization is the need for an intrinsic
length-scale [94], which is not currently included in the constitutive model. Thus, it is
important to use a strain-gradient model to assess the effect of grain-block size effect and
dislocation mechanics on the micro-cracking mechanisms for IC-HAZ with mixed-phase.
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The utilization of a more detailed flow rule model [94, 100], that incorporates the evolution
of dislocation density through the use of GND, governed by the gradients of plastic strain,
and statistically stored dislocations (SSD), based on generation and recovery mechanisms,
should be investigated. This capability would make the material modelling more robust and
allow for further refinement of the analysis at the lath level. The definition of the bands in
which the fatigue indicator parameters (FIPs) are averaged introduces a length scale into the
fatigue model that could be extended to the constitutive formulation [94, 129].
9Cr-1Mo weldments exhibit micro-structure heterogeneities due to thermal gradients during
welding which possess significant differences in the mechanical properties of welded joints
compared with PM and WM. Investigations into the effect of micro-structure evolution
during CF loading of welded connections is also potentially important for the prediction of
Type-IV cracking of power plant components although Type-IV cracking is generally
considered to be a creep-dominated failure mechanism. Microstructural degradation during
flexible loading can soften the material, thus reducing creep strength and accelerating the
failure of such components. Previous investigations focused on the coarsening of precipitates
[94, 110] and the lath width [164] effect on the mechanical response of 9Cr-1Mo steel.
However, little has been done to consider the performance evaluation induced by the
evolution of block width [33]. The modified two-dimensional VT modelling framework for
the generation of different polycrystalline morphologies employed in Chapters 5 and 6 will
enable assessment of these issues, as illustrated in Figure 7.1.
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(a)

(b)

(c)

Figure 7.1: RVE with different numbers of blocks, (a) 20 PAGs with 481 blocks, (b) 20
PAGs with 269 blocks, and (c) 20 PAGs without blocks.

Small amounts of ferrite can induce significant stress concentrations and associated strain
gradients at the ferrite-martensite grain boundaries, as shown in Chapters 4, 5 and 6. It is
also shown in Chapter 6 that a small amount of ferrite can promote micro-crack nucleation
and accelerate material degradation in IC-HAZ at high temperature, leading to the reduced
life of 9Cr-1Mo welded joints. The presence of soft ferrite grains in 9Cr steel can reduce the
LCF life of 9Cr-1Mo steel, leading to acceleration of fatigue crack initiation [35]. In this
work, we have not explicitly predicted fatigue life for the crystal plasticity model of IC-HAZ.
Thus, the prediction of fatigue life from a crystal plasticity model of 9Cr-1Mo IC-HAZ
should be investigated in future work, based on the poly-crystal model of Chapters 5 and 6.
Since the HAZ is small in size (2~3mm) in 9Cr-1Mo weldments, it is very difficult to extract
test specimens and carry out fatigue or other tests for the HAZ sub-regions. Some
experimental methods were proposed for small-scale tests of HAZ material by Hyde et al.
[166, 167] and Touboul et al. [57], e.g. creep test, creep crack growth tests, DIC tests, small
ring tests etc. However, the author is not aware of a corresponding small scale test for fatigue
of 9Cr-1Mo welded sub-regions; this would facilitate the development (via calibration and
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validation) of more accurate computational models. The strain field in each sub-region of
9Cr-1Mo welded joints could then be reflected more accurately through FE methods, which
is critical for predicting fatigue life of HAZ.

7.4 Most Significant Conclusions of This Work
This work provided new insights into the effect of macro-scale and micro-scale
heterogeneities caused by welding of 9Cr-1Mo steel. Some key achievements are
summarized below:
 A time-independent cyclic plasticity model coupled with non-linear kinematic and
isotropic hardening is employed for a multi-material FE analysis, viz，PM，WM and
CW, and the identified parameters are successfully calibrated and validated against
uniaxial HTLCF testing of 9Cr-1Mo steel through the constitutive model. The stressstrain evolutions of uniaxial CW tests illustrate that the plastic strain concentrates at
the interface of PM-HAZ, which is in agreement with the premature failure location
observed.
 The predicted critical location of 9Cr-1Mo welded branch header T-joint under
isothermal conditions is consistent with the location of observed premature cracking
for in-service conditions. Ratchetting in the weldolet-branch and weldolet-header
HAZ at the inner crotch position is predicted under extreme USC TMF operating
conditions.
 Physically-based crystal plasticity FE modelling, focusing on the mixed-phase case
for the IC-HAZ material, demonstrates that a soft ferrite phase, even at a low volume
fraction, can have a significant influence on local stress and strain behaviour. The
heterogeneities at ferrite-martensite grain boundaries are shown to be locations of
significant stress and strain discontinuity with associated stress and strain
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concentrations. The crystallographic orientation was shown to be an important factor
for micro-crack initiation and the subsequent damage evolution. The crystal plasticity
FE modelling also reveals the micro-crack mechanisms in 9Cr-1Mo IC-HAZ, which
is consistent with experimental observations.
 Small volume fractions of softer ferrite are shown to cause a distinct but relatively
small reduction in material strength and ductility at 20 °C; however, the same amount
of ferrite is shown to cause a significantly larger detrimental effect on both ductility
and strength at 625 °C. The significance of this effect is also shown to depend on
crystallographic orientation of the ferrite phase. Thus, the mixed-phase crystal
plasticity models here demonstrate the key role of a small amount of ferrite on microcrack nucleation and accelerated material degradation in IC-HAZ at 625 °C, leading
to reduced life of 9Cr-1Mo welded joints at high temperature. These results, based on
physically-based micro-structure modelling, will provide guidance into optimised heat
treatments for welded martensite components and material design in order to improve
the service life for welded connections in future USC power plant.
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Appendix A: Crystal Rotation Matrix
The Euler angles are generated based on the sample orientation when the EBSD scan is
undertaken. The current work employs three Euler angles to describe a rigid lattice rotation
from the local lattice configuration to any desired configuration. Figure A1 schematically
illustrates the specification of grain orientation in terms of rotations with Euler angles, ϕ1, Ф,
and ϕ2. The rigid rotation is represented by a proper orthogonal tensor, A, as a function of
Euler angles [134].

Figure A1: Schematic illustration of the rigid rotation motion operating on Euler angles to
define the crystallographic orientation [134][134].

The Euler angles can be converted to matrix form by using the rotation matrix Z2, X and Z1
[134]. The rotation matrix describes the crystal direction in term of the reference coordinate
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system, which is usually identical to the specimen reference system. The full rotation can be
given by:

 cosφ1

Z 1 =  sinφ1
 0


− sinφ1 0 

cosφ1 0 ;
0
1 

0
0 
1


X =  0 cosΦ − sinΦ ;
 0 sinΦ cosΦ 



 cosφ 2

Z 2 =  sinφ 2
 0


− sinφ 2
cosφ 2
0

0

0 ;
1 

The three updated Euler angles of a deformed crystal can then be determined from the
orthogonal tensor, A = Z2X Z1 to represent the updated crystallographic orientation.
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